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1. Introduction

This book contains fifteen recent research studies in the broad field of ship structural
design, analysis and degradation, where two studies deal with corrosion degradation
in ship structures, while the remaining contributions belong to three major steps in the
efficient design and analysis of ship structures, i.e., modelling of the environment and
environmental loads, analysis of a ship structural response, and the definition of criteria
for different failure modes of ship structures.

More specifically, the first two works are related to the probabilistic description of
environmental parameters relevant to the analysis of ship structures [1,2], while the other
two cover modelling of the environmental loads [3,4].

A ship structural response is divided into static, quasi-static and dynamic, and one of
the contributions belongs to the latter group, i.e., vibratory ship structural response [5].

The criteria that ship structures should satisfy are identified according to three different
limit states, i.e., ultimate limit state (ULS), serviceability limit state (SLS) and accidental
limit state (ALS). The ULS represents serious failure of ship structures, which has an
immediate impact on the ship’s structural safety. Such a failure is caused by an overload of
the structure, resulting in either a large spread of plasticity, due to the material yielding, or
elastic–plastic buckling collapse, caused by compressive loads. The ULS may be associated
with the structural failure of different components of ship structures, such as the plates and
stiffened panels, or to the whole ship hull girder. Four studies are dedicated to different
aspects of the ultimate strength of ship structures [6–9].

The SLS represents the failure modes that disturb the normal functioning of the ship’s
structural components, although the structural safety is not immediately put in danger.
Excessive structural vibration and fatigue failures of the ship’s structural details are typical
examples of the SLS. One of the studies presented deals with the vibratory response, while
the other two analyze the fatigue capacity of the ship’s structural components [10,11].

The ALS usually refers to the residual strength of the ship’s structures after a marine
accident, i.e., collision or grounding, and two studies are dedicated to these problems [12,13].

Besides fatigue structural failure, corrosion degradation is another important effect that
appears once the coating protection has failed during the ship’s service life. Understanding,
modelling, analyzing and mitigating the corrosion phenomenon are important issues in
the design and maintenance of the ship, as the ship structures should have satisfactory
safety, even at the end of their lifetime. Two studies deal with the modelling and analysis
of corrosion degradation in ship structures [14,15].

In the next section, a brief overview of the papers published in the book is presented,
ordered according to this Introduction.

2. Paper Details

Wind and waves present the main causes of environmental loading on seagoing ships
and offshore structures. A comprehensive description of the wind and wave climate in
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the Adriatic Sea is presented in [1]. The conditional modelling approach, i.e., the marginal
distribution of significant wave height and the conditional distribution of peak period and
wind speed, is used in the study. The model parameters are fitted and presented, while
extreme significant wave heights are evaluated for 20-, 50- and 100-year return periods.
The results are shown for 39 uniformly spaced locations across the offshore Adriatic Sea,
which can serve as an input for almost all kinds of analyses of ships and offshore structures.

Uncertainties in the prediction of extreme waves are presently a concern for the
research community, having important practical implications in the design and operation of
ships and offshore structures. Uncertainty, caused by the choice of probability distributions
and fitting techniques in the analysis of extreme values of wave heights, is discussed in [2].
Methods and fitting techniques are tested on a long-term database for a location in the
Adriatic Sea. The variability of the results and trends of extreme wave height estimates for
long return periods are presented, and the limitations of certain methods and techniques
are pointed out.

The estimation of wind loads on exposed parts of ships and offshore structures rep-
resents a challenging task because of its implications for various aspects of exploitation.
An extended method for estimating the wind loads on container ships is presented in [3],
using the Generalized Regression Neural Network (GRNN). The obtained results are in
favorable agreement with the experimental measurements in the wind tunnel, as well as
with the computational fluid dynamics (CFD) simulation performed.

The computational method for calculating the extreme vertical wave-induced bending
moments on a passenger ship along the shipping route, based on the hindcast database, is
presented in [4]. An operability analysis is performed to account for the ship’s operational
restrictions. Conducting an integrated operability analysis and extreme wave load compu-
tation is the main objective of the study. The method is employed to analyze a passenger
ship sailing across the Adriatic Sea.

The vibratory structural response of connecting beams, using the component mode
synthesis method, is improved in [5]. Polynomials that combine simple and fixed supports
have been proposed to satisfy the boundary conditions at a junction. A comparison with the
finite element results shows that they have good agreement with the method for practical
purposes. The method is useful for the vibration analysis of many local structures in a ship,
such as equipment supports.

The ultimate structural capacity assessment, particularly of the longitudinal strength,
is crucial to ensure the safety of ships, crews, the marine environment, and the cargoes
carried. A review of the references dealing with the collapse strength of the plates, stiffened
panels and the entire hull is provided in [6]. The main contributions of the paper are the
conclusions and suggestions about potential future research in the field.

The ultimate strength of rectangular plates subjected to cyclic load reversals is studied
in [7]. The finite element solution is implemented to estimate the load-carrying capacity,
accounting for the influence of the initial imperfections, plate thicknesses and aspect ratio.
It was found that the uni-modal initial imperfection has a significant impact on the ultimate
capacity reduction.

Residual stresses and the initial imperfections caused by the welding process are
important for the prediction of the ultimate capacity of plates and stiffened panels. It is,
therefore, challenging to predict these effects by using welding simulations when designing
the ship. Recognizing that welding simulations coupled with structural analysis could be
rather complex and time consuming, a simplified procedure for the welding simulations of
a rectangular plate is developed in [8]. The collapse strength of the welded plates is then
compared to the residual stress-free case, both for tension and compression, and including
the initial imperfections. Based on the comparison of the results with codes and most of the
established formulations, conclusions and recommendations about the applicability of the
proposed method are provided.

A finite element method for predicting welding-induced distortion in multi-pass
welding is developed in [9]. The study focuses on the extraction of the equivalent plastic
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strain and heat-affected zone (HAZ) width through 3D thermal elastic–plastic analysis
(TEPA) for each welding pass. The predicted welding distortion is compared with the
measured experimental data, indicating that good agreement can be obtained.

The fatigue strength of T-type specimens under two-step repeating variable ampli-
tude loading conditions is studied experimentally in [10]. Discussions about non-linear
fatigue damage accumulation, and the effect of the interaction between the high- and
low-amplitude loadings on the fatigue life were carried out, and relevant conclusions were
obtained, according to the series of fatigue tests.

Hatch corners, especially those in large bulk carriers, are among the most important
details regarding the potential appearance of fatigue cracks. Small-scale fatigue experi-
ments of hatch corners are, therefore, performed in [11], aiming to investigate the effect
of stress relaxation using shot peening treatment. The results show that the fatigue lives
of the shot-peened ship hatch corner specimens are always longer than those of the un-
treated specimens.

The limit state function for the assessment of the longitudinal strength of damaged
ships under combined bending moments is studied in [12]. As the limit state function
cannot be obtained directly, the results for the residual strength are used for fitting the
approximate limit state function. Various fitting methods have been proposed, and it
is concluded that the weighted piecewise fitting method is the best choice for all the
investigated cases.

The possibility of crack propagation during the towing period of a damaged ship,
and the consequent reduction in the residual longitudinal strength, are investigated in [13].
Fluctuating wave-induced stresses are considered to be the main cause of crack propa-
gation, which is studied using linear elastic fracture mechanics. The proposed method
can be considered as part of the emergency response procedure during the salvage of a
damaged ship.

Using the probabilistic model to estimate the percentage of corrosion depth for the
inner bottom plates of ageing bulk carriers is proposed in [14]. The ratio, considered as
the random variable, of the corrosion rate and the average initial inner bottom plate’s
thickness are studied. Three three-parameter distributions for estimating the cumulative
probability distribution and the probability density function of the random variable are
used. The statistical and empirical results are presented in numerical and graphical form,
and conclusions are provided.

The research study presented in [15] deals with the mechanical behavior of butt-
welded specimens made of shipbuilding steel, exposed to a natural marine environment for
a relatively long period of up to 3 years. Relative mass change, due to corrosion degradation
over time, is observed, along with the calculated corrosion rates. In addition, the corroded
surfaces of specimens are inspected using optical and scanning electron microscopy. It is
concluded that the sea splash generally has the most negative impact on the corrosion rate,
while pit depths are generally the greatest in the heat-affected zone area of the specimen.
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3. Prpić-Oršić, J.; Valčić, M.; Čarija, Z. A Hybrid Wind Load Estimation Method for Container Ship Based on Computational Fluid
Dynamics and Neural Networks. J. Mar. Sci. Eng. 2020, 8, 539. [CrossRef]
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Abstract: Wind and waves present the main causes of environmental loading on seagoing ships
and offshore structures. Thus, its detailed understanding can improve the design and maintenance
of these structures. Wind and wave statistical models are developed based on the WorldWaves
database for the Adriatic Sea: for the entire Adriatic Sea as a whole, divided into three regions and
for 39 uniformly spaced locations across the offshore Adriatic. Model parameters are fitted and
presented for each case, following the conditional modelling approach, i.e., the marginal distribution
of significant wave height and conditional distribution of peak period and wind speed. Extreme
significant wave heights were evaluated for 20-, 50- and 100-year return periods. The presented data
provide a consistent and comprehensive description of metocean (wind and wave) climate in the
Adriatic Sea that can serve as input for almost all kind of analyses of ships and offshore structures.

Keywords: offshore Adriatic Sea; significant wave height; peak period; wind speed; extreme value;
conditional modelling; joint distributions

1. Introduction

Wave (re-analysis) databases, comprising numerical wave model hindcasts and assimi-
lated altimetry satellite data, present a comprehensive state-of-the-art source for analysis of
metocean data that serve as input for the design and assessment of oceangoing vessels and
offshore structures [1]. The WorldWaves database was used in this study to derive wind
and wave statistics for the Adriatic Sea, which is a semi-enclosed sea basin with specific
wind–wave climate. The basin is analyzed as a whole, divided into three regions and at
39 evenly spaced locations. Procedures and concepts applied in the study resulted with en-
vironmental wind and wave models that provide a detailed and structured insight into the
wind–wave climate of this basin. Joint probability distributions of significant wave height
and peak periods and distribution of wind speed to significant wave height are developed
together with extreme wave height estimation for 20, 50 and 100 year return periods.

The obtained results are useful for the design, operation planning, maintenance
and life-time extension of marine-related engineering objects in the Adriatic. Specific
calculations such as: extreme sea states analysis for the design of marine structures [2],
coupled aero- and hydro-dynamic analysis of floating offshore wind turbines [3], long-term
fatigue calculations [4], structural reliability [5] and mooring analyses [6], can benefit from
the input of the developed data. Wave statistics in the Adriatic is also used for exploring
wave energy potential [7,8] and for planning and evaluating the performance of high-
requirement service vessels such as the coastal patrol boat developed for the Adriatic [9].
Safety analysis of a fishing vessel due to roll in a seaway [10] and organization of special
marine operations [11] are other examples where accurate wave statistics for the Adriatic
is indispensable.

In the second half of 20th century, wave statistics in the Adriatic was based on visual
observations collected from merchant and meteorological vessels and published in the
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wave climatology atlas [12]. Wave statistics was rather roughly graphically presented in the
form of wave roses that were later digitalized and studied in terms of extreme values [13].
These data, however, suffer from known inaccuracies of visual wave observations and lack
of extreme events due to heavy weather avoidance by ships [14]. Later, measurements have
been performed from four floating buoys installed along the west coast of the Adriatic [15].
However, these data were recorded and are available only for limited time of 5 years, with
some interruptions due to failure and maintenance. One of the most comprehensive wave-
data sources in general are the measurements from the Aqua Alta oceanographic tower,
located near Venice in the north part of the Adriatic [16]. Although 38 years of continues
uninterrupted measurements are available, they refer only to one specific location and
cannot be used for the whole Adriatic Sea.

The present study represents the first complete wave and wind statistics for the whole
Adriatic Sea, representing progress compared to previous studies [17]. The way the data are
presented enables its application to almost all purposes related to marine structural design
and analysis, as reviewed in the preceding paragraphs. Site specific design (e.g., for offshore
structures) might require spatial interpolation of presented data; however, it can be directly
applicable for the analysis of ships, as they are not confined to a specific location. Particular
attention is paid to the accuracy of calculated extreme values, to avoid too conservative
results that could lead to non-economical and over-dimensioned structures [18].

The paper is organized as follows. Initially, the WorldWaves database, used as the
underlying material for the study, is described in Section 2 along with preliminary data
structuring such as the development of sea-state and wind contingency tables, wave
roses visualizations and example validations against existing buoy data. In Section 3 the
theoretical background of applied methods is presented for the development of the joint
probability distribution models. In Section 4, all model parameters and extreme values are
presented graphically, both regionally and per individual location analyzed. Section 5 gives
a discussion on the results and Section 6 presents the conclusion. At the end of the paper,
Appendix A provides basic data, such as location coordinates and regional subdivision
and Appendix B gives detailed tabulated results that are graphically presented in Section 4.

2. Data

The underlying data used for the analysis of wave and wind climate analysis in
the Adriatic Sea were extracted from the WorldWaves (WW) database. The database
represents numerical wave model hindcasts with assimilated available satellite altimetry
measurements [19,20]. It includes 39 locations, evenly distributed across the Adriatic Sea
with 0.5◦ × 0.5◦ (lat.-long.) spacing, in the period from September 1992 to January 2016.
The underlying numerical wave model WAM (Wave Modelling) is run at the ECMWF
(European Centre for Medium-Range Weather Forecasts) which acts as a European meteo-
rological institute providing numerical atmospheric and ocean forecasts, archiving data
and improving forecasting models. WAM is extensively validated in the literature [21,22].
Satellite altimetry measurements are, in general, validated by in-situ measurements made
with wave buoys and are considered an empirical source of data for larger domains but
lack in continuity as they are confined by individual satellite tracks and overflight times.
WW includes satellite altimetry data from satellite missions taking measurements over the
Mediterranean (i.e., the Adriatic): European Remote Sensing Satellites (ERS-1 and ERS-2),
Ocean Topography Experiment (TOPEX), Geosat Follow-On, Jason and Environmental
Satellite (Envisat).

WW Data Subdivision, Preparation and Preliminary Considerations

A total of 39 locations were available within the WW database for the Adriatic Sea.
The locations were analyzed: individually, grouped into regions (southern, central and
northern Adriatic, according to DHMZ–Croatian Meteorological and Hydrological Service
official subdivision) and joint together for the basin as a whole. Location, their numbering
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and regional subdivision are presented in Figure 1, and exact geographic coordinates are
given in Appendix A Table A1.

 

Figure 1. Studied locations in the Adriatic Sea as available from the WW database.

At each location, 12 physical wave and wind parameters are available at 6-h intervals
(four per day) as presented in Appendix A Table A2 and for each location there are total of
34,460 lines of records.

Maximum recorded significant wave heights, along with accompanying parameters,
were extracted and are presented in Appendix A Table A3. The single highest significant
wave height in the database is recorded at location 9 (E14.5◦–N44.0◦) 16.11.2002, reading
Hs = 6.72 m during southeast wind (local names jugo/scirocco). For comparison, the single
highest wave measured until now along the east coast reads Hmax = 10.87 m off the city
of Dubrovnik on 12.11.2019, associated with the significant wave height of Hs = 4.75 m.
The highest significant wave height so far is measured from the gas platform in the north
Adriatic and reads 7.5 m [23].

Visualization of Hs time series for a one-year period, presented in Figure 2, confirms
expected higher variability during winter months.

An example validation of WW data against available in-situ wave buoy measurement
data from the Italian RON project [15] is shown for Hs and Tp on locations nearby for one
winter month period, in Figures 3 and 4.

The WW and RON locations compared in Figures 3 and 4 are about 26 km apart.
The time series shows a good match, especially for significant wave heights. General Hs
trends match well and peaks coincide. Variations between extremes in Figure 3 can be
accounted to distance between the compared locations (with influence of the coastline
and surrounding orography), to physical and numerical limitations and settings of the
numerical model and measurement buoy properties. Deviations between wave period Tp
records are slightly larger than for Hs. Buoy data for wave periods show local “jumps”
which could suggest that the buoy data possibly need additional filtering.

7
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Figure 2. Hs time series during 2015 at three locations, in North, Central and South Adriatic.

Figure 3. Hs time series from WW database (location 4) and RON buoy “Ancona” (13◦43′10” E–43◦49′26” N).

Figure 4. Tp time series from WW database (location 4) and RON buoy “Ancona” (13◦43′10” E–43◦49′26” N).

To prepare the data for analysis, the following frequency of occurrence tables were
extracted from the WW database:

1. Sea state tables (Hs–Tp), for the following:

• The Adriatic Sea with all location merged as presented in Table 1;
• Adriatic regions as presented in Appendix A (North, Table A4; Central, Table A5;

and South, Table A6);
• Each of the 39 locations individually.

2. Wind speed to significant wave height (uw–Hs), for the following:

• The Adriatic Sea with all location merged as presented in Table 2;
• Adriatic regions (North, Central and South) as presented in Appendix A (North,

Table A7; Central, Table A8; and South, Table A9);
• Each of the 39 locations individually.
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Additionally, the well-known directionality of higher wave height associated with
S-SE winds (jugo/scirocco) and NE winds (bura/bora), as the Adriatic basin specificities due
to the surrounding orography, is confirmed by wave roses. Wave roses for the Adriatic as a
whole are presented in Figure 5.

  
(a) (b) 

 0- 1
 1- 2
 2- 3
 3- 4
 4- 5
 5- 6

 0- 1
 1- 2
 2- 3
 3- 4
 4- 5
 5- 6

Figure 5. Wave roses for the entire Adriatic basin: (a) all sea states and (b) sea states with Hs > 2.5 m.

There is a noticeable amount of smaller N–NW waves accounted to the same direc-
tion (maestral/maestrale) wind—a typical daily coastal circulation, caused by temperature
oscillation between land and sea during summer months, which is important to the leisure
nautical sector due to its predictability and mild character. Regional wave roses are avail-
able in Appendix A Figures A1 and A2 and suggest higher dominance of S–SE waves in
South and Central Adriatic and NE high wave dominance in the North Adriatic region.

3. Methods

The WW data were analyzed in accordance with Det Norske Veritas (DNV) classi-
fication society recommendations for determining environmental conditions and loads
on marine structures [2]. A joint distribution is applied, consisting of a marginal three-
parameter Weibull distribution of significant wave heights and a conditional log-normal
distribution for peak periods. For wind speeds, a conditional distribution is given as
function of significant wave height and described by a two-parameter Weibull distribution.

3.1. Joint Distribution of Significant Wave Height and Peak Periods

Based on sea state tables, both regional and per individual location, a joint probability
distribution model was derived with the aim to optimize the parameters that will later
be used to determine extreme sea states for return periods longer than the database span
and to provide a consistent approach for determination of loads for fatigue and strength
analyses of ships and offshore structures.

CMA approach (Conditional Modelling Approach) is applied for modelling the joint
distribution of significant wave height and peak (spectral) period. In general, this method
defines the probability density function (PDF) by a marginal distribution and a set of
conditional probability densities, each of which is modelled by a parametric function
whose parameters are optimized by mathematical fitting techniques to represent data from
the WW database in the best possible way. The CMA approach of fitting joint distribution
to the wave data was first proposed by Bitner-Gregersen and Haver [24] and discussed
in detail in Reference [25]. It is currently an integral part of standardized engineering
procedures (e.g., Reference [2]) and scientific practice (e.g., Reference [26]).

10
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3.1.1. Marginal Distribution of Significant Wave Height

The proposed CMA model uses the three-parameter Weibull distribution to describe a
PDF of significant wave height Hs as first proposed in Reference [27].

fHS

(
Ĥs
)
=

βHs

αHs

(
Ĥs − γHs

αHs

)βHs−1

exp

⎧⎨
⎩−
(

Ĥs − γHs

αHs

)βHs
⎫⎬
⎭ (1)

where αHs is the scaling parameter, βHs is the shape parameter and γHs is the location param-
eter. The parameters are optimized on linearized scale with the least square method (LSM).

The cumulative 3-parameter Weibull probability density function (CDF) then follows:

F(HS) = P
(

Ĥs < HS
)
= 1 − exp

[
−
(

Ĥs − γHs

)
αHs

]βHs

, HS, Ĥs ≥ γHs (2)

where P
(

Ĥs < HS
)

represents the probability that a certain random significant wave height
Ĥs will take on a value less than HS. Probability of exceedance is than given as

Q
(

Ĥs
)
= 1 − P

(
Ĥs
)

(3)

When a large number of observations are available, as in the WW database, a com-
mon approach is to sort the data into Hs,i bins, as presented in the sea-state tables, e.g.,
Table 1. The empirical probability of exceeding of each bin is then determined by the usual
expression [13]:

Q(Hs,i) =
∑i

j=1 f j

N + 1
(4)

where
i

∑
j=1

f j represents the cumulative frequency of all values equal to or greater than Hs,i,

while N is the total number of observations (the sum of all observations as shown in the
sea state tables).

The theoretical probability P
(

Ĥs,i
)

that Hs,i will not be exceeded can be determined
according to Equation (2). To fit the theoretical distribution to the empirical points, calcu-
lated from the database, the distribution parameters αHs and βHs were optimized using the
least squares method on a linearized double-log scale.

ln(−ln
(

F
(

ˆ(Hs

))
= βHs ∗ ln

(
ˆ(Hs − γHs

)
− αHs ∗ ln(βHs) (5)

Shape and scale parameters are determined from the linearized model coefficients
(y1–slope and y0–ordinate intersection) according to the following:

αHs = y1 (6)

βHs = e−
y0
y1 (7)

The choice of the third parameter—the proper threshold parameter γHs—whilst per-
mitting some data points to lay below is an anomaly that is sometimes dealt with by
discarding (censoring) smallest empirical CDF data points prior to fitting the theoretical
CDF. For example, suggestions given in Reference [5], in order to formalize such an ap-
proach, recommended discarding the data points corresponding to the probability level
F = 0.2 and below, but simultaneously argued that such criterion does not work equally
well on all datasets.

The threshold parameter γHs in this paper is chosen without discarding any data
and in accordance with the procedure given in Reference [28]. The procedure concept is
to test different values of γHs which then obviously affects the quality of the fit. Since

11



J. Mar. Sci. Eng. 2021, 9, 522

the expected relationship in Equation (5) is expected to be linear the assumption is that
the optimal threshold parameter γHs will provide the best possible approximation to a
linear model. This argument is formalized by applying an optimization algorithm to
maximize the coefficient of determination R2, as a statistical measure of accuracy, of a linear
regression on the transformed variables ln

(
ˆ(Hs − γHs

)
and ln(−ln

(
F
(

ˆ(Hs

))
across all

possible threshold values.
It was also noticed that the choice of the bin size used to calculate the empirical

probability of exceedance in Equation (4) has a significant influence on the theoretical
model because it determines the resolution of the empirical CDF data points on which
the theoretical model is fitted. A too-coarse resolution loses precision and increases error,
while too fine resolution results in sporadic empty bins in the upper Hs range thus creating
false points of the empirical cumulative density function that would influence the results
and respective evaluated extremes. After initial testing of model behavior on the analyzed
dataset, the bin size was determined by defining 30 equally spaced bins between the
minimum and the maximum recorded value on each location separately.

3.1.2. Conditional Distribution of Peak Periods Depending on Significant Wave Height

The conditional distribution of peak period Tp based on Hs is modelled by the log-
normal PDF, as first proposed by Bitner-Gregersen and Haver in Reference [24] (see also
Reference [29]):

fTP |HS

(
T̂p
∣∣Ĥs
)
=

1
σ T̂p

√
2 π

exp

{
−
(
lnT̂p − μ

)2

2σ2

}
(8)

where the distribution parameters μ is the mean logarithmic value of the variable μ = E
[
lnTp

]
,

and σ is the standard deviation of the variable logarithmic value σ = std
[
lnTp

]
[16]. Both

parameters are, easy to calculate statistical quantities, dependent on Hs. Since Hs is divided
into bins, according to Table 1, the change of σ and μ calculated for each bin is modelled
as follows:

μ = a0lnHs + a1 (9)

σ = a2 ∗ lnHs + a3 (10)

Coefficients a0, a1, a2 and a3 are calculated for each location individually, regionally
and for the entire Adriatic Sea.

3.2. Joint Distribution of Significant Wave Height and Wind Speed

Like joint distribution of significant wave height and peak period, a statistical model
for joint distribution of significant wave height and wind speed is developed. The wind
speed uw is defined as a variable dependent on the significant wave height, Hs. Although
physically inversing the cause and consequence, such description, together with results
from Section 3.1, presents a complete metocean description dependent on a single variable,
i.e., Hs. Wind speed and direction data are an integral part of the underlying WW database
and refer to the data used by ECMWF to force WAM model. Wind speeds are given at 10 m
above sea level with an assumed duration of 6 h (as for the corresponding sea state).

The conditional distribution of the wind speed as a function of the significant wave
height can be described by the two-parameter Weibull distribution as proposed by Bitner-
Gregersen and Haver [24] and included in DNV RP C-205 [2]:

fU|HS
(uw|Hs) = k

uw
k−1

Uk
c

exp

[
−
(

uw

Uc

)k
]

(11)
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where the scale parameter Uc and the shape parameter k are estimated from the available
data, using the following model:

k = c1 + c2Hc3
s Uc = c4 + c5Hc6

s (12)

3.3. Extremes Values of Significant Wave Height for Long Return Periods

Extreme Hs values, for return periods (RP) longer than the scope of the WW database,
can been evaluated based on using the three-parameter Weibull distribution fit described in
Section 3.1.1. The fitted distribution upper tail is extrapolated to theoretical probability of
exceedance Q(Hs

RP) of a certain Hs value and return period RP. Probability of exceedance
Q(Hs

RP) is generally determined as follows:

Q
(

HRP
s

)
=

TREG
N

∗ 1
RP

(13)

where TREG is the duration of uninterrupted observations within the database (23.5 year),
and N is the total number of data records. Once the 3-parameter Weibull CDF (as given in
Equation (2)) is fitted to data, the significant wave height that will be exceeded once for
certain return period can be determined as its inverse:

HRP
s = αHs ∗

(
−ln
(

Q
(

HRP
s

)))1/βHs
+ γHs (14)

4. Results

Within this section, models parameters, as described in Section 3, fitted to data are
presented graphically for brevity and the same tabulated data are presented in Appendix B.

4.1. Parameters of the Joint Distribution of Significant Wave Height and Peak Wave Periods

The three-parameter Weibull distribution parameters were fitted for each of the 39 lo-
cation, for data merged according to the regional subdivision and for the all location
merged, i.e., the entire Adriatic Sea. An example fitting on a linearized scale, as per
Equation (5), is presented in Figure 6 for location 9, where the maximum Hs was recorded
within the database.

γ

Figure 6. Parameter Weibull parameter fit for marginal distribution of Hs. (E 14.5–N 44.0).

The fit presented in Figure 6 shows an example validation of the model. All 39 location
fits were visually inspected, and the calculated coefficient of determination, R2, ranging be-
tween R2

min = 0.9971 and R2
max = 0.9996, confirms that the model is appropriate. Likewise,

an example fit is presented in Figure 7 of the log-normal distribution fit for a conditional
distribution of peak periods dependent on significant wave height.
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Figure 7. Log-normal conditional distribution fit of Tp on Hs, e.g., Hs = 0.5–1.0 m; E 14.5–N 44.0.

The sea state, Hs and Tp description are completed by determining the mean and the
standard deviation values that define the log-normal distribution for the entire bin range
of Hs, as presented in Figure 8.

μ
σ

Figure 8. Mean and standard deviation for calculation of Tp distribution across Hs bin range;
E 14.5–N 44.0.

The model parameters for the joint distribution of significant wave height and peak pe-
riod are finally presented in Table 3 for regions, and Figures 9 and 10 for individual locations.

Table 3. Model parameters for joint distribution of Hs and Tp. Adriatic regional subdivision.

Region αHs βHs γHs a0 a1 a2 a3

Adriatic Sea 0.553 0.987 0.071 1.7862 5.1201 −0.2003 1.0634
North Adriatic 0.527 0.955 0.076 1.6161 4.8126 −0.2876 1.0508

Central Adriatic 0.659 1.091 0.068 1.8676 5.0563 −0.1995 0.9285
South Adriatic 0.762 1.166 0.091 1.9353 5.2776 −0.1492 1.0775

14
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α
β

γ

α

β

γ

Figure 9. Model parameters for marginal distribution of significant wave height per location.

Figure 10. Model parameters for mean and standard deviation across Hs bin range to model log-normal distribution of
peak period Tp-per location.

For precision, and to enable repeatability and practical usage, numerical parameters
for individual locations are given in Appendix B Table A10.

4.2. Parameters of the Joint Distribution of Wind Speed and Significant Wave Height

For Hs bins, the theoretical distribution of wind speeds proposed by the model in
Equation (11) is derived. The model parameters k and Uc are optimized using the nonlinear
least squares method. An example fit of the two-parameter Weibull distribution of wind
speed for bin Hs = 2.25–2.5 m for the entire Adriatic is shown in Figure 11.
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Figure 11. Fitting the model to WW data; entire Adriatic; Hs,i = 2.25–2.5 m.

By repeating the same procedure for each Hs,i bin, a model of fit parameters k and Uc
is obtained. Their results for the entire Adriatic are presented in Figure 12 as a function
of Hs.

 
Figure 12. Distribution of k and Uc for Adriatic as a whole.

A data scattering of WW data points for the shape parameter k can be seen for higher
Hs values. This feature is even more pronounced having a more detailed look for certain
locations and is due to small amount of data at high Hs. Poor agreement of the statistical
model at higher values also has a negative effect on poorer agreement of the model with
data at lower values. It was found that more than 99.5% of the recorded data are usually
below significant wave height of 3.25–3.75 m. In order to achieve a better agreement
data corresponding to the highest 0.5% Hs were discarded, both for individual locations
analysis and grouped data, having in mind that such filtering makes the model acceptable
for fatigue or seakeeping considerations of offshore structures but not for the extreme
value analysis.

The model parameters for the joint distribution of wind speed and significant wave height
are finally presented in Table 4 for regions, and Figures 13 and 14 for individual locations.

Table 4. Model parameters for joint distribution of Hs and u_w. Adriatic regional subdivision.

Region c1 c2 c3 c4 c5 c6

Adriatic Sea 1.6533 2.2548 1.1557 −0.3633 7.7434 0.5817
North Adriatic 1.6910 1.8402 1.2730 −0.0925 7.4936 0.6245

Central Adriatic 1.4848 2.5383 1.0783 −0.2775 7.7063 0.5978
South Adriatic 1.5796 2.5238 1.0601 −0.2048 7.5145 0.5886
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Figure 13. Model parameters c1–c3 for description of the joint distribution of uw and Hs per location.

Figure 14. Model parameters c4–c6 for description of the joint distribution of uw and Hs per location.

For precision, and to enable repeatability and practical use, parameters for individual
locations are given in Appendix B-Table A11.

4.3. Extreme Wave Heights for Different Return Periods

Once the three-parameter Weibull distribution parameters were evaluated (Table 3),
determining a theoretical significant wave height probability of occurrence, an extreme
Hs value prediction was possible for return periods longer than the initial database by
extrapolating the distribution “upper tail” to an appropriate probability of occurrence
(Equations (13) and (14)). Most probable extreme significant wave heights for 20-, 50- and
100-year return periods, according to regional subdivision, are presented in Table 5.

Table 5. Most probable extreme significant wave height for 20-, 50- and 100-year return periods.

Region RP = 20 Year RP = 50 Year RP = 100 Year

Adriatic Sea 5.94 6.47 6.87
North Adriatic 6.12 6.69 7.12

Central Adriatic 5.64 6.10 6.44
South Adriatic 5.72 6.14 6.46
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The difference between Hs,max_recorded, the recorded maximum within the WW
database and Hs,max_calculated, the most probable theoretical extreme for the exact same
return period as the database, per location, is presented in Figure 15.

Figure 15. Hs comparison, per location, of most probable theoretical extreme and recorded maximum
within WW database (duration 23.5 year).

The average difference between Hs,max_recorded and Hs,max_calculated is 4.1% in
average across all locations with a standard deviation of 4.7%, i.e., Hs,max_calculated
overestimates Hs,max_recorded by 0.23 m in average with a standard deviation of 0.27 m.

For precision, and to enable repeatability and practical use, parameters for individual
locations are given in Appendix B-Table A12.

5. Discussion

The results presented in Section 4 provide parameters for a systematic theoretical
model of wind and wave statistics for the Adriatic Sea. The distributions are fitted to the
data from the WorldWaves database for the period 1992–2016. As such, the results are
limited with precision and accuracy of the underlying database. Each data-acquisition tech-
nique or modelling approach has limitations but the used dataset currently represent the
state-of-the-art by combining a third-generation numerical model hindcast, that provides
the systematic character in space and time, with the available satellite altimetry measure-
ments. If a specific random location would be of interest between the analyzed location,
four-point interpolation can be used. As for the near-shore region, winds and consequent
waves in the Adriatic are highly locally influenced by surrounding land topography, i.e.,
mountains and islands; thus, results should be extrapolated in those regions with care or
used only as boundary conditions for site specific studies.

The applied three-parameter Weibull and log-normal distributions, used for the CMA
approach for joint distribution of significant wave height and peak period, showed excellent
agreement with the data (e.g., Figures 6 and 7). The upper tail of the fit, essential for
extremes evaluation, is always sensitive to fewer data records of high sea states. It thus
caries a greater uncertainty also subject to distribution model choice/data preparation
and parameter-fitting technique [17,30]. The applied method however remains a common
choice and recommendation by classification societies guidelines [2]. The shape and scale
parameters in Figure 9 of the three-parameter Weibull distribution show a slight increasing
linear trend going towards higher location numbers, i.e., towards the south of the Adriatic.
The coefficients for Tp distribution modelling across the Hs range, shown in Figure 10, show
almost constant values and could be used as such. On the other hand, the adequacy of
the chosen linear model for the mean value parameters across the Hs range, as given in
Equations (9) and (10) and presented in Figure 8, exhibits a slight non-linear trend and
considering a higher order model could be beneficial.
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As for the wind speed to significant wave height fit it should be noted that the highest
0.5% of data were filtered out due to high scatter (Figure 12) to improve fit quality but this
makes the model less appropriate for possible upper tail extremes extrapolation. The shape
scale parameter Uc shows greater fit confidence than the shape parameter k across the Hs
range (Figure 12).

In general, the best accuracy is always expected by applying location or region-specific
parameters without generalization as their fit parameters were optimized simultaneously.

Extremes evaluation as presented in Figure 16, noting the location regional subdivision
(North, 1–9; Central, 10–22; South, 23–39), show that highest extremes can be expected in
North and South Adriatic and smaller in the Central Adriatic with several locations (20, 21,
22) in its southeast that are closest to South Adriatic and exposed to SE wind (jugo/scirocco)
show high extremes as well. The highest recorded significant wave height within the WW
database reads 6.72 m (location 9) and the comparable, theoretical, most probable 20-year
calculated on merged data for the entire Adriatic reads 5.94 m, thus being un-conservative
and highlighting issues of generalization.

Figure 16. Most probable extreme significant wave height for RP = 20, 50 and 100 y per location.

6. Conclusions

The paper analyzed the wind and wave WorldWaves database (1992–2016), which
is an assimilation of numerical hindcast and satellite altimetry wave measurements for a
specific wind–wave climate region in the Adriatic Sea. The Adriatic Sea is seeing increasing
commercial activity and is a fragile ecological system due to its relatively small area and
being a semi-enclosed basin deserving thus an in-detail look. Based on the WW database
the models were developed: joint distribution of significant wave height and peak period;
extreme significant wave height for long return periods; joint distribution of wind speed
and wave height. The model parameters and the extremes are presented for each of the
39 uniformly spaced locations (0.5◦ × 0.5◦ lat./long.) across the offshore Adriatic, divided
in three regions (North, Central and South Adriatic) and for the entire Adriatic Sea as a
whole (all location data merged together). The model parameters, as well as the extremes,
can be found presented in paper main body, for the three regions and the Adriatic as a
whole, either as tabulated numerical values or graphically. Locations specific results are,
for brevity, only graphically presented in paper main body and the numerical tabulated
data are provided in the Appendix.

The presented models (Section 3) and optimized model parameters (Section 4/Appendix)
provide a complete description of main wind and wave value statistics. Such data can be
useful for the design, risk-based operation planning, lifetime extension and maintenance
of new and existing seagoing vessels and offshore installations in the Adriatic Sea.
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Appendix A

Table A1. Location numbering and coordinates with regional subdivision.

North Adriatic Central Adriatic South Adriatic

Nb. Latitude Longitude Nb. Latitude Longitude Nb. Latitude Longitude

1 44.5◦ N 12.5◦ E 10 43.5◦ N 14.0◦ E 23 41.5◦ N 16.5◦ E
2 44.5◦ N 13.0◦ E 11 43.0◦ N 14.5◦ E 24 42.0◦ N 16.5◦ E
3 45.0◦ N 13.0◦ E 12 43.5◦ N 14.5◦ E 25 41.5◦ N 17.0◦ E
4 44.0◦ N 13.5◦ E 13 42.5◦ N 15.0◦ E 26 42.0◦ N 17.0◦ E
5 44.5◦ N 13.5◦ E 14 43.0◦ N 15.0◦ E 27 41.5◦ N 17.5◦ E
6 45.0◦ N 13.5◦ E 15 43.5◦ N 15.0◦ E 28 42.0◦ N 17.5◦ E
7 44.0◦ N 14.0◦ E 16 42.5◦ N 15.5◦ E 29 41.0◦ N 18.0◦ E
8 44.5◦ N 14.0◦ E 17 43.0◦ N 15.5◦ E 30 41.5◦ N 18.0◦ E
9 44.0◦ N 14.5◦ E 18 43.5◦ N 15.5◦ E 31 42.0◦ N 18.0◦ E
- - - 19 42.5◦ N 16.0◦ E 32 40.5◦ N 18.5◦ E
- - - 20 42.5◦ N 16.5◦ E 33 41.0◦ N 18.5◦ E
- - - 21 42.5◦ N 17.0◦ E 34 41.5◦ N 18.5◦ E
- - - 22 42.5◦ N 17.5◦ E 35 40.0◦ N 19.0◦ E
- - - - - - 36 40.5◦ N 19.0◦ E
- - - - - - 37 41.0◦ N 19.0◦ E
- - - - - - 38 41.5◦ N 19.0◦ E
- - - - - - 39 40.0◦ N 19.5◦ E

Table A2. Wind and wave parameters available for each location in in the WW database.

Symbol Name Unit

Hs Significant wave height m
θmean Mean wave direction ◦

Tp Peak period of the 1D spectrum s
Tm Mean wave period 1 s

Hs,ww Significant wind–wave height m
θww Mean wind direction. waves ◦

Tm,ww Mean period wind–waves s
Hs,sw Significant wave height of swell m
θsw Mean wave direction of sea ◦

Tm,sw Mean period of swell s
uw Wind speed at 10 m m/s
θw Wind direction at 10 m ◦

1 Tm represents the energy period defined by spectral moments, Tm = m1/m0.
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Table A3. Maximum recoded wave heights, Hs, per location with accompanying parameters. Maximum marked in red.

Latitude/Longitude Year mm dd hh Hs (m) θmean (◦) Tp (s) Tm (s) Uw (m/s) θw (◦)

E12.5_N44.5 2015 2 6 6 5.59 75 9.22 8.35 24.07 55
E13.0_N44.5 1993 1 2 18 6.45 58 8.48 7.40 19.96 55
E13.0_N45.0 1993 1 2 18 5.60 59 7.71 6.64 20.26 54
E13.5_N44.0 1992 12 28 12 6.14 48 7.71 6.85 24.80 53
E13.5_N44.5 1993 1 2 18 6.34 56 7.71 6.97 22.77 55
E13.5_N45.0 1993 1 2 18 5.26 58 7.01 5.97 23.66 54
E14.0_N43.5 2002 11 16 12 5.09 132 8.39 7.07 14.21 141
E14.0_N44.0 2002 11 16 12 6.17 138 8.39 7.16 20.15 144
E14.0_N44.5 2002 11 16 12 6.19 145 7.63 7.00 20.69 148
E14.5_N43.0 2015 3 5 12 6.03 30 8.86 7.92 19.56 34
E14.5_N43.5 2004 11 14 12 5.52 39 8.39 7.98 19.73 40
E14.5_N44.0 2002 11 16 12 6.72 142 8.39 7.15 22.22 146
E15.0_N42.5 2003 12 23 12 5.71 22 8.12 7.40 20.94 22
E15.0_N43.0 2004 11 14 12 5.71 39 9.13 8.19 20.34 50
E15.0_N43.5 2008 12 11 18 5.59 138 9.23 8.35 18.85 150
E15.5_N42.5 2015 3 5 18 5.22 68 8.57 7.65 18.36 68
E15.5_N43.0 2008 12 11 18 5.17 138 9.20 8.12 20.15 148
E15.5_N43.5 2008 12 11 18 5.89 142 9.27 8.17 23.42 138
E16.0_N42.5 1992 12 8 18 5.08 131 8.48 7.55 17.87 149
E16.5_N41.5 1994 1 29 18 5.42 0 8.48 7.56 19.18 3
E16.5_N42.0 2008 12 11 12 5.05 130 9.02 8.00 17.82 143
E16.5_N42.5 1992 12 8 18 6.05 136 8.48 7.67 21.89 145
E17.0_N41.5 1994 1 29 18 5.19 355 8.48 7.66 18.24 6
E17.0_N42.0 1992 12 8 18 5.72 139 7.71 7.39 20.69 149
E17.0_N42.5 1992 12 8 18 6.33 142 8.48 7.65 22.75 143
E17.5_N41.5 1992 10 4 6 5.39 144 7.71 7.27 20.44 148
E17.5_N42.0 1992 12 8 18 6.07 147 7.71 7.39 22.38 146
E17.5_N42.5 1992 12 8 18 6.22 149 8.48 7.49 22.90 143
E18.0_N41.0 2012 1 6 18 5.37 344 8.45 7.58 19.21 354
E18.0_N41.5 2009 3 5 6 6.02 149 9.08 8.05 20.03 152
E18.0_N42.0 1992 10 4 6 5.76 150 7.71 7.41 23.16 138
E18.5_N40.5 2004 3 8 6 5.30 157 9.23 8.03 15.06 154
E18.5_N41.0 2008 12 17 18 5.79 159 9.23 8.19 20.47 158
E18.5_N41.5 2008 11 29 0 6.03 162 9.15 8.04 22.97 153
E19.0_N40.0 2009 1 14 6 6.16 162 11.92 10.15 17.71 138
E19.0_N40.5 2008 12 4 12 6.20 171 10.07 8.79 19.97 167
E19.0_N41.0 2015 1 30 18 5.47 193 9.04 7.73 20.15 196
E19.0_N41.5 2000 12 27 18 5.79 184 9.09 7.90 22.14 179
E19.5_N40.0 2015 1 30 18 5.76 217 9.29 7.93 19.58 201

Sea state tables:
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Table A6. Sea table for South Adriatic region (locations 22–39).

Tp/Hs 0.0–0.5 0.5–1.0 1.0–1.5 1.5–2.0 2.0–2.5 2.5–3.0 3.0–3.5 3.5–4.0 4.0–4.5 4.5–5.0 5.0–5.5 5.5–6.0 6.0–6.5 Sum

0–1 0 0 0 0 0 0 0 0 0 0 0 0 0 0
1–2 0 0 0 0 0 0 0 0 0 0 0 0 0 0
2–3 65,997 25,116 150 0 0 0 0 0 0 0 0 0 0 91,263
3–4 61,670 99,214 13,966 239 3 0 0 0 0 0 0 0 0 175,092
4 -5 16,191 64,419 39,468 8658 433 9 0 0 0 0 0 0 0 129,178
5–6 7011 26,799 28,009 18,890 7251 1094 62 5 0 0 0 0 0 89,121
6–7 4293 12,841 11,137 9591 7998 4634 1525 257 38 4 0 0 0 52,318
7–8 1360 5523 5491 3661 2820 2193 1821 990 305 76 12 4 1 24,257
8–9 529 2246 2529 1974 1311 942 632 461 315 131 49 3 0 11,122
9–10 211 719 856 667 531 394 273 187 126 65 38 16 2 4085

10–11 148 313 348 266 202 114 96 63 40 22 6 2 1 1621
11–12 94 59 84 68 90 31 25 16 10 9 5 2 1 494
12–13 47 17 15 7 7 10 7 7 2 2 1 1 0 123
13–14 0 0 0 0 0 0 0 0 0 0 0 0 0 0
Sum 157,551 237,266 102,053 44,021 20,646 9421 4441 1986 836 309 111 28 5 578,674

Note: 68% of waves are less than 1 m; Hmax = 6.20 m on 04.12.2008, location 19.0◦ E–40.5◦ N, wind SE.

Wave roses:

   
(a) (b) (c) 

 0- 1
 1- 2
 2- 3
 3- 4
 4- 5
 5- 6

Figure A1. Wave roses for all sea states: (a) South Adriatic, (b) Central Adriatic and (c) North Adriatic.

  
 

(a) (b) (c) 

 0- 1
 1- 2
 2- 3
 3- 4
 4- 5
 5- 6

Figure A2. Wave roses with Hs > 2.5 m: (a) South Adriatic, (b) Central Adriatic and (c) North Adriatic

Wind speed to significant wave height simultaneous occurrence tables:
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Appendix B

Table A10. Model parameters for joint distribution of Hs and Tp per location.

Location Latitude Longitude αHs βHs γHs a0 a1 a2 a3

1 44.5◦ N 12.5◦ E 0.4946 0.9278 0.0960 1.6508 4.9038 −0.1349 0.9996
2 44.5◦ N 13.0◦ E 0.5270 0.9174 0.0840 1.5989 4.8663 −0.2394 1.0083
3 45.0◦ N 13.0◦ E 0.4669 0.9277 0.0889 1.4343 4.7483 −0.3082 1.0595
4 44.0◦ N 13.5◦ E 0.5676 0.9551 0.0905 1.5737 4.9547 −0.3390 1.0692
5 44.5◦ N 13.5◦ E 0.5918 0.9709 0.0797 1.5241 4.7550 −0.2468 1.0163
6 45.0◦ N 13.5◦ E 0.4027 0.8991 0.1022 1.4205 4.7214 −0.3020 1.0980
7 44.0◦ N 14.0◦ E 0.5559 0.9996 0.1110 1.5487 4.8686 −0.3226 1.0741
8 44.5◦ N 14.0◦ E 0.6014 1.0001 0.0797 1.5590 4.7616 −0.2930 1.0929
9 44.0◦ N 14.5◦ E 0.5527 0.9864 0.0713 1.6962 4.7527 −0.3482 1.0131
10 43.5◦ N 14.0◦ E 0.6256 1.0219 0.0653 1.6257 5.0742 −0.1880 0.9436
11 43.0◦ N 14.5◦ E 0.6058 1.0498 0.0686 1.7686 5.0812 −0.2032 0.9557
12 43.5◦ N 14.5◦ E 0.5626 0.9730 0.0757 1.7560 5.0967 −0.3474 0.9452
13 42.5◦ N 15.0◦ E 0.6516 1.0504 0.0705 1.7682 5.1241 −0.2000 0.9650
14 43.0◦ N 15.0◦ E 0.6895 1.1006 0.0624 1.8519 5.0259 −0.2664 0.8547
15 43.5◦ N 15.0◦ E 0.6208 1.0658 0.0663 1.8665 5.0121 −0.3965 1.0147
16 42.5◦ N 15.5◦ E 0.6809 1.1377 0.0687 1.7760 5.1141 −0.1846 0.8368
17 43.0◦ N 15.5◦ E 0.7078 1.1593 0.0579 1.7639 4.9854 −0.1436 0.8805
18 43.5◦ N 15.5◦ E 0.6042 1.0587 0.0639 1.9243 4.9109 −0.3730 0.9135
19 42.5◦ N 16.0◦ E 0.7021 1.1666 0.0775 1.8357 5.1016 −0.1805 0.8747
20 42.5◦ N 16.5◦ E 0.5821 1.0806 0.1259 1.9280 5.0423 −0.2165 0.9552
21 42.5◦ N 17.0◦ E 0.7308 1.1965 0.0889 1.9765 5.0861 −0.2935 1.0112
22 42.5◦ N 17.5◦ E 0.7160 1.1083 0.0899 1.8923 5.1747 −0.3226 1.1380
23 41.5◦ N 16.5◦ E 0.7160 1.1924 0.0951 1.7637 5.0261 −0.1872 0.8867
24 42.0◦ N 16.5◦ E 0.7952 1.2018 0.0916 1.9159 5.0582 −0.1821 0.8742
25 41.5◦ N 17.0◦ E 0.7053 1.0845 0.0840 1.7589 5.0221 −0.1577 0.8663
26 42.0◦ N 17.0◦ E 0.7651 1.2108 0.0839 1.8765 5.0093 −0.1148 0.9245
27 41.5◦ N 17.5◦ E 0.7587 1.1403 0.0737 1.7333 5.0756 −0.2276 0.9040
28 42.0◦ N 17.5◦ E 0.6711 1.0414 0.0805 1.8172 5.0981 −0.2826 0.9866
29 41.0◦ N 18.0◦ E 0.8070 1.1981 0.0774 7/1992 5.0700 −0.2865 0.9567
30 41.5◦ N 18.0◦ E 0.8241 1.1597 0.0805 1.8929 5.0848 −0.2553 0.9996
31 42.0◦ N 18.0◦ E 0.7105 1.0937 0.0847 1.8282 5.2537 −0.1942 1.0828
32 40.5◦ N 18.5◦ E 0.7463 1.1540 0.0706 1.9343 5.4101 −0.1318 1.1505
33 41.0◦ N 18.5◦ E 0.8391 1.1704 0.0746 1.9085 5.2676 −0.2317 1.1422
34 41.5◦ N 18.5◦ E 0.7881 1.1276 0.0909 1.9653 5.2621 −0.2896 1.1458
35 40.0◦ N 19.0◦ E 0.7842 1.1158 0.1470 2.3429 5.6666 −0.1459 1.1775
36 40.5◦ N 19.0◦ E 0.7773 1.1160 0.1459 2.0690 5.6052 −0.1609 1.2272
37 41.0◦ N 19.0◦ E 0.7857 1.1541 0.1177 1.8779 5.5497 −0.1404 1.2359
38 41.5◦ N 19.0◦ E 0.6826 1.0750 0.1445 1.8826 5.5057 −0.3257 1.2906
39 40.0◦ N 19.5◦ E 0.7110 1.1167 0.1523 1.9860 5.8377 −0.1993 1.2479

Table A11. Model parameters for joint distribution of uw and Hs per location.

Location Latitude Longitude c1 c2 c3 c4 c5 c6

1 44.5◦ N 12.5◦ E 1.8287 0.8839 1.8706 0.4008 6.5230 0.6874
2 44.5◦ N 13.0◦ E 2.6996 0.4646 2.7946 −0.5785 7.6803 0.5720
3 45.0◦ N 13.0◦ E 2.3739 0.9366 2.3135 −0.3538 7.6986 0.6120
4 44.0◦ N 13.5◦ E 2.8672 0.1021 3.5395 0.3758 6.5210 0.6351
5 44.5◦ N 13.5◦ E 1.3584 2.7997 1.1344 −0.2716 7.7026 0.6375
6 45.0◦ N 13.5◦ E 0.9027 3.3056 0.8464 −0.1105 8.3417 0.6495
7 44.0◦ N 14.0◦ E 3.1583 0.2676 3.0993 0.2633 6.9271 0.6503
8 44.5◦ N 14.0◦ E 1.0656 3.5599 0.9325 −0.4680 8.4683 0.6078
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Table A11. Cont.

Location Latitude Longitude c1 c2 c3 c4 c5 c6

9 44.0◦ N 14.5◦ E 3.4349 0.6648 2.4882 0.0210 7.4633 0.6163
10 43.5◦ N 14.0◦ E 2.2139 0.5802 1.8626 0.7982 5.6484 0.6907
11 43.0◦ N 14.5◦ E 1.7806 1.4912 1.4212 0.1227 6.8980 0.6447
12 43.5◦ N 14.5◦ E 1.6694 2.4990 1.2746 −0.2594 7.3387 0.6164
13 42.5◦ N 15.0◦ E 2.6457 0.4845 2.6885 −0.9321 8.3174 0.5338
14 43.0◦ N 15.0◦ E 1.5558 2.6546 1.3560 −0.4822 7.9338 0.5880
15 43.5◦ N 15.0◦ E 0.0975 5.3749 0.7278 −0.8914 8.5053 0.5586
16 42.5◦ N 15.5◦ E 2.4763 1.0616 2.0036 −0.1806 7.3984 0.6108
17 43.0◦ N 15.5◦ E 1.3398 3.2645 1.2099 −0.1325 7.6290 0.6445
18 43.5◦ N 15.5◦ E 0.6012 4.7120 0.7377 −0.8361 9.6300 0.5546
19 42.5◦ N 16.0◦ E 2.3045 1.6842 1.6936 −0.0628 7.4353 0.6090
20 42.5◦ N 16.5◦ E 1.5565 2.9451 1.1911 −0.4995 7.9883 0.5610
21 42.5◦ N 17.0◦ E 0.4484 4.3941 0.6586 −0.8094 8.3739 0.5384
22 42.5◦ N 17.5◦ E 2.7019 1.4317 1.6042 −2.2645 10.0111 0.4218
23 41.5◦ N 16.5◦ E 1.9212 2.1902 1.3027 −0.4685 8.0142 0.5814
24 42.0◦ N 16.5◦ E 2.5028 1.9846 1.5132 −0.4024 7.7330 0.5345
25 41.5◦ N 17.0◦ E 1.4263 3.3137 0.9603 0.1137 7.2428 0.6201
26 42.0◦ N 17.0◦ E 1.3069 3.4433 1.0381 −0.3364 7.3625 0.5786
27 41.5◦ N 17.5◦ E 1.6107 2.7539 1.1409 −0.3586 7.5308 0.5811
28 42.0◦ N 17.5◦ E 1.1066 3.3096 1.0187 −0.9027 8.2040 0.5321
29 41.0◦ N 18.0◦ E 2.1302 2.0997 1.4768 −0.3466 7.5308 0.5733
30 41.5◦ N 18.0◦ E 2.3992 1.4794 1.8260 −0.2249 7.2957 0.5767
31 42.0◦ N 18.0◦ E 3.2241 0.2731 3.1053 −0.9730 8.2339 0.5187
32 40.5◦ N 18.5◦ E 3.7825 0.1902 3.4631 −0.5351 7.8737 0.5565
33 41.0◦ N 18.5◦ E 1.9557 2.2628 1.3792 −0.2943 7.2896 0.5987
34 41.5◦ N 18.5◦ E 1.8915 2.0273 1.3252 −0.2834 7.3117 0.6024
35 40.0◦ N 19.0◦ E 1.5075 3.0655 0.8516 −1.6956 9.6439 0.4664
36 40.5◦ N 19.0◦ E 3.4256 0.4636 2.4093 −0.4509 8.2005 0.5608
37 41.0◦ N 19.0◦ E 1.9585 1.7032 1.4485 −1.0247 8.4629 0.5470
38 41.5◦ N 19.0◦ E 2.2952 1.0621 1.7132 −1.1432 8.9021 0.5206
39 40.0◦ N 19.5◦ E 2.6826 0.8658 1.5144 0.6763 7.0036 0.6234

Table A12. Most probable extreme significant wave heights, HsRP (m), for various return periods.

Location Lat. Long. ~23 y Recorded 5 y 10 y 20 y 50 y 100 y

1 44.5◦ N 12.5◦ E 5.59 5.31 5.75 6.19 6.78 7.23
2 44.5◦ N 13.0◦ E 6.45 5.79 6.28 6.77 7.42 7.92
3 45.0◦ N 13.0◦ E 5.60 5.01 5.43 5.85 6.40 6.82
4 44.0◦ N 13.5◦ E 6.14 5.69 6.14 6.60 7.21 7.67
5 44.5◦ N 13.5◦ E 6.34 5.70 6.15 6.61 7.21 7.66
6 45.0◦ N 13.5◦ E 5.26 4.68 5.08 5.48 6.02 6.42
7 44.0◦ N 14.0◦ E 5.09 5.06 5.45 5.83 6.34 6.73
8 44.5◦ N 14.0◦ E 6.17 5.43 5.85 6.26 6.81 7.23
9 44.0◦ N 14.5◦ E 6.19 5.14 5.54 5.94 6.47 6.87

10 43.5◦ N 14.0◦ E 6.03 5.38 5.78 6.18 6.72 7.12
11 43.0◦ N 14.5◦ E 5.52 4.93 5.29 5.65 6.12 6.47
12 43.5◦ N 14.5◦ E 6.72 5.39 5.82 6.25 6.81 7.24
13 42.5◦ N 15.0◦ E 5.71 5.29 5.68 6.06 6.57 6.95
14 43.0◦ N 15.0◦ E 5.71 5.09 5.44 5.79 6.25 6.60
15 43.5◦ N 15.0◦ E 5.59 4.89 5.24 5.59 6.06 6.40
16 42.5◦ N 15.5◦ E 5.22 4.72 5.04 5.35 5.76 6.07
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Table A12. Cont.

Location Lat. Long. ~23 y Recorded 5 y 10 y 20 y 50 y 100 y

17 43.0◦ N 15.5◦ E 5.17 4.72 5.03 5.34 5.75 6.05
18 43.5◦ N 15.5◦ E 5.89 4.83 5.18 5.52 5.98 6.33
19 42.5◦ N 16.0◦ E 5.08 4.65 4.95 5.25 5.65 5.94
20 42.5◦ N 16.5◦ E 5.42 4.53 4.84 5.16 5.57 5.88
21 42.5◦ N 17.0◦ E 5.05 4.63 4.92 5.21 5.59 5.88
22 42.5◦ N 17.5◦ E 6.05 5.23 5.59 5.95 6.42 6.77
23 41.5◦ N 16.5◦ E 5.19 4.57 4.86 5.15 5.53 5.81
24 42.0◦ N 16.5◦ E 5.72 4.99 5.31 5.62 6.03 6.33
25 41.5◦ N 17.0◦ E 6.33 5.38 5.75 6.13 6.63 7.00
26 42.0◦ N 17.0◦ E 5.39 4.74 5.03 5.33 5.71 6.00
27 41.5◦ N 17.5◦ E 6.07 5.23 5.58 5.93 6.38 6.73
28 42.0◦ N 17.5◦ E 6.22 5.55 5.96 6.37 6.91 7.31
29 41.0◦ N 18.0◦ E 5.37 5.08 5.40 5.72 6.14 6.45
30 41.5◦ N 18.0◦ E 6.02 5.51 5.87 6.23 6.70 7.05
31 42.0◦ N 18.0◦ E 5.76 5.33 5.70 6.07 6.55 6.92
32 40.5◦ N 18.5◦ E 5.30 5.03 5.36 5.69 6.12 6.45
33 41.0◦ N 18.5◦ E 5.79 5.50 5.86 6.22 6.68 7.03
34 41.5◦ N 18.5◦ E 6.03 5.57 5.94 6.32 6.81 7.17
35 40.0◦ N 19.0◦ E 6.16 5.71 6.09 6.48 6.98 7.36
36 40.5◦ N 19.0◦ E 6.20 5.66 6.04 6.42 6.92 7.29
37 41.0◦ N 19.0◦ E 5.47 5.34 5.69 6.04 6.49 6.83
38 41.5◦ N 19.0◦ E 5.79 5.36 5.74 6.11 6.60 6.97
39 40.0◦ N 19.5◦ E 5.76 5.19 5.54 5.88 6.34 6.68
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5. Parunov, J.; Rudan, S.; Ćorak, M. Ultimate hull-girder-strength-based reliability of a double-hull oil tanker after collision in the
Adriatic Sea. Ships Offshore Struct. 2017, 12 (Suppl. S1), S55–S67. [CrossRef]
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Abstract: Studies on the extrapolation of extreme significant wave height, based on long-term
databases, are extensively covered in literature. An engineer, working in the field of naval architecture,
marine engineering, or maritime operation planning, when tackling the problem of extreme wave
prediction, would typically follow relevant codes and standards. Currently, authorities in the field of
offshore operation within its guidelines propose several methods: the initial-distribution, extreme
value, and peak-over threshold approaches. Furthermore, for each proposed method, different
mathematical fitting techniques are applicable to optimize the candidate distribution parameters: the
least-square method, the method of moments, and the maximum likelihood method. A comprehensive
analysis was done to determine the difference in the results depending on the choice of method and
fitting technique. All combinations were tested on a long-term database for a location in the Adriatic
Sea. The variability of the results and trends of extreme wave height estimates for long return periods
are presented, and the limitations of certain methods and techniques are noted.

Keywords: extreme significant wave height; initial-distribution; peak-over-threshold;
annual-maximum; Adriatic Sea

1. Introduction

Wave statistics are typically considered on a short-term or long-term scale. Long-term statistics,
considered in this paper, are typically obtained based on gathered observation data that are collected
during a long period of time or based on data from numerical wave model hindcasts. For engineering
purposes, e.g., fatigue or mooring analysis, the needed met-ocean data can be directly extracted
from histograms of recorded data. Extreme values, on the other hand, usually fall outside the
time range of available databases and have to be extrapolated. The accurate prediction of these
extremes is indispensable for the risk-based design and operation of ships and offshore structures [1].
Bitner-Gregersen et al. [2] provided an overview of state-of-the-art in sea state analysis by covering
topics from wave data acquisition and wave modelling to the application of results in terms of loading
input for ships and offshore structural design. When considering wave loading, it is important to keep
track of the associated uncertainties. The importance of uncertainties for the matter is recognized by the
two most relevant research organization related to ships and offshore structures, namely International
Ship and Offshore Structure Congress (ISSC) and International Towing Tank Conference (ITTC).
They established a specialists’ committee focused on different types of uncertainties. Related research
resulted in series of USMOS (Uncertainty Modelling for Ships and Offshore Structures) workshops [2].
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The prediction of extreme significant wave height at a location of interest and for a return period
larger than the scope of the available data is done by fitting a theoretical cumulative distribution
function F(x) through the available data points and then extrapolating it to the desired probability of
occurrence. The cumulative form F(x) of the distribution function is typically used because it is easily
linearized by an appropriate scale and plotted as a straight line that facilitates visual fit evaluation.

There is no unique standard approach prescribed in a state-of-the-art scientific analysis or in
engineering for long-term, extreme significant wave heights prediction [3–5]. Suggested approaches
differ in which data they employ, which theoretical distribution is fitted, and which mathematical
technique is applied to optimize the fit parameters. Guedes Soares and Henriques [6] reviewed
and compared three different fitting techniques for a three-parameter-Weibull distribution on the
same dataset. Guedes Soares and Scotto [7] provided a comprehensive literature overview of the
uncertainties concerning wave statistics and performed a case study that applied the annual maximum
and the peak-over-threshold approaches. Ferreira and Guedes Soares [8] modelled the significant wave
height distribution with gamma and beta models, and they covered different distribution tail types
for the extreme value theory. Vanem [9] explored uncertainties arising from the distribution choice,
the same three methods covered in this paper, on a case study for a location in the North Atlantic for
one historical and two future scenarios. The underlying data he used were the results from the WAM
wave model, and conclusions were directed at climate change implications. Uncertainty analyses of
extreme significant wave height estimations were also done in case studies for the Barents Sea [10],
the Norwegian continental shelf, and offshore Alaska [11]. Alternative fitting techniques, such as the
genetic optimization algorithm, were tested for estimations of extreme sea states (e.g., [12]).

This study employed three different approaches and three mathematical parameter fitting
techniques in parallel. The approaches were the initial distribution (ID) approach with the
three-parameter Weibull distribution, the annual maximum (AM) approach with the Gumbel
distribution, and the peak-over threshold (POT) approach with the exponential distribution.
The three-parameter Weibull distribution (ID approach) is an assumed empirical model while the
Gumbel and exponential distributions (used in the AM and POT approaches, respectively) have
theoretical justification in extreme value theory (EVT). The Gumbel distribution (AM approach) is a
special case of the extreme value distribution (EVD) if the distribution of extremes has an exponential
tail. Similarly, the exponential distribution (POT approach) is a special case of the generalized Pareto
distribution (GPD). Therefore, the AM and POT methods, as employed in the paper, become compatible
with each other within the EVT framework, and, thus, comparisons are significant. Each approach
assumes a different preparation of the underlying data, and the underlying Oceanor WorldWaves
23-year database used for the case study is abundant for all three approaches. The mathematical fitting
techniques tested for each approach were as follows: the least squares method (LSM), the method of
moments (MoM), and the maximum likelihood estimator (MLE). The approaches and fitting techniques
were chosen according to current Det Norske Veritas–Germanischer Lloyd (DNV–GL) classification
society guidelines applied by engineers when designing structures that require wave loading and
statistics as load inputs. DNV–GL is one of the top engineering authorities for offshore structure design.
A combination of three approaches and three fitting techniques yielded eight different fits (not nine,
since the MoM and MLE fitting techniques produced identical results for the POT approach). Each fit
estimated different extreme significant wave height for a 50- and 100-year return period, thus giving a
sense of uncertainties corresponding to approach and fitting technique choice.

The aimed contribution of this paper was to provide a comprehensive systematic analysis of
different “recommend practice” approaches and fitting techniques proposed by a relevant engineering
authority. The difference in the results represented a loss of accuracy due to the arbitrary choice of the
approach and the fitting technique applied. These uncertainties are discussed, and their mutual trends
are determined depending on the return period. A theoretical extreme for a 23-year return period was
also calculated as a verification value, as it fell within the scope of the database and could thus be
directly compared.
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In the following chapters, the theoretical overview and the governing equations are given,
followed by the results and the discussion. Section 2 explains how estimation of the probability of
non-exceedance is assigned to empirical datasets. Main features and governing equations are listed
for the ID, AM, and POT approaches. Relevant expressions are given for the evaluation of significant
wave heights for long return periods based on the fitted theoretical candidate distribution. In Section 3,
relevant datasets are extracted from the underlying database and presented in line with the theoretical
definition of each approach. For each approach, theoretical distribution fit parameters are reported,
and a goodness-of-fit evaluation is presented. In Section 3.4, estimations of significant wave heights
are calculated for 50- and 100-year return periods for each theoretical fit. The difference in results is
commented upon and uncertainty trends are estimated in Section 4.

2. Methodology

The present study was based on a 23-year database provided by Fugro Oceanor—WorldWaves atlas.
The database was originally obtained as a numerical hindcast performed by the third-generation wave
model WAM by ECMWF (European Centre for Medium-Range Weather Forecast) and calibrated with
satellite altimetry measurements collected from eight different satellite missions: Geosat (1986–1989),
Topex (1992–2002), Topex/Poseidon (2002–2005), Jason (2002–2008), EnviSat (2002–2010), Geosat
Follow-On (2000–2008), Jason-2 (2008–on-going), and Jason-1s (2009–2012) [13,14]. The database
represents a state-of-the-art [2], comprehensive, and systematic (in space and time) source of wave data
for the offshore Adriatic Sea basin, as it reports twelve different wave and wind physical parameters
in 6 h intervals at 39 locations (Figure 1). Numerically modelled wave data and collected altimetry
data joined in a combined dataset were reported with a spatial resolution of 0.5◦ × 0.5◦ lat./long.,
starting from September 1992 to January 2016. The chosen location for the comparative analysis:
lat./long. coordinates 13.5◦ E–45.0◦ N are located close to Croatian gas fields in the north of the Adriatic
Sea. Different methods and fitting techniques were applied for estimating the most probable extreme
significant wave heights (Hs) for 50-year and 100-year return periods.

 

Abbr. Name Unit 
SWH Significant wave height m 
MDIR Mean wave direction deg 
PP1D Peak period of 1D spectra s 
MWP Mean wave period s 

SHWW Sign. height of wind waves m 
MDIRW Mean direction of wind waves deg 
MPWW Mean period of wind waves s 

SHPS Sign. height of primary swell m 
MDIRS Mean direction of primary swell deg 
MPPS Mean period of primary swell s 

WINDSP Mean wind speed at 10 m height m/s 
WDIR Mean wind dir. at 10 m height deg 

 

(a) (b) 

Figure 1. (a) Wave database locations in the Adriatic Sea; (b) available wave and wind physical
parameters at each location.

Different approaches (ID, AM, and POT) implied different data preparation methods. Thus,
as a first step, the appropriate significant wave height Hs data were extracted from the underlying
database. The ID approach used all Hs data points, although a lower cut-off threshold can sometimes
be introduced [5]. The AM approach implied that only the yearly Hs maximums were to be used for
the analysis. Finally, the POT method meant that the analysis was based on the maximum values
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(peaks) of storm events that are mathematically defined as an uninterrupted number of Hs values that
exceeded a certain threshold.

After identifying and extracting Hs datasets for each approach from the underlying database,
the probability of HS, i not exceeding the value HS, i was assigned to each data point.

For the ID approach, due to a large number of observations, the data were grouped into bins for
easier manipulation, and the non-exceedance probability Pr{HS, i < HS, i}, with HS, i being the lower
limit of the bin), was evaluated by:

Pr
{
HS, i < HS, i

}
= ni/(N + 1), (1)

where ni is the cumulative number of observation lower than Hs, i and N is the total number
of observations.

For the other two approaches, AM and POT, where the number of values in the extracted dataset
was relatively small, Pr{HS, i < HS, i} was evaluated according to Gringorten [15] and Goda [16] as:

Pr
{
HS,i < HS,i

}
= 1− (i− 0.44)/(N + 0.12) , (2)

where i is the ranking number of the observation, with i = 1 starting from the highest.
Alternative formulations of Equation (2) exist (e.g., in [5]) for calculating Pr{HS, i < HS, i} for

small datasets. However, when they were tested and compared to the AM-dataset of 23 data points,
they proved to produce very small differences that were not considered significant.

After the probability of non-exceedance was assigned to the empirical Hs data points, the theoretical
cumulative density functions F(x) of the candidate distributions were fitted by optimizing the
distribution parameters.

2.1. The Initial Distribution Approach—Three Parameter Weibull Distribution

The ID approach, in terms of analysis strategy, is considered a global model according to the
DNV–GL [7] division of approaches. It is also called an all-sea-state model, meaning that all data are
used without censoring. This is favorable from the point that a large amount of data are available
for the analysis, but it also has certain drawbacks. Since the entire dataset was used, the consecutive
significant wave heights are correlated. According to the underlying statistical theory, they should be
independent. Furthermore, if a larger area at sea is considered, a correlation exists between neighboring
locations, as waves propagate from one location to another. Mansour and Preston [17] pointed out
this phenomenon for the Global Wave Statistics dataset. Furthermore, the dataset values should be
identically distributed. This is not the case with ocean waves that arrive from different physical sources,
e.g., wind waves and swells. However, the Adriatic Sea, used for this case study, has a wave climate
dominated by wind waves [18], as significant swell influence is disabled by its enclosed boundaries.
Finally, an unfavorable characteristic of the ID approach for long return period estimations is that the
theoretical distribution fitting is largely influenced by the bulk data recorded for lower significant
wave heights. This can bias the fit and make it more unreliable for large wave heights, both of which
can be avoided by introducing a lower cut-off threshold.

The suggested theoretical distribution for the ID approach is the three-parameter-Weibull
distribution, presented here by its cumulative distribution function (CDF) in Equation (3):

F(x) = 1− exp
[
−
(x− θ
α

)β]
, x > 0 (3)

where α is the scale parameter, β is the shape parameter, and θ is the location parameter (lower cut-off
threshold).
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2.2. The Annual Maximum Approach—Gumbel Distribution

The annual maximum approach can be considered as a variation of the so-called “event-based
approach.” Rather than using all available data within the dataset, only annual extremes of significant
wave height, Hs,AM, were extracted. Thus, 23 maximums were extracted from the database. Such a
dataset, according to the extreme value theory, corresponds well with the generalized extreme value
(GEV) distribution. Moreover, if the parent distribution is the Weibull distribution, GEV can be reduced
to the Gumbel (Fisher–Tippett Type I, FT-I) distribution given by its CDF in Equation (4):

F(x) = exp
[
− exp

(
−x− α
β

)]
, (4)

where α and β are the distribution parameters to be determined such as for the theoretical distribution
to best fit the available empirical dataset.

2.3. The Peak-Over-Threshold Approach—Exponential Distribution

For the POT approach, the exponential distribution was chosen according to the World
Meteorological Organization suggestions [5–7]. Its CDF reads:

F(x) = 1− exp
[
−x− h0

α

]
, x > 0 (5)

where α is the distribution parameter that should be determined so that the theoretical distribution
fits best the available empirical dataset and h0 is the chosen threshold. Aside from the exponential
distribution, the Pareto theoretical distribution can also be applied—but with caution [7].

2.4. Fitting Techniques

Fitting theoretical candidate distributions to the extracted empirical data points was achieved by
optimizing the distribution parameters. The optimizations were performed with the three specified
mathematical techniques: the least square method (LSM), the method of moments (MoM), and the
maximum likelihood method (MLE). The analysis was done within the MATLAB software environment.

The LSM is generally a problem of finding a vector that is a local minimizer of the
sum-of-squared-errors function [3]. The problem is linearized by the introduction of log or double-log
scales, as suggested by WMO (World Meteorological Organization) probability paper [6].

The MoM method relies on the statistical properties of the respective distribution. The parameters
are calculated based on rearranged equations for statistical moments (mean, variance, and higher order
moments).

The MLE technique is based on the assumption that the chosen parameters maximize the likelihood,
or log-likelihood, function [13]. It is generally considered as the best fitting method because it is
asymptotically the most efficient [19].

2.5. Estimation of Significant Wave Height at Specified Return Periods

Once the theoretical distributions were fitted, the significant wave height to be exceeded during
within an arbitrary return period was evaluated by:

For the ID approach with the three-parameter-Weibull distribution:

HRP
S = α

(
− ln

(
Q
(
HRP

S

)))1/β
+ θ, (6)

where Q(Hs
RP) is the probability of exceeding a certain Hs in a specified return period:

Q
(
HRP

S

)
= 1− FHmax =

Δt
24× 365.25

× 1
TR

, (7)
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with Δt being the assumed sea state duration in hours (6 hours is consistent with the underlying
database) and TR is the return period in years. Attention should be paid when selecting Δt, as different
intervals are encountered in different databases. For example, within the WorldWave atlas (WWA), the
sea state duration reporting interval is assumed to be 6 h. DNV–GL [7] suggests using 3-h intervals.
When using data from the Global Wave Statistics (GWS), users are advised to select sea state duration
of 3 h. However, this is theoretically inconsistent, as the recording interval of each sea state in GWS is
basically unknown.

For the AM approach with the Gumbel distribution:

HRP
S = α− β× ln

(
− ln

(
F
(
HRP

S

)))
, (8)

F
(
HRP

S

)
= 1−Q

(
HRP

S

)
= 1− 1/TR, (9)

For the POT approach with the exponential distribution:

HRP
S = h0 − α× ln

(
Q
(
HRP

S

))
, (10)

Q
(
HRP

S

)
= 1− FHmax =

1
λh0
× 1

TR
, (11)

where λh0 is the yearly cluster rate estimated by the average number of storms/peak excesses per year.
If the underlying database has no recording gaps, as was the case in this study, the yearly cluster rate
is calculated in a straightforward way by of dividing the total number of identified peaks with the
number of years in the database.

3. Results

3.1. The Initial Distribution Approach

Initially, for the ID approach, a large dataset was sorted into bins depending on significant wave
height and peak period, as presented in Table 1.

Table 1. Sea state table: peak period Tp and significant wave height Hs, 1993–2016, at 13.5◦ E–45.0◦ N.
The values are color shaded white to red, with red intensity denoting higher number of occurrence.

Tp/Hs 0.0–0.5 0.5–1.0 1.0–1.5 1.5–2.0 2.0–2.5 2.5–3.0 3.0–3.5 3.5–4.0 4.0–4.5 4.5–5.0 5.0–5.5 5.5–6.0 6.0–6.5 Sum

0–1 0 0 0 0 0 0 0 0 0 0 0 0 0 0
1–2 0 0 0 0 0 0 0 0 0 0 0 0 0 0
2–3 10,422 2508 59 0 0 0 0 0 0 0 0 0 0 12,989
3–4 3584 4500 982 91 3 0 0 0 0 0 0 0 0 9160
4–5 1302 1628 1027 480 119 6 1 0 0 0 0 0 0 4563
5–6 1213 905 491 313 202 79 20 2 0 0 0 0 0 3225
6–7 565 602 257 122 55 47 15 12 5 0 0 0 0 1680
7–8 164 164 117 81 39 17 10 2 5 5 3 0 0 607
8–9 78 52 14 12 12 9 4 3 0 1 0 0 0 185
9–10 19 14 5 2 3 1 0 2 0 0 0 0 0 46
10–11 12 5 0 0 0 0 0 0 0 0 0 0 0 17
11–12 11 1 0 0 0 0 0 0 0 0 0 0 0 12
12–13 4 0 0 0 0 0 0 0 0 0 0 0 0 4
13–14 0 0 0 0 0 0 0 0 0 0 0 0 0 0

Sum 17,374 10,379 2952 1101 433 159 50 21 10 6 3 0 0 32,488

Significant wave heights, in Table 1, were sorted into 0.5-m bins for presentation clarity, but for the
analysis itself, the database was divided into 100 bins between the lower threshold and the highest wave
height. A lower threshold cut-off value of 0.25 m was introduced in order to facilitate the convergence
of the fitting procedure for the candidate distribution. The choice of the number of bins, when altered,
was noted to slightly affect the convergence behavior of the algorithms and parameter values.

The specified fitting techniques were applied, and the obtained parameters are presented in
Table 2.
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Table 2. Initial distribution (ID) approach estimated parameters for three-parameter-Weibull
distribution. LSM: least squares method; MoM; method of moments; and MLE: maximum likelihood
estimator.

Parameters LSM MoM MLE

Θ, location 0.260 0.250 * 0.250
α, scaling 0.412 0.433 0.444
β, shape 0.903 0.943 1.000 **

* manually set, lower threshold of significant wave heights (Hs); ** manually set in order to avoid MLE
convergence problems.

Initially, the goodness-of-fit (GOF) was inspected visually. The empirical points and theoretical fit
were plotted in an appropriate, double-log scale (probability paper by WMO [6])—the points arrange
along a straight line that facilitates “by eye” evaluation. The fit obtained by the LSM method is
presented in Figure 2.
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Figure 2. Long-term Weibull distribution of significant wave height for years 1993–2015 at 13.5◦
E–45.00◦ N. Straight line represents best-fit candidate distribution (LSM method). Parameter “loc” on
the vertical axis stands for the location parameter Θ. Complete range (a). Higher values (b).

All fits (LSM, MoM, and MLE) in a non-linearized scale passed visual inspection. However, upon
closer inspection, on a linearized scale and zoomed around higher, i.e., Hs values, a deviation was
evident between the empirical and the theoretical results. Consistency at higher values was especially
important, since this part of the curve was extrapolated for evaluating Hs at return periods longer than
the database duration. The calculated Hs values for the 23-year return periods are compared later with
the maximum empirical recorded significant wave height from the database that reads Hs,max = 5.26 m.

Numerical goodness-of-fit values, presented in Table 3, confirmed an excellent fit with all methods.

Table 3. Goodness of fit (GOF)—ID approach.

GOF LSM MoM MLE

SSE 0.0024 0.0025 0.0045
R-square 0.9992 0.9992 0.9985
Adjusted R-square 0.9992 0.9992 0.9985
RMSE 0.0050 0.0050 0.0068

With SSE—sum squared error; R-square—coefficient of determination; and RMSE—root mean square error.
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Residuals calculated and obtained by different fitting techniques are compared and presented in
Figure 3.

(a) 

(b) 

(c) 

Figure 3. Residuals plot, ID approach. LSM (a); MoM (b); MLE (c).

The residuals plot (Figure 3) shows that most of the error was made for smaller wave heights,
while wave heights above 2 m were very well described by the theoretical CDF. This “upper tail” of the
curve was more important for extrapolating significant wave height values for return periods outside
the scope of the database.

Certain limitations were noted with the MoM and MLE fitting techniques when used on this
specific case study dataset for a location in the Adriatic Sea. These drawbacks are explained in the
following two paragraphs.

The simultaneous optimization of all three parameters with the MoM fitting technique proved to
be cumbersome. In theory, it would require the introduction of higher order moment statistics (e.g.,
skewness) that are more variable and more likely to result in a poor estimate [20]. Different approaches
have been proposed in literature; some of them are hybrid—meaning that the proposed algorithm is a
combination of the MoM and some other technique. In general, examples in the literature of fitting the
three-parameter-Weibull distribution with the MoM technique are scarce. Thus, instead of performing
the simultaneous optimization of all three parameters, the location parameter was set manually as the
lower cut-off threshold. Significant wave heights smaller than the cut-off-threshold were discarded
prior to fitting. The other two parameters were then straightforward to determine.

The MLE, expected to be superior to other techniques, proved to be inapplicable on the specific
dataset due to the shape parameter β converging to a value smaller than 1. When this occurred, the

38



J. Mar. Sci. Eng. 2020, 8, 259

probability density function approached infinity as Hs went to the value of the location parameter.
This can be seen from the log likelihood function.

Λ = N ln(β) −N β ln(α) + (β− 1)
N∑

i=1

ln(xi − θ) −
N∑

i=1

(xi − θ
α

)
, (12)

which was to be maximized by varying the parameters. It is evident that when θ goes to xmin, ln(xmin −
θ) goes to −∞; and if β is less than 1, then (β − 1)ln(xmin − α) goes to +∞. Thus, it is always possible “to
find” a larger likelihood value, and convergence cannot be achieved. To avoid this issue, the lower
bound of the shape parameter was set to 1. The method reached a solution, though it did so with a
poorer fit compared to the LSM method. To verify this issue, ocean wave scatter diagrams available in
DNV–GL (2017) were checked. It was found that the shape parameter of the three-parameter-Weibull
distribution never showed values lower than 1 for the defined global nautical zones. The shape
parameter was also calculated for several other locations in the Adriatic, converging to values around
or lower than 1. This was, therefore, a specific problem of the local sea basin discarding the MLE fitting
technique within the ID approach for the Adriatic Sea.

3.2. Annual (Monthly) Extreme Approach

The dataset extracted from the underlying database for the AM method is given in Table 4.
The yearly maximums extracted from the underlying database represented variables to which

the Gumbel distribution was to be fitted by means of the three specified fitting techniques. Monthly
extremes were also reported, as they could serve for the advanced application of the AM method
presented by Carter and Challenor [21]. This method allowed for the fitting of the parameter, initially
for monthly extremes throughout the years (e.g., January for all 23 years, then February, and so on . . . );
these were then summed accordingly to obtain yearly parameters to calculate extremes.
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Parameters obtained by the LSM, the MoM, and the MLE are presented in Table 5.

Table 5. Annual maximum (AM) approach estimated parameters for Gumbel distribution.

Parameters LSM MoM MLE

α 3.1098 3.1097 3.0979
β 0.6463 0.6265 0.6404

Fitting with all three techniques for the AM dataset was straightforward and simple, with
consistent results (very small differences) irrespective of the fitting technique applied. The LSM fit is
presented on a linearized scale (WMO [6], probability paper) in Figure 4.
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Figure 4. Gumbel distribution fit of yearly maximums for period 1993–2015 at 13.5◦ E–45.0◦ N. Straight
line represents best-fit with the LSM method.

Goodness-of-fit values and residual plots were been checked as with the ID approach. They showed
negligible differences in the order of 10E-4 between the empirical data points and the theoretical fits
obtained with different fitting techniques. The differences with this order of magnitude could not be
used to identify one fit superior to another.

3.3. The Peak-Over-Threshold Approach

The POT approach implies that only the peaks of clustered excesses above a certain threshold are
considered [22]. These clusters represent individual storms, and their peaks represent the maximum
recorded Hs of each storm. The identified storms, and their respective Hs peaks, should be independent
variables so that the number of events follows a Poisson distribution, and, therefore, the interarrival
time follows an exponential distribution. There are various strategies found in literature to ensure that
the storms are mutually independent, e.g., [23]. A simple strategy is to define the minimum interarrival
period, which is the minimum time separation between selected events, to calculate peak-to-peak
(instead of threshold down-crossing to the next up-crossing). Another matter is the selection of the
threshold, which is a trade-off between bias and variance: Too low a threshold is likely to violate the
asymptotic basis of the model, leading to bias; too high a threshold will generate fewer excesses with
which to estimate the model, leading to high variance [22]. Thus, the minimum interarrival time and
the threshold were varied in order to find the optimal values. The exponential distribution shape
parameter α and the respective 50-year significant wave height estimate HsRP are presented in Figure 5.
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Figure 5. Scale parameter α of the exponential distribution (a) and the Hs estimate for the 50-year
return period (b) depending on threshold and the minimum interarrival time (defined as peak-to-peak)
for the MLE fitting technique).

For the analyzed location dataset (13.50◦ E–45.00◦ N), based on the sensitivity analysis presented
in Figure 5, the threshold value was set to h0 = 2.5 m, the minimum interarrival time was set to 48 h
(peak-to-peak), and the minimum duration time was set to 6 h. Similar values have been used in
other extreme significant wave height studies, especially for comparable regions in the Mediterranean
Sea [24]. The chosen values also corresponded to our understanding of the specific storm behavior in
the Adriatic Sea, which is heavily influenced by the surrounding mountain topography. The significant
wave height threshold of 2.5 m corresponded to sea state 5 (“rough”) and above according to the
Douglas sea state scale dominantly used by maritime professionals. Figure 5 also clearly indicates how
small differences in the selected extreme event/storm definition parameters could significantly vary the
extreme estimates.

A sample time series for February 2014 is presented in Figure 6. The figure shows the variation of
Hs, identified excesses of the threshold, and their respective peaks. It can be noticed (e.g., the beginning
of February 2014) how only the larger of the two successive peaks attributed to the same storm event
was extracted in order to satisfy the variable independence requirement.

Feb2014 Mar2014

1

2

3

Time [Month/Year]

H
s 

[m
]

Figure 6. Storms example of Hs > 2.5 and respective peaks, with a minimum interarrival time of 48 h

During 23 years from the underlying database 102 storm events and respective peaks were
identified. The average time between storms, d(Hs > Hs) was 323.2 records, i.e., 80.8 days.
The exponential distribution parameter α, calculated by the fitting techniques methods, is presented in
Table 6.

Table 6. Peak-over threshold (POT) approach estimated parameter of exponential distribution.

Parameters LSM MoM/MLE

α 0.5931 0.5952

The MoM and MLE approaches yielded the same result, while the LSM fitting technique showed
an insignificantly smaller value. The difference was in the order of magnitude of rounded-up error.
As with the previous approaches, the LSM fit between data extracted for the POT analysis and
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exponential distribution was plotted on linearized WMO [6] probability paper and it presented in
Figure 6.

The LSM fit, as presented in Figure 7, showed that the highest empirical data point, Hs,max =

5.26 m, was not captured well by the fit line, but it laid bellow the theoretical line. As with previous
approaches, GOF values and residual plots did not indicate notable differences to suggest that one
technique yielded better results than the other.
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Figure 7. Exponential distribution LSM fit of storm peaks, for period 1993–2015 at 13.5◦ E–45.0◦ N.

3.4. Extreme Significant Wave Height Estimation

After fitting the parameters to the candidate distribution for each approach, estimates of the
significant wave height were calculated for 50- and 100-year return periods by Equations (6), (8), and
(10). Additionally, values were calculated also for the 23-year return period, which was equal to the
duration of the underlying database, thus rendering the calculated extreme value comparable to the
maximum recorded Hs. Results are presented in Tables 7–9.

Table 7. Initial distribution approach—significant wave height estimates for 23-, 50-, and 100-year
return periods.

TR [years] HsRP–LSM [m] HsRP–MoM [m] HsRP–MLE [m]

23 5.77 5.44 4.87
50 6.24 5.86 5.22
100 6.65 6.23 5.53

Table 8. Annual maximum (extreme value) approach—significant wave height estimates for 23-, 50-,
and 100-year return periods.

TR [years] HsRP–LSM [m] HsRP–MoM [m] HsRP–MLE [m]

23 5.11 5.05 5.08
50 5.63 5.55 5.60
100 6.08 5.99 6.04
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Table 9. Peak-over-threshold approach—significant wave height estimates for 23-, 50-, and 100-year
return periods.

TR [years] HsRP–LSM [m] HsRP–MoM/MLE [m]

23 *** 5.23 5.24
50 5.69 5.70

100 6.10 6.11

*** highest Hs recorded in the underlying database was 5.26 m—this value “should” correspond to the estimated
values for the 23-year return period. It is possible to notice that the variations, i.e., uncertainties were significant.

For the 23-year return period, which was comparable with the maximum recorded significant
wave height of 5.26 m, the LSM and MoM results overestimated the targeted value, with the MoM
performing better. The MLE 23-year value underestimated, but the MLE fitting technique experienced
convergence limitations, with its shape parameter stopping at β = 1 and greatly affecting the results.

For the AM approach, a six-hour sea state duration was assumed for consistency with the
underlying database intervals (although three-hour sea state duration is more often recommended in
the literature). It is to be noted that the arbitrary “choice” of sea state duration affected the results.

The AM method provided consistent results with the different fitting techniques applied.
The estimated extreme significant wave height varied up to 0.09 m for the longest, 100-year return
period, implying that the fitting technique choice did not significantly affect results and can be chosen
upon preference.

With the POT approach, the average number of peaks per year (calculated as 4.3 peaks-per-year)
used in Equations (10) and (11) for extrapolation created an assumption that storms occurred uniformly
spaced in time, which is obviously not true. The variance of the between-storms duration period could
be reported in future work to illustrate this uncertainty source.

For the POT method, as the MoM and MLE techniques yielded the same result, the extreme
significant wave height was also the same. The results obtained by LSM and MoM/MLE differed by
less than 0.01 m, making POT the most consistent compared to other approaches.

Overall, the largest difference at the analyzed location (13.5◦ E–45.0◦ N) was found between the
ID-LSM and the AM-MoM result, if ID-MLE is not considered due to its mathematical limitation.
The 23-year return period showed that the best fit to the maximum recorded value from the underlying
database (5.26 m) was obtained by the POT approach, with virtually no difference based on the
fitting technique.

4. Discussion on Accuracy Evaluation Including Spatial Considerations

The analysis was extended to consider spatial variability. The same methodology, described
in earlier sections, was applied to locations in central and south Adriatic Sea, with their respective
geographical coordinates of 15.5◦ E–43.0◦ N and 17.5◦ E–41.5◦ N. Both locations are located offshore
on a busy shipping route [3]. For the POT method, based on different input data and the POT
parameter analysis (similar to that in Section 3.3), the threshold for the two additional locations was
set to h0 = 3.2 m, while the minimum interarrival time (defined simplified as peak-to-peak) remained
48 h. Minimum storm duration was defined as 6 h, corresponding to one record in the underlaying
database. Considering the chosen high threshold (Hs > 2.5 (3.2) m), six hours was considered to be a
representative storm duration in the Adriatic Sea. The same minimum storm duration has been used
in other studies for the Mediterranean Sea [24].

The results of significant wave height estimations for long return periods obtained with analyzed
approaches are presented in Figure 8, with their mutual relative trends. Based on the obtained
numerical results, the average of the two POT curves was used as a reference value Hs,ref. Thus, the
mutual trend of other approaches and techniques, Hs,i

RP, was calculated according to:
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ε =
HRP

S,i −HS,re f

HS,re f
× 100, (13)

Figure 8. Dissipation of significant wave estimates depending on the method and fitting technique;
absolute values for the north (a), central (b) and south (c) location; relative difference between obtained
results at the north (d), central (e) and south (f) location in the Adriatic Sea.

The results indicated that significant differences could be expected due to the selected approach.
Moreover, differences were evident for the same approach depending on the fitting technique due to
very small differences between the obtained parameters.

The average values of results obtained for each return period (ID-MLE excluded) and respective
standard deviations were as follows: Hs

RP=23y = 5.28 m (stand. dev. = 0.25); Hs
RP=50y = 5.75 m (stand.

dev. = 0.24); and Hs
RP=100y = 6.17 m (stand. dev. = 0.22).

If all three analyzed locations are considered, a relatively constant bias, in the order of magnitude
of about +/−0.5 meter (+/−10%) with respect to the average of extreme values, was evident between
results obtained by various methods (the ID-MLE excluded for the north Adriatic location because it
was, in fact, inapplicable for the specific dataset). Various approaches and fitting techniques seemed
to cluster around the same mean value. Based on this, it was possible to give a recommendation
to engineers to always use multiple approaches when possible in order to verify the results when
developing such an analysis.

For the specific and relatively large dataset (23 years with no gaps), the AM and POT approaches
in combination with the LSM fitting technique proved to be the most consistent.

The ID approach is straightforward but influenced by the smaller wave height, and bulk data
points can fail to capture the upper fit tail (highest Hs), which is especially important for extrapolation
to long return periods. This could be countered by employing other goodness-of-fit tests, such as the
Anderson–Darling test, which is devised to give heavier weight to the tails.
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It should be mentioned that the return period calculation with the AM approach depends on the
assumption of the sea state duration Δt. The choice can be made arbitrarily. A common choice is to use
the same interval as in the underlying database for consistency (six-hour in this study) or accept and
recalculate to Δt = three-hour interval, which is more widely suggested in literature (DNV–GL [7]).
The choice influences the results.

For the POT method, the crucial parameters are: the selection of the threshold and interarrival
time between storms. The selection of these parameters will lead to very different results regarding the
fits and the return period estimates.

Finally, a manual “fit-by-eye” subjective fitting technique (as opposite to “objective” mathematical
approaches) is worth mentioning. Some authors (e.g., Holthuijsen [5]) have argued that, if made by
an experienced engineer, this approach can possibly give better results since the engineer can weigh
the importance of empirical points at his own discretion, disregarding or emphasizing certain wave
heights depending on the intended use of the analyses.

The variability of wind-wave directionality can affect the extreme value estimation, so the
assumption of the performed univariate analysis implies equal probability of extremes arriving from
all directions during all seasons and wind patterns with averaged characteristics. This presents a
simplification of the problem. Specifically, for the Adriatic Sea, the analysis could be refined by
separating the calculation of the extremes by dominant regional wind patterns. Most wave extremes
occur from south-eastern winds (jugo, sirocco) that develop gradually, build up, and last longer in
contrast to the north-eastern winds (bura, bora), which can occur very suddenly and violently but
are fetch limited. These wind patterns and accompanying waves have different characteristics and
consequently represent statistically separate datasets. Thus, for future work, the individual analysis of
the extremes caused by distinguishable wind patterns of jugo and bura are expected to yield more
accurate predictions.

5. Conclusions

The paper systematically analyzed major approaches and fitting techniques, according to relevant
engineering practice, in order to estimate significant wave heights for 50- and 100-year return periods
in a case study for three locations in the Adriatic Sea (north, central, and south). The analysis was
based on a 23-year database of wave measurement and numerical modelling. The initial-distribution
approach employed the three-parameter-Weibull distribution, the annual-maximum approach was
assumed to follow the Gumbel distribution, and the dataset extracted for the peak-over-threshold was
described by the exponential distribution. Theoretical distribution fit parameters were estimated by
means of the least-mean-square method, the method-of-moments, and the maximum-likelihood fitting
techniques. The problems encountered for the dataset concerning the specific case study are reported,
and the causes of results variability noted. After obtaining various fits, the significant wave height
was evaluated for 23-, 50-, and 100-year return periods. The calculated 23-year return period allowed
for a comparison with the maximum recorded significant wave height in the underlying database.
Differences between methods showed a relatively constant bias that did not depend on the return
period. Significant differences can occur depending on the choice of model and parameter fitting
technique. For the analyzed dataset, this was in the order of magnitude of 0.5 m. If the intended use
of the analysis of extremes is an input for the engineering of offshore structures, such variability can
greatly affect cost and safety.

Various uncertainty causes were identified, and these make it a reasonable suggestion to check
different approaches whenever possible.
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Abstract: The estimation of wind loads on ships and other marine objects represents a continuous
challenge because of its implication for various aspects of exposed structure exploitation. An extended
method for estimating the wind loads on container ships is presented. The method uses the Generalized
Regression Neural Network (GRNN), which is trained with Elliptic Fourier Descriptors (EFD) of
sets of frontal and lateral closed contours as inputs. Wind load coefficients (Cx, Cy, CN), used as
outputs for network training, are derived from 3D steady RANS CFD analysis. This approach is
very suitable for assessing wind loads on container ships wherever there is a wind load database
for a various container configuration. In this way, the cheaper and faster calculation can bridge the
gap for the container configurations for which calculations or experiments have not already been
made. The results obtained by trained GRNN are in line with available experimental measurements
of the wind loads on various container configuration on the deck of a 9000+ TEU container ship
obtained through a series of wind tunnel tests, as well as with performed CFD simulation for the
same conditions.

Keywords: wind loads; container ships; Reynolds-averaged Navier–Stokes equations (RANS);
Generalized Regression Neural Network (GRNN)

1. Introduction

The loads on container ships due to wind play an important role in many aspects of the exploitation
of container ships. Accurate estimation of wind-induced forces and moments poses a challenge due
to its implications for various analyses related to ship stability, ship speed estimation, maneuvering,
station-keeping and mooring. Experimental research of wind-induced forces and moments on marine
vessels is still the most reliable approach. However, the experiments are expensive and setting-up the
wind tunnel tests is very demanding. It is necessary to have a wind tunnel at your disposal and build a
ship model that reliable represents the real ship and loading conditions. Even then, the results obtained
can only be used for that ship or for that loading condition. Researchers realized quite early that it was
necessary to systematically conduct a series of experiments and then bridge the gap between them by
some interpolation method.

Isherwood [1] proposed numerical expressions in the form of coefficients for the lateral and
transverse wind forces as well as yawing moment, derived from multiple regression analysis of
previously published experimental results. Gould [2] presented a numerical procedure to determine
the ahead force, side force and yawing moment of most ships in motion or at anchor, in the presence of
a natural wind from any direction on the superstructures of ships. Blendermann [3–6], presented a
systematic collection of wind load data derived from wind tunnel tests on a scale model. Depending on
a random shape of a deck cargo with regard to kind and distribution, author suggests that wind loads
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on ships should be analyzed as statistical data. Haddara and Soares [7] built a universal model for the
estimation of the wind loads on ships using neural network techniques in parameter identification of
mathematical model with measured input and output data.

Recently, computational fluid dynamics (CFD) is increasingly used in the assessment of the impact
of wind on various structures. Brizzolara and Rizzuto [8] and Wnek and Guedes Soares [9] used CFD
methods to analyze wind forces on superstructures of large commercial ships, in particular the suction
area on the main deck caused by the presence of a negative pressure field. They compared the obtained
results with the wind tunnel measurements and showed a reasonable agreement. Janssen et al. [10]
present 3D steady RANS CFD simulations of wind load on a 9000+ TEU container ship and validation
with wind tunnel measurements carried out by Andersen [11]. They performed an analysis of the
impact of geometrical simplifications of a CFD model on wind forces. For validation, CFD simulations
are performed in a limited computational domain resembling the cross-section of the wind tunnel.
Effects caused by the domain boundaries are studied by comparing CFD results in the narrow and wider
domain. Their study shows the necessity of validating CFD simulations with wind-tunnel experiments.

CFD has many advantages compared with wind tunnel experiments. The most obvious advantage
is faster and more flexible performance, which results in lower costs. CFD simulations are very suitable
for visualization of results and for preparatory calculations. This does not eliminate the need for
model testing and collection of data at full scale. The CFD results can often be deceiving because
they are affected by the mesh and input data selection as well as by the choice of the CFD method.
Only through a comparison of numerical testing and physical experiments is it possible to validate the
computational models.

The estimation procedure of wind loads on a container ship presented in this paper can be seen
as an extended methodology of the one proposed and used by Valčić and Prpić-Oršić in previous
work [12–15]. In this enhanced methodological approach, the Generalized Regression Neural Network
(GRNN) is still trained with input data in form of elliptic Fourier descriptors that represent the closed
contours of frontal and lateral projections of a container ship for various container configurations.
In comparison with previous research, in which target data were presented in form of associated
non-dimensional wind load coefficients obtained experimentally in wind tunnel, in this research
these coefficients were determined by 3D steady RANS Computational Fluid Dynamic (CFD) analysis
and simulation. In this way, it has been investigated and shown how CFD simulations can present
an efficient alternative to wind tunnel tests, which is particularly important for calculation of wind
load coefficients for various container configurations without the necessity for experimental testing.
However, CFD simulations with all their advantages still present too complex and computationally
very expensive approach from an engineering and practical point of view, especially in real-time
applications when the estimation of wind loads should be performed sufficiently fast, while preserving
accuracy within some predetermined boundaries.

The application of appropriate nonlinear multivariate regression method can overcome this issue
in terms of approximation. Although there are many methods that can be used for this purpose,
GRNN was implemented mostly due to its very favorable characteristics. Foremost, it can capture
sufficiently accurate any nonlinearity and even with sparse available data GRNN algorithm still
provides smooth transitions from one observed value to another in a multidimensional space [16].
In addition, very short training time and extremely fast response make GRNN very convenient choice
for real-time applications, even in cases when new container configuration occurs, that is, the one
that was neither used during CFD simulations nor during GRNN training. In order to investigate
capabilities of CFD simulations and GRNN responses different container configurations were analyzed
and obtained results were compared. As it can be seen, both CFD and GRNN have yielded very
promising results, CFD as an alternative for wind tunnel tests and GRNN as an excellent approximation
tool trained with previously obtained CFD data. Once trained, the GRNN in further applications
related to estimation of wind loads requires only data related to wind speed, wind direction and frontal
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and lateral projected areas, that is, there is no need for new CFD simulations or wind tunnel tests if the
network is trained with sufficient amount of data.

2. Wind Load Estimation with Neural Networks Hybrid Method

2.1. Theoretical Background

For the purpose of the analysis presented in this paper, the method for estimation of wind loads
is based on two distinctive approaches that are combined afterwards. Namely, and as previously
mentioned, the main idea is to prepare and train associate neural network with input data related
to contours of frontal and lateral ship projections from one side and with non-dimensional wind
load coefficients as target data from another. However, in order to complete this task, geometrical
characteristics of frontal and lateral projections should be available and expressed in terms of different
container configurations. Associated wind load coefficients should also be available for each of these
configurations. These coefficients can be obtained experimentally in wind tunnels, which presents the
first approach, as well as by means of CFD calculations that presents the second one.

In this work, both approaches have been used in order to show how CFD approach can be
calibrated and tuned according to available experimental data and how afterwards obtained CFD
results can be used for training of selected neural network. However, it is important to point out
that both these approaches are very challenging and complex, particularly from the application
point of view.

In order to overcome these potential issues, CFD is calibrated with experimental data and after
sufficiently well verification, CFD results of wind load coefficients are used for training of simple
but yet very powerful generalized regression neural network (GRNN) that has great capabilities
in solving problems related to multivariate nonlinear regression [16]. However, these wind load
coefficients, independently on how they are obtained, present only one side of a coin, that is, the target
data. On the other hand, input data consist of associated elliptic Fourier descriptors that are used
for the mathematical description of outer contours of frontal and lateral projected areas of the ship.
The preparation of these input data is based on the methodological approach that was introduced
in [12,14]. The main idea of this approach lays in a fact that with appropriate mathematical description
of frontal and lateral ship projections, sufficiently large amount of information related to geometrical
characteristics of various container configurations can be captured. To prepare all the required data for
training of selected neural network, there are four sequentially connected parts, as follows.

(1) Acquisition and Processing of Container Ship Images with Various Container Configurations
As described in Reference [12], all available images are digitally edited and binarized. With image

binarization, in which usually the background of the image is white and analyzed object is black, it is
relatively easy to detect all boundary pixels that present an outer contour of the analyzed object. In this
case, these outer object contours refer to outer frontal and lateral projections of an analyzed container
ship with different container configurations of interest.

(2) Feature Extraction of Frontal and Lateral Projections for Various Container Configurations
Once the boundary pixels of outer contours are detected in part (1), these contours can be

encoded using some appropriate encoding method. For the purpose of this work, encoding method
based on the so-called Freeman chain was used [17]. Obtained encoding is the basis for mathematical
description of closed contours and variety of methods can be applied for this purpose [18–20]. However,
the method of elliptic Fourier descriptors, introduced by Kuhl and Giardina [21], was used in this
paper. Detailed description of this procedure is presented in [12,15].

(3) Data Preparation for the Training of Selected Neural Network
Input data for the training of the GRNN, that is, mathematical description of frontal and lateral ship

projections, are prepared using Freeman chain encoding coupled with elliptic Fourier analysis. In terms
of different number of harmonics used in this elliptic analysis, better approximation of analyzed closed
contour can be obtained but some caution is required in order to avoid undesirable overfitting.
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On the other hand, target data, that is, appropriate wind load coefficients, are prepared using
both experimental data from wind tunnel tests [11] and CFD calculations that are performed by the
authors of this research. In comparison with the previous work [12], training of selected GRNN in this
research was conducted with results of CFD analyses only, whereas in previous studies training was
based only on experimental data.

(4) Cross-Validation and Testing of Trained GRNN
In machine learning, cross-validation is usually performed in terms of k-fold or holdout validation

procedures. Considering a small number of container configurations were available for conducting
this analysis, k-fold validation approach was used in this research in terms of leave-one-out approach
for which k = 1. On the other hand, testing of obtained results were performed in terms of mean
values and associated standard deviations of absolute differences of GRNN responses and wind load
coefficients obtained by CFD simulations.

2.2. Notation and Reference Frames

In order to define wind loads on an analyzed container ship, two commonly used reference frames
are body reference frame {b} and geographical North-East-Down (NED) reference frame {n} [22]. As it
can be seen in Figure 1, xn and yn are axes in North and East of {n}, respectively and xb and yb are axes
in surge and sway of {b}, respectively.

 
Figure 1. Reference frames and notation.

Two most important quantities are the wind speed Vw and wind direction γw expressed in {b}.
These are usually measured by the wind sensor or anemometer and due to their significant high
frequency nature, they should be filtered before any calculation of interest. It should be pointed out
that angle γw is defined with respect to xb axis in a counterclockwise direction, while alternative wind
angle of attack αw is defined in {b} with respect to xb but in clockwise direction:

γw = 2π− αw. (1)

If relationship between the meteorological wind angle βw and the wind angle of attack γw is
required, then the heading of the ship ψ, defined in {n} with respect to xn axis in a clockwise direction
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and measured by the means of gyrocompass, should also be introduced. In this case (Figure 1),
all angles of interest are related with the following term:

ψ = γw + βw + π. (2)

2.3. Wind Loads on a Ship at Zero Forward Speed

In a simple case of container ship with zero forward speed, the wind loads in surge, sway and
yaw axis can be expressed in terms of the non-dimensional wind load coefficients CX(γw), CY(γw) and
CN (γw) as follows: ⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣

Xwind
Ywind
Mwind

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ =
1
2
ρaV2

w

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
CX(γw)AF

CY(γw)AL

CN(γw)ALLoa

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦, (3)

where Xwind, Ywind and Mwind are wind forces and moment in the horizontal plane, ρa is the air density,
AL and AF are the ship’s frontal and lateral projected areas above the water line, respectively and Loa is
ship’s length over all.

In a case when the ship is moving at some forward speed U different from zero, then terms in
Equation (3) should be redefined by introducing relative wind speed and relative wind angle of attack
that takes into account ship speed and heading. This is particularly important for any application
in open sea-like conditions. However, considering that in this work all the analyses rely on the
experimentally obtained results from wind tunnel tests with zero forward speed, there is no need for
additional redefinition of the term in Equation (3).

From Equation (3), the non-dimensional wind load coefficients can be easily expressed in terms of
wind forces and moment in horizontal plane as follows:

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
CX(γw)

CY(γw)

CN(γw)

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ =
2
ρaV2

w

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
Xwind/AF

Ywind/AL

Mwind/(ALLoa)

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦. (4)

As previously mentioned, these coefficients can be obtained experimentally from wind tunnel
tests, using CFD numerical analyses or both of these approaches. Independently of selected approach,
wind load coefficients are target data for training of the GRNN and thus the quality of these data are
essential for obtaining sufficiently well GRNN responses.

In the forthcoming section, an enhanced methodology approach of wind loads estimation is
introduced. The input data are based on the elliptic Fourier descriptors of closed contours of ship
frontal and lateral projections for all analyzed container configurations, similarly, like in previous
work [14]. The main difference in comparison with previous proposals is related to the target data,
that is, to how they were obtained. In this enhanced approach, the target data consist of wind load
coefficients that are determined with CFD calculations for each analyzed container configuration,
while in previous work the target data were solely results of the wind tunnel tests.

2.4. Methodological Framework for Wind Loads Estimation Based on CFD, EFDs and GRNN

Valčić and Prpić-Oršić [12] proposed a novel methodological framework for the estimation of
wind loads on different types of ships. As indicated above, this framework is based on Freeman chain
encoding, elliptic Fourier analysis and neural networks. In comparison with the originally proposed
method [12], the one used in this paper is slightly enhanced and can be divided into three phases
(Figure 2):

(i) Estimation of wind load coefficients by CFD simulations;
(ii) Deployment of the model based on CFD results, EFDs and GRNN;
(iii) Cross-validation of GRNN responses, GRNN testing and further application of developed neural

network model.
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Figure 2. Enhanced methodological framework for wind load estimation based on Computational
Fluid Dynamics CFD, Elliptic Fourier Descriptors (EFDs) and Generalized Regression Neural
Network (GRNN).

In the first phase, CFD analysis and simulations are used in order to estimate wind load coefficients
for various container configurations on deck. Available experimental results are used for calibrating
CFD model and for additional verification.

Afterwards, during the second phase, associated database for training, cross-validation and testing
of neural networks should be prepared and built. As indicated above, training input data should be
prepared so the Freeman chain encoding can be performed smoothly without considering too much
image details. In this way, undesirable overfitting during NN training can be also easily avoided.

Freeman chain encoding for some simple container vessel is visually presented in Figure 3. As it
can be seen, after the binarization of ship frontal and/or lateral projection image, the chain encoding
can be performed from any arbitrary starting point, which is indicated with the yellow square in this
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case. On the other hand, all grey squares present pixels of the image. Encoding can be done either in
clockwise or counterclockwise direction, as described in Reference [14].

When the chain codes are obtained for all frontal and lateral projection images, they can be further
used for calculation of associated elliptic Fourier descriptors, as described in detail in [12,14]. However,
it should be noted that frontal and lateral projections are analyzed independently, which means that
each projection, that is, outer closed contour for each projection, should be described with associated
ordered quadruples of elliptic Fourier descriptors that can be written as (an, bn, cn, dn), where n = 1,
2, . . . , N and N indicates the number of harmonics in the Fourier expansion. As mentioned above,
the Fourier expansion is based on the approach introduced by Kuhl and Giardina [21].

The larger N yields better fitting of closed contour but also invokes possible overfitting issues.
In this context, Figure 4 shows the ship contour (blue line) in comparison with the contours that are
based on different number (N = 1, 10, 100 and 500) of harmonics (red line) in Fourier expansions.
It can be noticed that contour of interest, even if it is relatively complex in geometrical sense, can be
sufficiently well fitted with approximately 100 harmonics.

Developed GRNN model presents a multi-variate non-linear mapping of the form:

[EFDs] GRNN→ [CX, CY, CN] (5)

that is, the mapping of frontal and lateral contours described by EFDs to wind load coefficients
determined by CFD simulations.

Once the wind load coefficients are estimated based on Equation (5), wind forces and moment in
the horizontal plane can be easily calculated based on Equation (3). This can be also seen in the last
application phase (Figure 2).

 

Figure 3. Vector representation and visualization of Freeman chain encoding with contour extraction.

Figure 4. Cont.
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Figure 4. Fitting of the closed contour with different number of harmonics N.

3. Wind Loads Estimation Using CFD

3.1. Computational Geometry and Grid

The computational domain utilized in all the simulations has a rectangular cross-section with
chamfered edged so the wind tunnel test section can be adequately replicated. The location of the ships
within the domain coincides with the experimental setup described in Anderson [11]. Thirteen different
setups of bay configurations have been numerically analyzed using CFD techniques. A demonstrative
case, configuration 13 for wind angle 0◦, is shown on Figure 5b with trimmed mesh shown on ship
surface. Characteristic domain patches are presented in Figure 5a, for configuration 1 case. Remaining
patches are fixed walls. The computational domain spans 0.42 m in upstream and 1.44 m in downstream
direction, with the cross-section size of 0.6758 m2.

Numerical grids on average contain 3.5× 106 cells. Grids are generated using STAR-CCM+ trim
mesher. For all test cases, turbulence in near wall regions is resolved with wall functions.

A typical longitudinal section for configuration 1 is presented in Figure 5c where refinement zones
close to ship are clearly visible.

  
(a) (b) 

 
(c) 

Figure 5. Computational domain (a), computational grid on the ship surface (b) for different bay
loading of configuration #1 (c).
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3.2. Boundary Conditions

Wind profile at the inlet has been set in accordance with the Andersen’s specification [11].
Mean velocity as per literature is therefore defined as a function of the domain height:

U(z) = Ure f

(
z

zre f

)α
(6)

where Ure f = 45 m/s is reference velocity, zre f = 0.0222 m reference height and α = 0.11 velocity
profile exponent [23]. Inlet profile of the turbulence dissipation rate ε is determined based on
following equation:

ε(z) =
(u∗)3

κ(z + z0)
(7)

where κ represents the von Karman constant and u∗ frictional velocity. Frictional velocity is dependent
on the reference velocity and height as per expression:

u∗ =
κU(z)

ln
(

zre f +z0
z0

) (8)

Aerodynamic roughness length z0 is estimated based on updated Davenport roughness
classification and equals z0 = 0.0002 m for sea [24,25]. For the model scale this equates to the
roughness of z0 = 4.44 × 10−7 m. Turbulent kinetic energy profile can be estimated and calculated
according to:

k(z) =
(u∗)2

√
Cμ

. (9)

For z ≥ 0.1 m kinetic energy is considered constant so as to avoid any bias since turbulence
intensity IU as well as velocity U have not been measured in that range. Employed logarithmic law wall
functions (30 < y+ < 100) are modified to account for the roughness based on relationships established
by Blocken [25]. These correlations are defined by equation:

ks =
9.793z0

Cs
(10)

where ks represent equivalent sand-grain roughness height and Cs roughness constant. In accordance
with the aforementioned correlation, equivalent sand-grain roughness has been determined to be
ks = 4.35× 10−6 m with roughness constant equals to Cs = 1. Patches with implemented roughness
corrections have been shown in Figure 5a.

3.3. Computational Settings

Navier-Stokes equations describing mechanics of a continuum need to be solved in order to fully
resolve fluid flow. These coupled partial differential equations are the result of the Newton’s second
law applied to the fluid motion and account for viscosity effects. They are commonly simplified using
approximations, with Reynolds-averaged Navier-Stokes (RANS) equations being the most common
solution for turbulent flows. To solve these equations, certain assumptions based on experimental data
are utilized, thus outlying different RANS turbulent models. Detailed description of RANS models
and appropriate closure approaches can be found in Reference [26].

Commercial finite-volume CFD solver Star-CCM+ has been employed to solve aforementioned
RANS system of equations with realizable k-ε model ensuring closure of said system. Pressure-velocity
coupling is achieved with SIMPLE algorithm. Discretization schemes for all terms are set as second-order.
Convergence is assumed when the residuals fall below 10−5 or variance for monitored physical values
is less than 0.1% of their mean value.
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Figure 6 shows streamlines and central vertical plane colored by velocity magnitude for a single
illustrative container configuration and 40-degree ship position rotation from initial position. Complex
flow CFD analysis takes into account complete 3D model of a ship above water structure. Included
figure demonstrates the complexity of the flow for analyzed cases.

 

Figure 6. Streamlines and central vertical plane colored by velocity magnitude.

4. Numerical Results

As Andersen [11] carried out an investigation of the influence of container configuration on the
deck of a 9000+ TEU container ship on wind forces through a series of wind tunnel tests, the CFD
calculation has been run for the same ship. The main characteristics of the ship are: Loa = 340 m,
Lpp = 320 m, B = 45 m. Table 1 shows the different container configurations on the deck, which were
used for this investigation.

Table 1. Analyzed containership configurations [11].

#
Frontal

Configu-Ration
Lateral Configuration #

Frontal
Configu-Ration

Lateral Configuration

1   8   

2   
9   

3   10   

4
  

11
  

5   12   

6   13
  

7
  

A tunnel wall was added to the CFD simulation’s boundary conditions to ensure similarities
with the experimental conditions. So, the calculation has been performed for the two cases: case
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with no influence of wind tunnel walls (uncorrected, blue line); case with the influence of wind
tunnel walls (corrected, red line). In Figures 7–19, wind load coefficients CX (γwind), CY (γwind) and
CN (γwind), obtained by GRNN (green line) trained with corrected CFD values and Andersen (black line),
are compared with the CFD results. The comparison conducted for the i-th vessel is denoted as
Conf. #t, t = 1, 2, . . . , 13.

The results indicate that uncorrected CFD results deviate somewhat from the experimental ones,
especially in the transverse direction. However, the corrected values for the case with wind tunnel walls
accounted are in line with those obtained experimentally. Those results are in line for the variability of
ship lateral contour caused by different container arrangements and indicate good agreement.

The GRNN was trained using input and output set of data for 12 different configurations at a time.
The responses are validated for the remaining 13th vessel, as usual in afore mentioned leave-one-out
approach. In other words, out of 13 configurations, 12 were used to train the GRNN and then 13th
configuration was used for validation. Therefore, when #1 was used for validation, #2 to #13 were
used for training. Similarly, when #13 was used for validation, #1 to #12 were used for training.

The wind load coefficients of 13 available container configurations obtained as GRNN responses
are compared with corresponding wind load coefficients obtained in wind tunnel testing [11].

Obtained CFD results and GRNN responses can be evaluated in terms of mean values (μi) and
associated standard deviations (σi) of absolute differences of appropriate non-dimensional wind load
coefficients Ci for each degree of freedom in the horizontal plane, i = {X, Y, N} and for each analyzed
container configuration t, t = 1, 2, . . . , 13. However, it does not make sense to compare both of these
results directly with available experimental results because GRNNs were trained with the CFD results.
Thus, there are two comparisons of interest, that is, comparison A in which CFD results (CCFD

i, t ) are

evaluated based on experimental data (Cdata
i, t ), and comparison B in which GRNN responses (CGRNN

i, t )

are evaluated with associated CFD results (CCFD
i, t ), where i = {X, Y, N} and t = 1, 2, . . . , 13. The results

of these comparisons are presented in Table 2.
As expected, based on the obtained values in Table 2, as well as from Figures 7–19, it is obvious

that GRNN is a slightly less accurate, particularly with some configurations that are somehow unique
in comparison to other 12 configurations. That refers particularly to configuration #2, which have
almost empty deck and to configuration #7 with alternately arranged empty and full bays.

In addition, it can be noticed that the differences between the experimental data, CFD results
(corrected) and GRNN responses are higher for some angles. However, keeping in mind that GRNN
training is performed with only 12 configurations at a time, the results clearly indicate that GRNN
responses are yet in sufficiently good agreement with wind tunnel experimental values, as well as with
corrected CFD results. This particularly stands for lateral coefficients CY that even in this limited set of
different container configurations still have sufficient amount of useful and quality information that
can be used for GRNN training in terms of EFDs. On the other hand, various longitudinal container
configurations lack in terms of quality information, mostly because all these frontal projections are
too similar. This justifies larger deviations of GRNN responses of coefficients CX for some container
configurations like #3 or #8. These issues are also naturally related to associated yawing coefficients CN.

To conclude, it is reasonable to assume that GRNN accuracy will increase with an increase of
available data for new container configurations but also with transition from presented 2D approach,
which takes into account only one frontal and one lateral projection, to 3D perspective that should take
into account variability of longitudinal cross section projections with variability of lateral projection.
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Figure 7. Wind loads coefficients for configuration #1.

Figure 8. Wind loads coefficients for configuration #2.
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Figure 9. Wind loads coefficients for configuration #3.

Figure 10. Wind loads coefficients for configuration #4.
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Figure 11. Wind loads coefficients for configuration #5.

Figure 12. Wind loads coefficients for configuration #6.
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Figure 13. Wind loads coefficients for configuration #7.

Figure 14. Wind loads coefficients for configuration #8.
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Figure 15. Wind loads coefficients for configuration #9.

Figure 16. Wind loads coefficients for configuration #10.
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Figure 17. Wind loads coefficients for configuration #11.

Figure 18. Wind loads coefficients for configuration #12.
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Figure 19. Wind loads coefficients for configuration #13.

Table 2. Comparison of obtained results in terms of mean values (μi) and standard deviations (σi) of
absolute differences of wind load coefficients in cases A (CFD vs. data) and B (GRNN vs. CFD).

A: CFD Results vs. Experimental Data B: GRRN Responses vs. CFD Results

t
μX(CCFD

X, t −Cdata
X, t )

σX(CCFD
X, t −Cdata

X, t )

μY(C
CFD
Y, t −Cdata

Y, t )

σY(C
CFD
Y, t −Cdata

Y, t )

μN(CCFD
N, t −Cdata

N, t )

σN(CCFD
N, t −Cdata

N, t )

μX(CGRNN
X, t −CCFD

X, t )

σX(CGRNN
X, t −CCFD

X, t )

μY(C
GRNN
Y, t −CCFD

Y, t )

σY(C
GRNN
Y, t −CCFD

Y, t )

μN(CGRNN
N, t −CCFD

N, t )

σN(CGRNN
N, t −CCFD

N, t )

1 0.006830
0.077113

0.000001
0.022939

0.001013
0.007878

−0.018669
0.083724

−0.013219
0.008449

0.001119
0.004969

2 0.028897
0.070867

−0.031025
0.029837

0.000250
0.006619

0.019692
0.156943

0.036904
0.021176

0.005489
0.006890

3 −0.001519
0.067631

−0.002002
0.016848

0.001721
0.007465

0.021038
0.217758

−0.005834
0.007852

−0.003374
0.008509

4 −0.040542
0.069472

−0.001895
0.024665

0.001351
0.008477

0.039521
0.126639

−0.001958
0.011143

−0.005018
0.004919

5 −0.027537
0.071166

0.000302
0.021155

0.000559
0.008445

0.066050
0.124721

−0.003438
0.013194

−0.011163
0.009887

6 0.004378
0.066045

0.000507
0.021938

0.000101
0.007114

−0.011767
0.190404

−0.001516
0.020347

−0.000170
0.007039

7 0.009061
0.079468

−0.009399
0.028647

0.002226
0.007970

−0.095680
0.076000

−0.013755
0.017702

0.013060
0.009611

8 0.015437
0.112929

−0.004332
0.014446

0.001051
0.016156

−0.032795
0.642980

0.008992
0.020995

0.009923
0.017630

9 −0.000038
0.061642

−0.000605
0.010249

0.001022
0.008962

−0.020133
0.106340

0.001654
0.008042

−0.002510
0.005232

10 0.006541
0.072194

−0.000360
0.012062

0.000443
0.009953

−0.028850
0.157382

−0.001015
0.014933

0.008996
0.009849

11 0.008620
0.090098

−0.021369
0.014297

0.000902
0.006874

0.020806
0.128550

0.009962
0.006351

−0.004635
0.005230

12 −0.012284
0.079605

−0.015912
0.020094

0.000107
0.007031

0.042008
0.231174

0.003056
0.007483

−0.002915
0.008500

13 0.025503
0.103171

−0.026480
0.019025

0.001303
0.007147

0.035129
0.163835

0.008007
0.006242

−0.006211
0.007112

5. Discussion

An enhanced methodology for estimating the wind loads on container ships is presented.
Ship frontal and lateral projected areas, that is, their associated closed contours, are represented
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with elliptic Fourier descriptors. EFDs of closed contours and wind load data derived from CFD
analysis are used for GRNN training. As it can be seen in the previous sections, particularly in
Chapter 4, very limited number of container configurations were available for conducting this analysis.
Therefore, natural choice was to select the so-called leave-one-out cross-validation technique. With this
approach, training was performed the number of times that is equal to the number of different container
configurations that were analyzed. During this analysis, with each consecutive training, a different
container configuration was leaved out for testing, while all other were used for training. The validation
of CFD model is based on 13 different container configurations of 9000+ container ship for which the
experimental results are provided by Andersen [11]. As indicated, the GRNN was tested on before
mentioned 13 different container configurations in a way that the network is trained with the set of
data obtained for 12 configurations and the remaining one is used for testing. Taking into account
limited input data used for network training, the results show good agreement with the experimental
data obtained in wind tunnels.

This approach takes into account all aspects of the variability of the above water frontal and lateral
ship profile but with limitation related to the main frontal projection that cannot capture the variability
of longitudinal cross sections. However, it is very suitable for the assessment of wind loads on container
ships wherever a wind load data for similar ships with various container configurations are available
from wind tunnels or are obtained by CFD analysis. In this case, whereas the validity of the CFD
analysis has been proven on experimental data, all configurations of interest can be analysed with CFD
analysis and larger database can be created. In this way, the cheaper and faster calculation can fill
the gap between ship shapes for which calculations or experiments are performed. It is reasonable
to assume that the network trained with larger training data set will provide results that are more
accurate. Moreover, for the estimation of real wind-induced forces and moment acting on a container
ship in open sea-like conditions, the network should be trained with uncorrected values of wind loads
coefficients. In other words, the important focus should be put on the initial wind conditions during
CFD simulations, because GRNN will be trained with these CFD results and consequently will be
trained for some specific wind conditions. Regardless of the conditions under which it was trained,
in actual applications of wind loads estimation, trained GRNN requires only simple data such as wind
speed and direction, which can be obtained using the wind sensor (anemometer) and areas of frontal
and lateral projections that can be easily determined. In other words, it does not require additional
wind tunnel testing or CFD simulations, even in a case of completely new configurations that were not
used in the training phase. However, if tunnel testing or CFD simulations can be performed and wind
load coefficients can be obtained for these “new configurations,” GRNN can be easily and quickly
retrained and thus providing higher accuracy and reliability for future estimations.

Further research should be aimed toward uncertainties and reliability analysis, as well to increasing
the number of container configurations by means of verified CFD analysis in order to enlarge the
available database for neural network training. The selection of neural network type and number of
harmonics could also affect the results, so they should be further analyzed as well. The next direction for
further research will aim towards the development of a pseudo 3D approach to wind loads estimation
on a container ship. This approach will be based on EFDs that are used for ship frontal and lateral
closed contour representation of ship cross sections. In this way, all aspects of the 3D variability of the
above-water frontal and lateral ship profile will be taken into account.
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13. Prpić-Oršić, J.; Valčić, M.; Vučinić, D. Application of pattern recognition method for estimating wind loads

on ships and marine objects. In Materialwissenschaft und Werkstofftechnik—Material Science and Engineering
Technology; WILEY-VCH Verlag GmbH & Co. KGaA: Weinheim, Germany, 2017; Volume 48, pp. 387–400.
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Abstract: The method for the prediction of extreme vertical wave bending moments on a passenger
ship based on the hindcast database along the shipping route is presented. Operability analysis
is performed to identify sea states when the ship is not able to normally operate and which are
likely to be avoided. Closed-form expressions are used for the calculation of transfer functions of
ship motions and loads. Multiple operability criteria are used and compared to the corresponding
limiting values. The most probable extreme wave bending moments for the short-term sea states
at discrete locations along the shipping route are calculated, and annual maximum extreme values
are determined. Gumbel probability distribution is then fitted to the annual extreme values, and
wave bending moments corresponding to a return period of 20 years are determined for discrete
locations. The system reliability approach is used to calculate combined extreme vertical wave
bending moment along the shipping route. The method is employed on the example of a passenger
ship sailing across the Adriatic Sea (Split, Croatia, to Ancona, Italy). The contribution of the study is
the method for the extreme values of wave loads using the hindcast wave database and accounting
for ship operational restrictions.

Keywords: seakeeping operability criteria; operability analysis; wave bending moment; transfer
functions; hindcast wave database

1. Introduction

The extreme wave loads on ships are usually determined by weighting short-term sea
state responses by their probabilities of occurrences. When linear seakeeping computations
are performed, the transfer functions of ship responses are combined with the wave spectra
to define short-term responses. The sea state statistics contained in the wave scatter
diagram are then used to compute the long-term distribution from which design value
can be derived. Extreme value adopted as the design value of global wave load is usually
calculated from the long-term distribution for exceeding probability of 10−8. The procedure
recommended by the International Association of Classification Societies (IACS) for the
computation of long-term global wave loads on ships is given in [1].

The recommended procedure assumes that the wave heading angles are uniformly
distributed in all sea states. The possibility that the shipmaster changes heading angle
in extreme sea conditions is not considered [2]. Such maneuvers are normally taken to
reduce excessive ship responses in heavy weather, most often the ship rolling motion [3].
Consequently, the probability of beam seas is reduced, which is ignored in common
computational procedure, but could affect the extreme wave loads [1]. The effect of the
heavy weather avoidance is also neglected, although shipmasters in practice tend to avoid
the most severe sea states, e.g., by changing ship course or by waiting for favorable weather
forecast [4]. The avoidance of heavy weather is partially considered by accepting the wave
atlas Global Wave Statistics (GWS) as the source of the wave data [5]. Namely, data in
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the GWS are collected by the observations from merchant ships that sail along standard
trading routes, excluding thus implicitly the most severe weather conditions [3]. Another
difficulty represents the fact that weather routing is not the same for all ship types. For
example, container ships experience frequent weather routing while oil tankers and bulk
carriers rarely change their planned course [6]. Wave statistics in the GWS are subjected to
the uncertainties of visual wave observations and wave directionality, as equal probability
of waves from all directions is assumed [3].

Alternative methods for the computation of extreme wave loads on ships are con-
sidered nowadays to account rationally for mentioned environmental and operational
uncertainties. Thus, IACS recently redefined the vertical hull girder loads for container
ships using the direct calculation approach [7]. The routing factor has been introduced to
reduce the design loads, which were found larger compared to the rule formulation. The
improvement of the wave data accuracy is considered by using hindcast numerical wave
databases [8,9]. An example of the application of the hindcast database for vessel response
prediction and fatigue damage estimation is presented in [10]. To efficiently employ the
wave hindcast database for the computation of wave loads on ships, it is essential to
account appropriately for weather routing effects. One possible approach is to compare the
hindcast database to the visual observations [11].

Although hindcast databases have already been used in ship seakeeping and structural
analysis (e.g., [8–10]), incorporation of the operability analysis in the calculation of the
extreme wave loads on ships is still missing. That aspect is crucial to obtain realistic
estimates of extreme wave loads. In the present study, a method is proposed to calculate
extreme wave loads that a ship encounters along a specific route using the hindcast database
and accounting for operational restrictions. A case study of a passenger ship sailing from
Croatian port Split to Italian port Ancona and vice versa in the Adriatic Sea is presented. All
sea states along the shipping route contained in the hindcast wave database for the period
from January 1997 to January 2020 are considered in four available locations along the route.
The most probable short-term extreme vertical wave bending moments are determined
for each sea state that the ship could encounter. The probability distribution of annual
extreme values is then determined for each location. System probability is determined by
combining extreme wave bending moments along the route, and bending moments for
large return periods are calculated. The effect of heavy weather avoidance is accounted
for by ship operability analysis, considering different operability criteria. Wave loads are
calculated for three cases:

1. Without any operational restrictions, i.e., for all sea states that ship could potentially
encounter along the route;

2. Full operational restrictions, i.e., the case when sea states not satisfying any of the
operational criteria are avoided;

3. Partial operability restrictions, i.e., the case when speed is considerably reduced for
sea states not satisfying any of the operational criteria.

The focus of the present study is on the probabilistic method for the computation of
extreme wave loads. Therefore, a simplified but efficient approach for the calculation of
wave-induced responses is used, employing closed-form expressions formulated by Jensen
et al. [12]. Seakeeping limiting values for operational criteria are taken specifically for the
passenger ship [13].

The paper is organized as follows: The ship and shipping route used in the analysis
are described in Section 2. Operability analysis is described in Section 3. The method for
the prediction of extreme wave bending moments is given in Section 4, while the results of
the analysis are provided in Section 5. Discussion of the results is given in Section 6, and
conclusions of the study are provided at the end of the paper. In Appendix A, histograms
of annual maximum vertical wave bending moments without and with operational restric-
tions are given, and in Appendix B, histograms of annual maximum vertical wave bending
moments for a case with reduced speed are presented.
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2. Ship and Shipping Route

2.1. Ship Particulars

The passenger ship (Figure 1) used for the seakeeping operability analysis is similar
to the ferry currently used for coastal and international lines in the Adriatic Sea. The main
particulars of the ship that correspond to the features of the vessel within the “larger ferry
category” are provided in Table 1.

 
Figure 1. 3D model of the ship used in the study (Adopted from [14]).

Table 1. Main particulars of the ship (Adopted from [14]).

Particular Value Measuring Unit Description

LOA 114 m Length overall
LPP 103.2 m Length between perpendiculars

B 18.7 m Width
T 5 m Draft
Δ 6565 t Displacement

CB 0.617 - Block coefficient
GM 1.94 m Metacentric height
vmax 17 kn Maximum speed

2.2. Shiping Route

The passenger ship used in the study is intended to sail between the Croatian port
Split and Italian port Ancona across the Adriatic Sea. The heading from Split to Ancona is
275◦ in nautical coordinates, and that from Ancona to Split is 95◦ (0◦ is toward the north).
Operability criteria and loads of the ship are determined in four points near the shipping
route, with geographical coordinates given in Table 2. The sailing route of the passenger
ship, together with four considered points, is shown in Figure 2.

Table 2. Locations of points in the Adriatic Sea (Adopted from [15]).

Point in the Adriatic Sea Latitude (◦) Longitude (◦)

Point 1 43.5 15.5
Point 2 43.5 15
Point 3 43.5 14.5
Point 4 43.5 14
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Figure 2. Points near the Split–Ancona route (Adopted from [15]).

3. Operability Analysis

3.1. Transfer Functions for Motions

Wave-induced ship motions are estimated by using closed-form, semi-analytical
expressions [12]. The procedure requires only the main ship dimensions as input data: ship
length, width, draft, block coefficient, and speed. Closed-form equations for the motion in
the vertical plane are derived according to the linear strip theory by neglecting the coupling
terms between heave and pitch and assuming a constant sectional added mass, equal to
the displaced water. Semi-analytical expressions for transfer functions of heave and pitch
are available in [12].

The transfer function of roll is defined in [12] as:

Φϕ =
|M|√[

−ω2(TN/2π)2 + 1
]2

C2
44 + ω2B2

44

(1)

where ω is the encounter frequency, |M| is the amplitude of the roll excitation moment, B44
is the hydrodynamic roll damping, C44 is the restoring moment coefficient, and TN is the
natural roll period. The viscous roll damping needs to be included in the calculation, and
in the present study, 20% of critical damping is used.

3.2. Wave Data

WorldWaves hindcast wave database, containing numerical wave simulation results,
calibrated by satellite data over 39 evenly scattered points in the Adriatic Sea for a 23-year
period (Figure 3) is employed. Historical information about sea states in four locations
near the sailing route is used for this study (location numbers 10, 12, 15, and 18 in Figure 3).
Each point contains 12 physical parameters measured every 6 h from January 1997 to
January 2020, which makes a total of 33,600 recorded logs. For the purposes of this study,
the significant wave height, the peak wave period, the mean wave directions, and time and
date records are used [16].

Table 3 shows the maximum recorded significant wave heights in four considered
points together with the dates of recordings. It is interesting to notice that maximum
significant wave height at three locations is recorded on the same date, indicating a high
spatial correlation among extreme sea states on this route.
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Figure 3. Thirty-nine evenly distributed locations in the Adriatic Sea ( Adopted from [14]).

Table 3. Maximum significant wave heights in 4 locations near the sailing route.

Point in the Adriatic Sea (Figure 2) Max. HS (m) Date

1 5.89 29 October 2018
2 6.18 29 October 2018
3 5.98 29 October 2018
4 5.65 11 November 2013

3.3. JONSWAP Wave Spectrum

The Joint North Sea Wave Project (JONSWAP) wave spectrum, which is the adjustment
of the Pierson–Moskowitz spectrum for the existence of a limited fetch and wind persis-
tence, is employed in this study for the semi-enclosed basin of the Adriatic Sea. Adequacy
of the JONSWAP wave spectrum formulation for the Adriatic Sea is shown in [16].

The JONSWAP wave spectrum used in the present study is defined by Det Norske
Veritas [17]:

SJ(ω) = AγSPM(ω)γ
exp(−0.5(

ω−ωp
σωp )

2
)
, (2)

where γ is a non-dimensional peak shape parameter, Aγ = 1 − 0.287 ln(γ) is a normalizing
factor, SPM(ω) is the Pierson–Moskowitz spectrum, ωp = 2π/Tp is the angular spectral
peak frequency, Tp is the peak wave period, and σ is the spectral width parameter.

The non-dimensional peak shape parameter reads:

−γ = 5 f or Tp√
Hs

≤ 3.6;

γ = exp
(

5.75 − 1.15 Tp√
Hs

)
f or 3.6 <

Tp√
Hs

< 5;

γ = 1 f or 5 ≤ Tp√
Hs

.

(3)

3.4. Operability Criteria and Limits

Seakeeping operability criteria considered in this paper are the root mean square (RMS)
of roll, the RMS of pitch, the RMS of the vertical acceleration at the forward perpendicular
(FP), the probability of slamming, the probability of green water, the probability of propeller
emergence, and the weighted average motion sickness incidence (WAMSI). The operability

75



J. Mar. Sci. Eng. 2021, 9, 1002

analysis is performed to estimate the percentage of time during which the ship may not
be able to sail on the given route and with a given speed. Limiting values of selected
operability criteria are shown in Table 4. Limiting values employed are universal for all
ship types, except limiting values of the roll and the vertical acceleration at FP, which are
specific for passenger ships [13].

Table 4. Operability criteria limiting values.

Operability Criterion Limiting Value

RMS of roll 2.5◦
RMS of pitch 1.5◦

RMS of vertical acceleration at FP 0.05 g
Probability of slamming 0.03

Probability of green water 0.05
Probability of propeller emergence 0.25

WAMSI 20% in 4 h

Expressions for calculating operability criteria using response spectra and correspond-
ing spectral moments are provided, e.g., in [18].

The passenger comfort criterion used in the present study is the WAMSI, given by:

WAMSI =

∫
MSI W dx∫

W dx
(4)

where MSI is the motion sickness incidence and W is the weighting function. Integrals in
Equation (4) are determined along the length of the passenger deck. The weighting function
represents the distribution of the people on the passenger deck, taken equal to 1 in the
present study, which means that equally weighted subjects are evenly distributed along the
passenger deck. The MSI is defined as the percentage of subjects who experienced nausea
within a certain amount of time calculated according to the expressions provided in [19]:

MSI = 100

⎡
⎣0.5 + er f

⎛
⎝ log10

(
0.798√m0v

g

)
− μMSI

0.4

⎞
⎠
⎤
⎦, (5)

where:

μMSI = −0.819 + 2.32
(

log10

(√
m0v

m2u

))2
, (6)

where m0v and m2u are the zeroth moment of the response spectrum of vertical acceleration
and the second moment of the response spectrum of vertical motion.

Recently, Overall Motion Sickness Incidence (OMSI) has been introduced as a measure
of passenger comfort, defined as the mean MSI over the length and breadth of the passenger
deck [20], which is not considered in the present study.

4. Method for the Prediction of Extreme Wave Loads

The transfer function of vertical wave-induced bending moment (VWBM) at midship
is calculated according to the closed-form expression [12]:

ΦM = κ
1 − kT(
keLpp

)2

[
1 − cos

(
keLpp

2

)
− keLpp

4
sin
(

keLpp

2

)]
·FV(Fn)·FC(CB)· 3

√
|cos β|·ρgB0L2

pp (7)

where ke represents the effective wave number, β is the heading angle, κ is the Smith
correction factor, FV(Fn) is the speed correction factor, FC(CB) is the correction factor for
the block coefficient, ρ = 1025 kg/m3 is the sea density, and B0 is the measured maximum
ship breadth at the waterline. Details on how to calculate terms appearing in Equation (7)
are given in [12].
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The most probable extreme value (MPEV) of VWBM in the short-term sea state
depends on the sea state duration Td = 21,600 s , which corresponds to wave data recording
at 6-hour intervals:

MPEV(VWBM) =

√
m0M ·2ln

(
Td
Tz

)
. (8)

Tz is the average zero-crossing period of the response, and it is defined as:

Tz = 2π

√
m0M

m2M

(9)

where m0M and m2M are the zeroth and second moments of the response spectrum of VWBM [21].
For a period of the availability of wave data (January 1997 to January 2020), annual

maximum VWBMs are extracted for all sea states in four locations along the route. His-
tograms are fitted with Gumbel distribution, which is commonly used as the extreme value
distribution function. Parameters of Gumbel distribution are estimated using the method
of moments [22,23].

The probability of exceedance of the long-term extreme VWBM can be written as:

Q =
1

RP
(10)

and the probability of non-exceedance is:

F = 1 − Q. (11)

where RP is the return period in years [23].
To determine the resulting extreme value distribution along the shipping route, ex-

treme value distributions at individual locations are to be statistically combined. A certain
level of VWBM is exceeded along the whole route if exceeded in any of the locations along
the route. This can be modeled by considering individual locations as members in a series
probabilistic system. First-order upper and lower bounds on the extreme value distribution
along the route can be set by considering members of the series system as statistically inde-
pendent or fully correlated, respectively. The concept was initially proposed by Mansour
and Preston considering wave zones in GWS along the route [24]. If one looks at the data
given in Table 3, it appears that extreme values at different locations along the route occur
at the same time, so the correlation of sea states between locations could be quite large.

If sea states along the location are assumed statistically independent, the system
probability of non-exceedance of the extreme vertical bending moment along the sailing
route Pne,SI reads:

Pne,SI =
n

∏
i=1

(Pnei )
ki , (12)

while the system probability of non-exceedance of extreme vertical bending moment for
fully correlated sea states along the route Pne,FC is [25]:

Pne,FC = min
i
(Pnei )

ki . (13)

ki appearing in Equations (12) and (13) represents the fraction of time that the ship
spends in each of n wave locations. If the time spent in port is neglected, then ∑n

i=1 ki = 1. It
is assumed in this study that the ship spends an equal amount of time at each of four
locations; i.e., n = 4 and ki = 0.25. If probability distributions are different for two opposite
traveling directions at the same location, then n = 8 and ki = 0.125.

Combined probability distributions along the route, given by Equations (12) and (13),
can be calculated numerically. Combined probability distributions are plotted on the
VWBM − Pne diagram, and VWBMs for a 20-year return period are obtained.
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5. Results

5.1. Operability Plot

The polar plot in Figure 4 represents the limit values of calculated operability criteria
for different wave heading angles and significant wave heights. Only a maximum ship
speed of 17 knots is considered in the operability analysis. Values in the polar plot are
estimated for the modal spectral frequency ωm, which is in the Adriatic Sea given as [17]:

ωm = 0.52 +
1.4

0.7 + Hs
. (14)

 

Figure 4. Polar plot (head sea is 180◦) (Adopted from [15]).

When the ship sails from Ancona to Split, during the most frequent south-eastern
wind, waves encounter the ship at 220◦, which is equal to 140◦ due to symmetry. From
Figure 4, one may notice that the limiting vertical acceleration at the FP is exceeded firstly
at the significant wave height Hs = 2.75 m. When the ship sails from Split to Ancona,
waves encounter the ship at 40◦, and it can be seen from Figure 4 that the limit value of the
propeller emergence is exceeded firstly at significant wave height Hs = 2.75 m.

The frequencies of exceedance of operability criteria limits for all sea states contained
in the hindcasted wave database are presented in Table 5. Frequencies of exceedance for
each criterion are obtained by dividing the number of exceedances by the total number
of sea states. The total frequency of exceedance when at least one criterion is not satisfied
is given in the last column of Table 5. Values outside parentheses in Table 5 refer to
westward voyages from Split to Ancona, and values in parentheses are valid for the
opposite direction. It can be seen the route from Ancona to Split has an appreciably larger
frequency of exceeding operability criteria than the direction from Split to Ancona.

5.2. Probability Distributions of Extreme VWBM at Individual Locations

Short-term yearly extreme VWBMs are calculated in four points along the sailing
route for all sea states and only for sea states satisfying operability criteria. The fitting
of the Gumbel distribution to the histogram of VWBM is presented in Figures A1–A3 in
Appendix A. It may be noticed that the Gumbel distribution in some of the cases does not
follow VWBM histograms, so other distribution functions may also be considered for that
purpose. However, as the Gumbel distribution is often used for modeling annual extreme
values of waves and wave-induced responses (e.g., [18]) it is adopted in the present study
as well.
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Table 5. Frequencies (in %) of exceeding operability criteria limits for wave data at points 1, 2, 3, and 4 (Figure 2) for the
route Split to Ancona (values for the opposite route in parentheses) (Adopted from [15]).

Point

Operability Criteria

Roll Pitch Vertical Acc. at FP Slamming
Green
Water

Propeller
Emergence

WAMSI Total

1
0.40 0 0.11 0 0 1.89 0.01 2.06

(0.17) (0.04) (2.12) (0.11) (0) (1.14) (0.14) (2.62)

2
0.36 0 0.11 0 0 2.13 0.01 2.25

(0.16) (0.07) (2.76) (0.17) (0) (1.34) (0.15) (3.24)

3
0.38 0 0.11 0 0 2.02 0.02 2.15

(0.22) (0.07) (2.89) (0.18) (0) (1.38) (0.18) (3.40)

4
0.55 0 0.09 0.003 0 1.82 0.02 1.97

(0.36) (0.08) (3.44) (0.23) (0) (1.56) (0.23) (4.03)

According to the Equation (7), VWBMs are the same in both sailing directions. Con-
sequently, there are no differences in extreme values when operability criteria are not
considered. However, the extreme VWBMs calculated only for those sea states satisfying
operability criteria are different for two sailing directions due to differences in meeting the
operability criteria.

For a 20-year return period, F = 0.95 is determined using Equations (10) and (11). The
most probable long-term extreme value of VWBM is then obtained from the corresponding
Gumbel probability distribution and presented in Table 6. It may be seen that in sea states
meeting seakeeping operability criteria, extreme VWBMs are quite similar in different
points along the route. Expectedly, extreme wave moments are considerably larger in sea
states when operability criteria were not considered than moments when the operability
criteria were considered.

Table 6. The most probable long-term extreme values of vertical wave bending moments for a 20-year
return period at individual locations along the route (MNm).

Point (Figure 2)

Long-Term Extreme VWBM for 20-Year Return Period (MNm)

All Sea States

Sea States Satisfying Operability Criteria

Split–Ancona
275◦

Ancona–Split
95◦

1 124 76 68
2 139 76 73
3 152 78 73
4 150 77 68

5.3. System Probabilities

System probabilities of extreme VWBM for all sea states and for only those sea states
satisfying operability criteria are shown in Figure 5. The curves obtained in Figure 5 are
determined numerically by the procedure described in Section 4.

For the long return period of 20 years, bounds of extreme VWBM can be determined
from diagrams in Figure 5. These values are presented in Table 7, where the left column
represents values determined from fully correlated system probabilities and the right
column represents statistically independent system probabilities.
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(a) (b) 

Figure 5. System probabilities of non-exceedance of extreme VWBM calculated for (a) all sea states and (b) sea states
satisfying operability criteria.

Table 7. Bounds of extreme vertical bending moments.

VWBM (MNm) Determined from Pne,FC VWBM (MNm) Determined from Pne,SI

All sea states 125 143
Sea states satisfying operability criteria 69 75

It may be seen from Table 7 that the effect of possible operational restrictions is huge,
as the extreme VWBMs are halved if operational restrictions are imposed. The effect of the
assumption of the statistical independence is to increase VWBM by about 10% compared
to the assumption of full correlation between different locations along the route. The
assumption of full correlation seems to be more realistic, according to Table 3. Namely,
extreme sea states and consequently extreme wave bending moments at different locations
are likely to be achieved during the same voyage.

5.4. The Effect of the Speed Reduction in Severe Sea States

It is unlikely that navigation will be completely suspended during heavy seas. If waves
increase during the voyage, and the possibility of exceeding the limits of operability criteria
appears, the captain will either reduce the speed or change the direction of navigation.

Extreme VWBMs in Sections 5.2 and 5.3 are calculated for a case where the ship is
sailing with a constant speed of 17 knots. To investigate the effect of speed reduction, only
for those sea states where the operability criteria limits are exceeded, speed is reduced
to 5 knots. Histograms of annual maximum VWBM calculated for courses 275◦ and 95◦
are shown in Figures A4 and A5 in Appendix B, together with the Gumbel distribution
fitted. The most probable long-term extreme VWBMs for a return period of 20 years at each
location are shown in Table 8. Figure 6 presents system probabilities of non-exceedance
of the extreme VWBM, and Table 9 presents the bounds of the most probable long-term
extreme VWBM for this case.
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Table 8. The most probable long-term extreme values of vertical wave bending moments for a 20-year
return period calculated for a speed of 17 knots on sea states satisfying operability criteria and a
speed of 5 knots on sea states not satisfying operability criteria.

Point (Figure 2)

Long-Term Extreme VWBM for 20-Year Return Period (MNm)

Split–Ancona
275◦

Ancona–Split
95◦

1 104 103
2 116 117
3 126 126
4 124 125

 
Figure 6. System probabilities of non-exceedance of extreme VWBM for reduced speed.

Table 9. Bounds of extreme vertical bending moments calculated for speed of 5 knots on sea states
not satisfying operability criteria.

VWBM (MNm) Determined from Pne,FC VWBM (MNm) Determined from Pne,SI

95 120

6. Discussion

The most probable extreme VWBM for the return period of 20 years along the shipping
route is summarized in Figure 7. Results are shown for statistically independent and fully
correlated extreme values along the shipping route and using different assumptions about
the consequences of the operability analysis.

The first, albeit unrealistic option is to use full ship speed in all sea states recorded
along the traveling route (in Figure 7a). If all sea states not satisfying operability criteria are
avoided, the most probable extreme wave loads are reduced by a factor of 2 (in Figure 7b).
If these sea states are not avoided, but ship speed is reduced to the minimum cruising speed,
then extreme VWBM decreases by about 20% compared to the full speed (in Figure 7c). The
effect of the correlation between short-term sea states along the route is to reduce extremes
obtained by assuming statistical independence by 8–21%.
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Figure 7. Comparison of extreme VWBMs determined from fully correlated and statistically independent system probabili-
ties for (a) all sea states, (b) only sea states satisfying operability criteria with speed of 17 knots, and (c) a case when ship
speed is reduced to 5 knots on sea states not satisfying operability criteria.

The results presented in Figure 7 are compared to the commonly used long-term
procedure for the calculation of the extreme wave loads [1]. A combined wave scatter
diagram is obtained for four considered locations. All heading angles in the interval 0–2π
are assumed to be equally probable and the JONSWAP wave spectrum is used. Constant
ship speed of 17 and 5 knots is used in two separate analyses. VWBM corresponding to
10−8 probability level is extracted from the long-term distribution and considered as the
extreme value for the return period of 20 years. Software developed in [26] is used for a
long-term analysis. The most probable extreme VWBM of 145 and 123 MNm is obtained
for ship speed of 17 and 5 knots, respectively. These values are almost identical to the
corresponding results presented in Figure 7 for the statistically independent case.

Validation of the method for the prediction of extreme wave loads could ideally
be done by comparison with full-scale measurements. Such long-term measurement
campaigns are, however, rare and difficult to organize [27]. An alternative approach would
be to compare the results of the operability analysis with the practice of shipmasters of
actual ships in service. This can be done by organizing an interview with shipmasters
having experience with similar ships and in a similar wave environment to the one analyzed
in the present study. An example of such an interview regarding analysis of a large
container ship is presented in [28].

The rare examples of passenger ship accidents in the Adriatic Sea caused by large
waves are a possible source of validation of the operability analysis. One such accident
happened in November 2012, at 3 a.m., to the ferry sailing from Ancona to Split. Seventy
vehicles collided with other vehicles and sides of the ferry, which caused great damage. The
accident happened because the roll amplitudes were too large [28]. Significant wave height
at the time of the accident was just above 5 m, while wave heading angle was about 140◦.
Comparing these values with the operability plot in Figure 4, one may conclude that ship
was sailing at the operability limit for roll motion while limiting values for bow acceleration
and pitch motion were largely exceeded. It is interesting to notice that the shipmaster had
to change the course to following waves to avoid large rolling amplitudes [28].

The present analysis is performed for a ship sailing in the Adriatic Sea, as a specific sea
environment. Similar analysis can be performed for other ship types and other shipping
routes. When other ship types are analyzed, differences are expected in the first place
regarding operability criteria limiting values, as the values adopted in the present study are
valid for the passenger ships. Regarding different wave environments, the North Atlantic,
which is considered as the design wave environment for ocean-going ships sailing without
limitation, is of particular interest. Such analysis for the sailing route in the North Atlantic
could be performed using, e.g., the ERA5 wave database [25].
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It is to be mentioned that the Gumbel distribution is not always a perfect fit to the
histogram of annual extreme VWBM, as may be seen in the appendices. Therefore, other
distribution functions may also be considered for that purpose. The goodness-of-fit analysis
is to be performed to find out the appropriate probability distribution.

To perform the extreme value analysis, it is necessary to have wave information for
a period of at least 20 years [29], which is satisfied in the present study. For the analysis
based on the long-term distribution, a minimum length of 20% of the desired return period
is advised [30]. A convergence study to determine the sensitivity of predicted extreme
values on the length of the wave data set is nevertheless recommended.

It should be noted that only linear wave loads are considered in this study. The
most important effect of nonlinearity is the difference between sagging and hogging
VWBM. The effect is particularly important for fine-form ships with low block coefficients,
where sagging and hogging bending moments are larger and smaller than linear values,
respectively. Simplified corrections for nonlinear VWBM that can be implemented in the
present procedure to extend linear computation are presented in [31,32].

7. Conclusions

The method for calculating long-term extreme values of wave loads on a ship along a
defined traveling route is described. The method is based on the hindcast wave database
at discrete locations along the shipping route and ship operability analysis. Multiple
operability criteria are considered, while transfer functions of wave-induced motions and
loads are determined using closed-form expressions developed by Jensen et al. [12]. As the
hindcast databases provide sea states in regular time intervals, the most probable extreme
values of wave loads are determined for short-term sea states with a duration equal to the
time resolution of the database (6 h). Annual maximum values of wave-induced loads
are then determined for each location along the route, and Gumbel distribution is fitted.
Gumbel distributions are then statistically combined along the route considering sea states
at individual locations as independent or fully correlated members of a serial probabilistic
system. The procedure enables a determination of the most probable values of wave
loads for long return periods that may be used in ship structural design. The present
method and the commonly used long-term distribution method result in almost the same
long-term extreme values if the assumption of statistical independence among sea states at
different locations is adopted. Furthermore, the presented method enables consideration of
correlation among wave zones and quantification of the sensitivity of wave loads regarding
operational criteria when direct calculation methods are used in ship structural design.

The following conclusions in terms of numerical results are obtained in the study:

• Operational criteria are not satisfied in 2–4% of sea states in four locations along the
shipping route.

• If sea states where operability criteria are not satisfied are completely avoided, long-
term extreme vertical wave bending moment is reduced by a factor of 2.

• If ship speed is reduced to the minimum cruising speed in sea states where operability
criteria are not satisfied, instead of avoiding those sea states, long-term extreme
vertical wave bending moment is reduced by about 20%.

• If the assumption of full statistical correlation among sea states along the shipping
route is adopted, long-term extreme vertical wave bending moment is reduced by 8–
21%. It should be mentioned that wave data in the database indicate that assumption
of correlation is justified for this specific, relatively short shipping route.
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Appendix A. Annual Maximum Vertical Wave Bending Moments

Appendix A.1. All Sea States

 
(a) (b) 

 
(c) (d) 

Figure A1. Annual maximum vertical wave bending moments calculated for all sea states: (a) at point 1; (b) at point 2; (c) at
point 3; (d) at point 4.
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Appendix A.2. Sea States Satisfying Operability Criteria on the Sailing Route from Split to Ancona

 
(a) (b) 

 
(c) (d) 

Figure A2. Annual maximum vertical wave bending moments calculated for the ship sailing from Split to Ancona for sea
states satisfying operability criteria: (a) at point 1; (b) at point 2; (c) at point 3; (d) at point 4.

Appendix A.3. Sea States Satisfying Operability Criteria on the Sailing Route from Ancona to Split

 
(a) (b) 

Figure A3. Cont.

85



J. Mar. Sci. Eng. 2021, 9, 1002

 
(c) (d) 

Figure A3. Annual maximum vertical wave bending moments calculated for the ship sailing from Ancona to Split for sea
states satisfying operability criteria: (a) at point 1; (b) at point 2; (c) at point 3; (d) at point 4.

Appendix B. Annual Maximum Vertical Wave Bending Moments for a Case of

Reduced Speed on Sea States That Do Not Meet Operability Criteria

Appendix B.1. Voyage from Split to Ancona

 
(a) (b) 

 
(c) (d) 

Figure A4. Annual maximum VWBM calculated for a speed of 17 knots on sea states satisfying operability criteria and a
speed of 5 knots on sea states not satisfying operability criteria: (a) at point 1; (b) at point 2; (c) at point 3; (d) at point 4 on
course 275◦.
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Appendix B.2. Voyage from Ancona to Split

 
(a) (b) 

 
(c) (d) 

Figure A5. Annual maximum VWBM calculated for a speed of 17 knots on sea states satisfying operability criteria and a
speed of 5 knots on sea states not satisfying operability criteria: (a) at point 1; (b) at point 2; (c) at point 3; (d) at point 4 on
course 95◦.
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Abstract: Analytical method using Rayleigh–Ritz method has not been widely used recently due
to intensive use of finite element analysis (FEA). However as long as suitable mode functions
together with component mode synthesis (CMS) can be provided, Rayleigh–Ritz method is still
useful for the vibration analysis of many local structures in a ship such as tanks and supports for
an equipment. In this study, polynomials which combines a simple and a fixed support have been
proposed for the satisfaction of boundary conditions at a junction. Higher order polynomials have
been generated using those suggested by Bhat. Since higher order polynomials used only satisfy
geometrical boundary conditions, two ways are tried. One neglects moment continuity and the other
satisfies moment continuity by sum of mode polynomials. Numerical analysis have been performed
for typical shapes, which can generate easily more complicated structures. Comparison with FEA
result shows good agreements enough to be used for practical purpose. Frequently dynamic behavior
of one specific subcomponent is more concerned. In this case suitable way to estimate dynamic
and static coupling of subcomponents connected to this specific subcomponent should be provided,
which is not easy task. Elimination of generalized coordinates for subcomponents by mode by mode
satisfaction of boundary conditions has been proposed. These results are still very useful for initial
guidance.

Keywords: mode polynomials; CMS (component mode synthesis); FEA (finite element analysis);
PMSC (proposal of methodology for a simplification of computation)

1. Introduction

Each tank installed on the ship is arranged in the stern and engine room of the ship
considering the cargo loading space, and there is a possibility that excessive vibration
may occur due to the main excitation forces (main engine and propeller) that causes the
ship vibration. If excessive vibration occurs after drying, it occurs significant restrictions
and high cost on reinforcing work such as welding and special painting inside the tank.
Therefore, anti-vibration measures are required at the design stage, along with a commercial
program (MSC Patran/Nastran), in some cases, a calculation program [1,2] that can simply
check the natural frequency has been developed and used.

In order to have an anti-vibration design of structures through calculation methods,
it is necessary to analyze the normal mode for resonance avoidance with the main excitation
force. For the normal mode analysis of structures, analytical methods such as Rayleigh–Ritz
method are widely used together with finite element method. Although the finite element
method is widely used in recent years, the analytical method which can be easily and
simply reviewed at the initial design stage is still useful because the calculation time is
longer than that of the analytical method.
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Analytical methods require an approach that can yield more reliable results. In general,
when the analytical method is applied, the Euler’s beam function is used.

However, since the operation is very complicated, a study has been made on a poly-
nomial having a beam property in order to simplify it. Park and Yang [3] performed the
calculation of the natural frequency of the connected rectangular plate using a polynomial.
Bhat [4] uses a polynomial as mode functions. Han [5,6] analyzed the complex vibration of
the panel using the assumed mode method as an analytical method.

Kim [7] carried out the vibration analysis of the rectangular reinforced plate using
polynomial with Timoshenko beam function property which can consider the rotational
inertia and shear deformation effect of plate and stiffener. However, all calculations in
the above mentioned studies are performed with given boundary conditions. The above
mentioned studies were performed with differentiated boundary condition such as simple
and fixed boundary conditions for a single structure.

However, the ship structure is not a single but a connection structure. Therefore,
it is not appropriate to calculate the connection structure by simply assigning a simple
or fixed boundary condition. CMS (component mode synthesis) method was applied to
calculate the connection structure [8,9]. The first CMS method was presented by Hurty [10]
in 1960. Alessandro Cammarata [11] introduced a wide range of CMS content, described an
algorithm applied to flexible multi-objects, and a method of reducing degrees of freedom.
In order to calculate the normal mode analysis of the connected structure using the CMS
method, it is important to define the constraint at the connection part, and various studies
on the constraint conditions at the junction were performed by Hurty et al. [12–18].

Carrera et al. [19] is developed theory that can be solved by converting a three-
dimensional model for large deformation of a structure into one dimension was developed
and applied to the calculation. Pagani et al. [20] is explained that the natural frequency and
mode shape can be changed significantly when the metal structure is subjected to large
displacement and rotation under geometrical nonlinear conditions.

Further, geometric nonlinear total Lagrange formula including cross-sectional defor-
mation was developed to implement the vibration mode of the composite beam structure
in the nonlinear region [21].

As mentioned above, many studies have been conducted, but it is still important to
find a way to minimize the convergence of boundary conditions at the junction. This study
proposed the following method to minimize the convergence of boundary conditions at
the junction.

Firstly, we have proposed polynomials combining fixed and simple supports to satisfy
boundary condition at junctions between each subsystem. We know that this approach has
never been tried.

Secondly, although Bhat [4] proposed a fixed and simple support function, the calcula-
tion was performed by applying it to a simple plate. In addition, the function proposed by
Bhat does not satisfy the natural condition in higher order terms of second or higher order.

In this study, in order to compensate for this problem, calculations were performed
for the two cases mentioned below at the connection point and the results were compared
in Section 4.1.

(1) Displacement, slope, and moment continuity (total sum of natural conditions is
continuous);

(2) Displacement, and slope continuity (ignoring natural conditions).

For reference, the geometrical boundary condition mentioned in this manuscript refers
to the boundary condition for displacement and slope, and the natural boundary condition
refers to the boundary condition for moment. [4]

Third, in order to confirm the usefulness of the proposed method, a numerical analysis
was performed on the representative shape of two and three components typical.

In particular, for the two component type, various verifications were performed in the
entire length range 0 � x � 1 according to the length ratio (LA:LB).
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Fourth, frequently, only specific subcomponent is more concerned for vibration anal-
ysis. In this case, the suitable boundary conditions to consider the static and dynamic
coupling from the other subcomponent through junctions should be provided. However,
the suggestions for such boundary conditions are hardly found. In this study, in order
to calculate the above case, A simplified method that can reduce the degree of freedom
up to 50% by matching the subcomponent mode and the interest component mode as a
constraint condition at the junctions is also proposed.

The purpose of the simplification method presented in this study is to show that it is
possible to calculate a method that can reduce the degree of freedom by 50%, rather than a
method for comparing numerical calculation results with the existing method. Although
this method is somewhat excessive, as a result, it satisfies the finite element analysis (FEA)
result and the analysis error of 15%, which is appropriate as an approximate numerical
methodology, so it is considered to be efficient for approximate numerical calculation.

In addition, a three component structure was used for the calculation of structures
in which symmetric and asymmetric modes occur repeatedly. A mode function having
an appropriate boundary condition for a three component structure is proposed. The
case of three component structures, fixed-fixed, fixed-simple, simple-fixed, fixed-free,
simple-simple, and displacement functions were used.

A method of simplifying and calculating it for asymmetric and symmetric modes was
proposed.

2. Definition of Assumed Mode Functions

The component mode synthesis is suitable for the vibration analysis of many local
structures in ships such as tanks and supports for equipment, in which structures are
divided into smaller subcomponents.

In the component mode synthesis, each mode function does not need to satisfy the
junction conditions as long as their combined sum allows these junction conditions to be
satisfied.

Nevertheless efficient mode functions to improve convergence are still very important
for the practical use. Polynomials are frequently considered as mode functions [4]. Junction
conditions among subcomponent are neither fixed nor simple support. It is a reasonable
guess for mode functions to be represented by combined sum of functions for fixed and
simple support. To represent the basic ideas of the method of modal synthesis, an example
shown in Figure 1 is used. Vibration only in the plane of paper is considered.

 
(a) (b) 

Figure 1. Structure model of two section type connected beam. (a) Simplify model; (b) finite element
analysis (FEA) Model.

2.1. Two Components Type Connected Structure

The beam is separated into two sections OA and OB, whose coordinates are shown as
wA; x and wB; x.

The properties of structures used in the numerical analysis are shown in Table 1.
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Table 1. Properties and cross section of model.

Category WA WB Cross Section

Density [kg/m3] 7850 7850
Length [m] 5 5/4/2.5
Area [m2] 0.1 0.1

Young’s modulus [N/mm2] 2.10 × 105 2.10 × 105

2nd moment of area [mm4] 3.33 × 108 3.33 × 108

Deflections can be shown as below.

WA(x, t) =
m

∑
i=1

wAi(x) · pAi(t) (1)

WB(x, t) =
n

∑
i=1

wBi(x) · pBi(t) (2)

For the simple explanation of component mode synthesis, Euler beam are assumed
and (EI)A = (EI)B = EI.

Where E and I are Young’s modulus and 2nd moment of area, and LA and LB are
length of beams.

The deflection of subcomponent OA and OB using fixed and simple boundary condi-
tion can be expressed as below.

Where xA and xB are non-dimensional such that ζ = xA
LA

, ξ = xB
LB

:

WA(ζ, t) =
m

∑
i=1

(ψi(ζ)pAi(t) + φi(ζ)qAi(t)) (3)

WB(ξ, t) =
n

∑
j=1

(
ψj(ξ)pBj(t) + φj(ξ)qBj(t)

)
(4)

and pAi(t), qAi(t), pBj(t), qBj(t) are the general coordinate system in the mode function of
beam.

The polynomials mode function for ψi, φi are suggested such that ψi for fixed-fixed
boundary condition and φi for fixed-simple boundary conditions.

ψ1 can be derived by assuming fourth order polynomial and boundary conditions.
Looking at the process of deriving a fixed-fixed function:

ψ1(ζ) = a0 + a1 × ζ + a2 × ζ2 + a3 × ζ3 + a4 × ζ4 (5)

Applying geometric boundary condition ψ1(0) = 0, ψ1
′(0) = 0, ψ1(1) = 0 and ψ1

′(1) =
0 to Equation (5) yields a fixed-fixed fundamental mode function such as Equation (6).

ψ1(ζ) =
(

ζ4 − 2ζ3 + ζ2
)

A1 (6)

φ1 can be derived by assuming 3rd order (only used geometric boundary condition) and
fourth order (combine used geometric and natural boundary condition) polynomial and
boundary conditions.

First, the fundamental mode function of a third polynomial is

φ1(ζ) = a0 + a1 × ζ + a2 × ζ2 + a3 × ζ3 (7)

Applying φ1(0) = 0, φ1
′(0) = 0 and φ1(1) = 0 to Equation (7) yields a fixed-simple

fundamental mode function such as Equation (8):

φ1(ζ) =
(

ζ3 − ζ2
)

B1 (8)
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and the fundamental mode function of a fixed-simple 4th polynomial is

φ1(ζ) = a0 + a1 × ζ + a2 × ζ2 + a3 × ζ3 + a4 × ζ4 (9)

Applying φ1(0) = 0, φ1
′(0) = 0, φ1(1) = 0 and φ1

′′ (1) = 0 to Equation (9) yields a
fixed-simple fundamental mode function such as Equation (10):

φ1(ζ) = ζ(ζ − 1)
(

2ζ2 − 3ζ
)

B1 (10)

The coefficients A1 and B1 are implemented using the orthogonal formula of the beam
function: ∫ 1

0
ψiψjdζ = δij (11)

∫ 1

0
φiφjdζ = δij (12)

where i, j is the vibration order, and δij is Kronecker delta.

A1 =

∫ 1
0 ψ2

1dζ√∫ 1
0

(
ζ4 − 2ζ3 + ζ2

)2
dζ

(13)

B1 =

∫ 1
0 φ2

1dζ√∫ 1
0

(
ζ4 − 2.5ζ3 + 1.5ζ2

)2
dζ

(14)

and the mode function of the second mode or more can be implemented from the following
Equations (15) to (16). The expansion to higher mode is the same regardless of the third or
fourth fundamental mode function:

ψk = Ak

[
ψk−1 × ζ −

k−1

∑
i=1

aki × ψk−1

]
(15)

φk = Bk

[
φk−1 × ζ −

k−1

∑
i=1

bki × φk−1

]
(16)

The coefficients aki, bki can be obtained from the orthogonal relation of the Equations
(15) to (16).

The mass and stiffness matrix was obtained for each of the defined mode functions,
and slope was given as constraint at the connection point to implement the natural fre-
quency and mode of the connected beams.

The mass matrix and stiffness matrix using suggested polynomials are shown in
Equations (17) and (18):

[MA] = mLA

∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ1ψ1 · · · ψ1ψm ψ1φ1 · · · ψ1φm
...

. . .
...

...
...

ψmψ1 · · · ψmψm ψmφ1 · · · ψmφm
φ1ψ1 · · · φ1ψm φ1φ1 · · · ϕ1φm

...
. . .

...
...

...
φmψ1 · · · φmψm φmφ1 · · · φmφm

∣∣∣∣∣∣∣∣∣∣∣∣∣∣
(17)
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[KA] =
8EI
L3

A

∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ
′′
1 ψ

′′
1 · · · ψ

′′
1 ψ

′′
m ψ

′′
1 φ

′′
1 · · · ψ

′′
1 φ

′′
m

...
. . .

...
...

...
ψ

′′
mψ

′′
1 · · · ψ

′′
mψ

′′
m ψ

′′
mφ

′′
1 · · · ψ

′′
mφ

′′
m

φ
′′
1 ψ

′′
1 · · · φ

′′
1 ψ

′′
m φ

′′
1 φ

′′
1 · · · φ

′′
1 φ

′′
m

...
. . .

...
...

...
φ
′′
1 ψ

′′
1 · · · φ

′′
mψ

′′
m φ

′′
m ϕ

′′
1 · · · φ

′′
mφ

′′
m

∣∣∣∣∣∣∣∣∣∣∣∣∣∣
(18)

where m is mass per unit length, we can express the mass matrix as follows by using
orthogonality:

[MA] = mLA

∣∣∣∣∣∣∣∣∣∣∣∣∣∣

1 · · · 0 ψ1φ1 · · · ψ1φm
...

. . .
...

...
...

0 · · · 1 ψmφ1 · · · ψmφm
φ1ψ1 · · · φ1ψm 1 · · · 0

...
. . .

...
...

. . .
...

φmψ1 · · · φmψm 0 · · · 1

∣∣∣∣∣∣∣∣∣∣∣∣∣∣
(19)

and MB, KB can be expressed in a similar.
Therefore, the mass and stiffness matrix of the subcomponents in Figure 1 can be

expressed as in Equations (20) and (21):

[M] =

∣∣∣∣ MA 0
0 MB

∣∣∣∣ (20)

[K] =
∣∣∣∣ KA 0

0 KB

∣∣∣∣ (21)

Note that no coupling between the displacement of OA and that of OB.
Note that the number of generalized coordinates shall be 2 (m + n), in order to simplify

the calculation process, only slope was assigned as a constraint condition at the connection
point.

The coordinate system reflecting the constraints is expressed in Equation (22); where
α is the ratio of length for subcomponents (α = LB/LA):

⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

pA1
...

pAm
qA1

...
qAm
pB1

...
pBn
qB1

...
qBn

⎫⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎭

=

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

1 · · · 0 0 · · · 0 0 · · · 0 0 · · · 0
...

. . .
...

...
. . .

...
...

. . .
...

...
. . .

...
0 · · · 1 0 · · · 0 0 · · · 0 0 · · · 0
0 · · · 0 1 · · · 0 0 · · · 0 0 · · · 0
...

. . .
...

...
. . .

...
...

. . .
...

...
. . .

...
0 · · · 0 0 · · · 1 0 · · · 0 0 · · · 0
0 · · · 0 0 · · · 0 1 · · · 0 0 · · · 0
...

. . .
...

...
. . .

...
...

. . .
...

...
. . .

...
0 · · · 0 0 · · · 0 0 · · · 1 0 · · · 0
0 · · · 0 0 · · · 0 0 · · · 0 1 · · · 0
...

. . .
...

...
. . .

...
...

. . .
...

...
. . .

...

0 · · · 0 α
φ′

1
φ′

n
· · · α

φ′
m

φ′
n

0 · · · 0 − φ′
1

φ′
n

· · · − φ′
n−1

φ′
n

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

pA1
...

pAm
qA1

...
qAm
pB1

...
pBn−1

qB1
...

qBn−1

⎫⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎭

(22)

the [M], [K], and [C] matrix obtained in this way were substituted into the Lagrange
equation of motion to calculate the natural frequencies, and the results are mentioned in
Section 4.
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2.2. Three Components Type Connected Structure

The beam is separated into three sections AB, BD, and CD, whose coordinates are
shown as wA; x, wB; x, and wC; x.

The properties of structures used in the numerical analysis are shown in Table 2.

Table 2. Properties & cross section of model.

Category WA WB WC Cross Section

Density [kg/m3] 7850 7850 7850
Length [m] 5 5/2.5 5
Area [m2] 0.1 0.1 0.1

Young’s modulus [N/mm2] 2.10 × 105 2.10 × 105 2.10 × 105

2nd moment of area [mm4] 3.33 × 108 3.33 × 108 3.33 × 108

Deflections can be shown as below

WA(x, t) =
m

∑
i=1

wAi(x) · pAi(t) (23)

WB(x, t) =
n

∑
i=1

wBi(x) · pBi(t) (24)

WC(x, t) =
k

∑
i=1

wCi(x) · pCi(t) (25)

The deflection of subcomponent AB, CD and BD using fixed and simple boundary
condition can be expressed as below:

WA(ζ, t) =
m

∑
i=1

(ψi(ζ)pAi(t) + φi(ζ)qAi(t) + γi(ζ)rAi(t)) (26)

WB(ξ, t) =
n

∑
j=1

(
φj(ξ)qBj(t) + υj(ξ)sBj(t) + λj(ξ)oBj(t)

)
(27)

WC(η, t) =
s

∑
k=1

(ψk(η)pCk(t) + φk(η)qCk(t) + γk(η)rCk(t)) (28)

UB0(ξ, t) = ub0(t) (29)

UB1(ξ, t) = ub1(t) (30)

where xA, xB, and xc are non-dimensional such that ζ = xA
LA

, ξ = xB
LB

, η = xC
LC

. pAi(t), qAi(t),
rAi(t), qBj(t), sBj(t), oBj(t), pCk(t), qCk(t), rCk(t), ub0(t),ub1(t) are the general coordinate
system in the mode function of beams, and UB0 and UB1 are displacement functions
of both sides in horizontal beam. LA, LB and LC are length of beams, separately.

Polynomial mode functions ψi and φi are mentioned in Section 2.1. Where γi, νj,
and λj are functions for fixed-free, simple-fixed, and simple-simple boundary conditions,
respectively.

The fundamental mode function reflecting each boundary condition is shown in
Tables 3–5.
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Table 3. Fixed-free fundamental mode function (γ1).

Boundary Condition Mathematical Expression Fundamental Mode Function

GBC (2) + NBC (2) γ1(0) = 0, γ1
′(0) = 0 ζ4 − 4ζ3 + 6ζ2

γ1
′′ (1) = 0, γ1

′′′ (1) = 0

GBC (2): Geometric Boundary Condition (number of boundary condition). NBC (2): Natural Bound-
ary Condition (number of boundary condition).

Table 4. Simple-fixed fundamental mode function (υ1).

Boundary Condition Mathematical Expression Fundamental Mode Function

GBC (3) + NBC (1) υ1
′′ (0) = 0, υ1(0) = 0 ξ4 − 1.5ξ3 + 0.5ξ

υ1(1) = 0, υ1
′(1) = 0

Table 5. Simple-simple fundamental mode function (λ1).

Boundary Condition Mathematical Expression Fundamental Mode Function

GBC (2) + NBC (2) λ1(0) = 0, λ1(1) = 0 ξ4 − 2ξ3 + ξ
λ1

′′ (0) = 0, λ1
′′ (1) = 0

The expansion to the higher-order term for the fundamental mode function for each
boundary condition defined in Tables 3–5 is the same as the method mentioned in Equations
(11) to (16). It shows the mass and stiffness matrix for the vertical member among the
three component structures with the expanded mode function, as shown in Equations (31)
and (32):

[MA] = mLA

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ1ψ1 · · · ψ1ψm ψ1φ1 · · · ψ1φm ψ1γ1 · · · ψ1γm
...

. . .
...

...
. . .

...
...

. . .
...

ψmψ1 · · · ψmψm ψmφ1 · · · ψmφm ψmγ1 · · · ψmγm
φ1ψ1 · · · φ1ψm φ1φ1 · · · φ1φm φ1γ1 · · · φ1γm

...
. . .

...
...

. . .
...

...
. . .

...
φmψ1 · · · φmψm φmφ1 · · · φmφm φmγ1 · · · φmγm
γ1ψ1 · · · γ1ψm γ1φ1 · · · γ1φm γ1γ1 · · · γ1γm

...
. . .

...
...

. . .
...

...
. . .

...
γmψ1 · · · γmψm γmφ1 · · · γmφm γmγ1 · · · γmγm

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

(31)

[KA] =
8EI
L3

A

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ
′′
1 ψ

′′
1 · · · ψ

′′
1 ψ

′′
m ψ

′′
1 φ

′′
1 · · · ψ

′′
1 φ

′′
m ψ

′′
1 γ

′′
1 · · · ψ

′′
1 γ

′′
m

...
. . .

...
...

. . .
...

...
. . .

...
ψ

′′
mψ

′′
1 · · · ψ

′′
mψ

′′
m ψ

′′
mφ

′′
1 · · · ψ

′′
mφ

′′
m ψ

′′
mγ

′′
1 · · · ψ

′′
mγ

′′
m

φ
′′
1 ψ

′′
1 · · · φ

′′
1 ψ

′′
m φ

′′
1 φ

′′
1 · · · φ

′′
1 φ

′′
m φ

′′
1 γ

′′
1 · · · φ

′′
1 γ

′′
m

...
. . .

...
...

. . .
...

...
. . .

...
φ
′′
mψ

′′
1 · · · φ

′′
mψ

′′
m φ

′′
mφ

′′
1 · · · φ

′′
mφ

′′
m φ

′′
mγ

′′
1 · · · φ

′′
mγ

′′
m

γ
′′
1 ψ

′′
1 · · · γ

′′
1 ψ

′′
m γ

′′
1 φ

′′
1 · · · γ

′′
1 φ

′′
m γ

′′
1 γ

′′
1 · · · γ

′′
1 γ

′′
m

...
. . .

...
...

. . .
...

...
. . .

...
γ

′′
mψ

′′
1 · · · γ

′′
mψ

′′
m γ

′′
mφ

′′
1 · · · γ

′′
mφ

′′
m γ

′′
mγ

′′
1 · · · γ

′′
mγ

′′
m

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

(32)
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where we can express the mass matrix as Equation (33) by using orthogonality:

[MA] = mLA

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

1 · · · 0 ψ1φ1 · · · ψ1φm ψ1γ1 · · · ψ1γm
...

. . .
...

...
. . .

...
...

. . .
...

0 · · · 1 ψmφ1 · · · ψmφm ψmγ1 · · · ψmγm
φ1ψ1 · · · φ1ψm 1 · · · 0 φ1γ1 · · · φ1γm

...
. . .

...
...

. . .
...

...
. . .

...
φmψ1 · · · φmψm 0 · · · 1 φmγ1 · · · φmγm
γ1ψ1 · · · γ1ψm γ1φ1 · · · γ1φm 1 · · · 0

...
. . .

...
...

. . .
...

...
. . .

...
γmψ1 · · · γmψm γmφ1 · · · γmφm 0 · · · 1

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

(33)

and MB, MC, and KB, KC can be expressed similarly to Equations (31) and (32).
Therefore, the mass and stiffness matrix of the subcomponents in Figure 2 can be

expressed as in Equations (34) and (35).

[M] =

∣∣∣∣∣∣
MA 0 0

0 MB 0
0 0 MC

∣∣∣∣∣∣ (34)

[K] =

∣∣∣∣∣∣
KA 0 0
0 KB 0
0 0 KC

∣∣∣∣∣∣ (35)

 
(a) (b) 

Figure 2. Structure model of three components type connected beam, (a) simplified model (b) FEA
model.

Note that the number of generalized coordinates shall be 3 (m + n + k), since the
number of constraints at junction B, D are 2, separately.

Displacement continuity:

wA(1)− uB(0) = 0 (36)

wC(1)− uB(1) = 0 (37)

Slope continuity:
wA

′(1)− wB
′(0) = 0 (38)

wA
′(1)− wB

′(1) = 0 (39)
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The coordinate system reflecting the constraints is expressed in Equation (40):

⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

pA1
...

pAm
qA1

...
qAm
rA1

...
rAm
qB1

...
qBm
SB1

...
SBn
OB1

...
OBn
pC1

...
pCk
qC1

...
qCk
rC1

...
rCk
ub0
ub1

⎫⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎭

= [C]

⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

pA1
...

pAm
qA1

...
qAm
rA1

...
rAm
qB1

...
qBn−1
SB1

...
SBn−1
OB1

...
OBn
pC1

...
pCk
qC1

...
qCk
rC1

...
rCk

⎫⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎭

(40)

where the [C] matrix represents a constraint and is implemented in the same way as
Equation (18).

The [M], [K], and [C] matrices implemented in this way were substituted into the
Lagrange equation of motion to calculate the natural frequencies, and the results are
mentioned in Section 4.

3. Proposal of Methodology for Simplification of Computation

3.1. Two Components Type Connected Structure

Frequently, we may more concern about the vibration of one subcomponent. Suppose
we concern the vibration of part OA in Figure 1.

The suitable boundary conditions at junction O can be obtained by removal of gener-
alized coordinates of subcomponent OB through satisfaction of constraints at junction O as
shown in Equations (41) and (42):

qBj = αqAi (41)

pBj = −α2 pAi for i = 1 to m (m = n) (42)
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where α is the ratio of length for subcomponents (α = LB/LA):

WA(ζ, t) =
m

∑
i=1

(ψi(ζ)pAi(t) + φi(ζ)qAi(t)) (43)

WB(ξ, t) =
n

∑
j=1

(
ψj(ξ)×−α2 pAi(t) + φj(ξ)× αqAi(t)

)
(44)

Although the assumption of simplification by the constraint at the junction O is
excessive, the natural frequency and mode shape in the range α = 0 to 1 are similar to the
FEA results. Therefore, we may expect that this will give reasonable result for all cases (0
≤ α ≤ 1).

[M] = mLA

∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ1ψ1
(
1 + α5) · · · ψ1ψn

(
1 + α5) ψ1φ1

(
1 − α4) · · · ψ1φn

(
1 − α4)

...
. . .

...
...

...
ψmψ1

(
1 + α5) · · · ψmψn

(
1 + α5) ψmφ1

(
1 − α4) · · · ψmφn

(
1 − α4)

φ1ψ1
(
1 − α4) · · · φ1ψn

(
1 − α4) φ1φ1

(
1 + α3) · · · φ1φn

(
1 + α3)

...
. . .

...
...

...
φmψ1

(
1 − α4) · · · φmψn

(
1 − α4) φmφ1

(
1 + α3) · · · φmφn

(
1 + α3)

∣∣∣∣∣∣∣∣∣∣∣∣∣∣
(45)

[K] =
16EI
L3

A

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

ψ
′′
1 ψ

′′
1 (1 + α) · · · ψ

′′
1 ψ

′′
n (1 + α) 0 · · · 0

...
. . .

...
...

...
ψ

′′
mψ

′′
1 (1 + α) · · · ψ

′′
mψ

′′
n (1 + α) 0 · · · 0

0 · · · 0 φ
′′
1 φ

′′
1

(
1 + 1

α

)
· · · φ

′′
1 φ

′′
n

(
1 + 1

α

)
...

. . .
...

...
...

0 · · · 0 φ
′′
mφ

′′
1

(
1 + 1

α

)
· · · φ

′′
mφ

′′
n

(
1 + 1

α

)

∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣∣

(46)

The mass and stiffness matrix can be created from Equations (43) and (44). Then, the degree
of freedom can reduce 50% compared to the previous calculation method, and mass and
stiffness matrix are shown in Equations (45) and (46).

The [M] and [K] matrices were substituted into the Lagrange equation of motion to
calculate the natural frequencies, and the results are mentioned in Section 4.

3.2. Three Components Type Connected Structure

In the case of a structures in Figure 2, these structures have the symmetric and asym-
metric modes as like Figure 3. In order to reflect the behavior of the structure and simplify
the calculation, the mode function was applied separately according to the symmetric and
asymmetric modes.

Firstly, in the case of asymmetry, the structure has a mode shape similar to the simple
support condition affected by the slope at the middle point of the horizontal member, and
in the case of symmetry, it has a mode similar to the fixed support with the slope close to 0
at the middle point.

Of course, it is not strictly a fixed condition because deflection occurs at the middle
point, but it is suitable as a simplification method as it satisfies the allowable range of
analysis when calculated considering the fixed boundary condition.

This can be seen visually in the FEA results.
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(a) (b) 

 
(c) (d) 

Figure 3. FEA Result of n-type structure: (a) 1st mode—asymmetry; (b) 2nd mode—symmetry; (c)
3rd mode—asymmetry; (d) 4th mode—symmetry.

In the case of three components type structure, Figures 4 and 5 show the shape of the
symmetric and asymmetric modes in the intermediate position. It can be concluded that
this can be implemented by a combination of mode functions suitable for conditions in
symmetrical and asymmetry.

Figure 4. Idealization of approximate analytical approach for asymmetric mode.

Figure 5. Idealization of approximate analytical approach for symmetric mode.

In the case of asymmetry as shown in Figure 4, the mode function of a simple boundary
condition of 1/2 L (L: the length of horizontal beam) length is used for the horizontal
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member to the mode function of the existing vertical member, and in the case of Figure 5,
the mode function of the fixed boundary condition is used to compare the results. The
results performed in Section 4.2 were shown valid results within 15%.

In Table 6, the mode shapes for length ratios of 5 m:2.5 m:5 m are shown, the mode of
5 m:5 m:5 m is similar to the previous case.

Table 6. The mode shape for each length ratio (LA:LB:Lc = 5 m:2.5 m:5 m).

Order FEA CMS

1st

7.7 Hz 7.0 Hz

2nd

33.5 Hz 38.1 Hz

3rd

44.6 Hz 42.1 Hz

4th

87.4 Hz 84.5 Hz

4. Comparison of Numerical Results and Mode Shape

4.1. Comparison of Numerical Calculation Results by Fundamental Mode Function

The difference was confirmed by applying the fundamental mode function for each
boundary condition defined above to the two components type connected structure.

The application cases are described in Table 7, and the results are shown in Table 8.
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Table 7. The case of study for two components type.

Case WA WB Junction Constraint

Case 1 F-F (4) + F-S (3) F-F (4) + F-S (3)

Slope and MomentCase 2 F-F (4) + F-S (4)

Case 3 F-F (4) + F-S (4) F-F (4) + F-S (3)
Case 4 F-F (4) + F-S (4)

Case 5 F-F (4) + F-S (3) F-F (4) + F-S (3)

Slope OnlyCase 6 F-F (4) + F-S (4)

Case 7 F-F (4) + F-S (4) F-F (4) + F-S (3)
Case 8 F-F (4) + F-S (4)

Table 8. The result of numerical calculation for fundamental mode of two components type.

LA:LB Order FEA Case 1 Case 2 Case 3 Case 4 Case 5 Case 6 Case 7 Case 8

1:1
1 29.1 29.4 29.4 29.4 29.4 29.4 29.4 29.4 29.4
2 41.9 42.6 42.6 42.6 42.6 42.6 42.6 42.6 42.6
3 92.9 95.3 95.3 95.3 95.3 95.3 95.3 95.3 95.3

1:0.6
1 35.2 39.2 39.2 39.2 39.2 39.1 39.1 39.1 39.1
2 86.5 85.8 85.8 85.8 85.8 85.6 85.6 85.6 85.6
3 112.7 119.6 119.6 119.6 119.6 119.5 119.5 119.5 119.5

1:0.4
1 36.8 42.6 42.6 42.6 42.6 42.5 42.5 42.5 42.5
2 101.8 116.1 116.1 116.1 116.1 116.0 116.0 116.0 116.0
3 180.6 187.3 187.3 187.3 187.3 187.3 187.3 187.3 187.3

From the result of above study, it can be seen that the contribution of the geometric
boundary condition to the natural frequency is dominant than the natural boundary
condition. In addition, it was confirmed that the influence was insignificant even when
moment continuity was considered as a constraint condition at the junction.

4.2. Two Components Type Connected Structure

The properties of structures used in the numerical analysis are shown in Table 1.
Table 9 shows the results of component mode synthesis using the proposed polynomial
function and the numerical results using the proposed simplification method.

Table 9. Comparison of numerical result (Unit:Hz).

Ratio (LA:LB) 1st 2nd 3rd Ratio (LA:LB) 1st 2nd 3rd

1:1
FEA 29.1 41.9 92.9

1:0.5
FEA 36.0 97.8 136.8

CMS 29.1 42.5 95.2 CMS 36.3 100.7 146.8
PMSC 29.3 42.5 98.8 PMSC 36.4 101.6 147.5

1:0.8
FEA 33.2 56.5 102.6

1:0.4
FEA 36.8 101.8 180.6

CMS 33.3 57.6 106.2 CMS 37.1 105.4 197.3
PMSC 33.5 57.7 108.9 PMSC 37.2 106.3 200.9

1:0.6
FEA 35.2 86.5 112.7

1:0.2
FEA 38.4 105.9 205.6

CMS 35.4 88.7 118.8 CMS 39.2 110.9 224.8
PMSC 35.6 89.2 120.1 PMSC 39.3 111.5 233.8

CMS: Component mode synthesis. PMSC: Proposal of methodology for simplification of computation.

In Tables 10 and 11, the mode shapes for length ratios of 1:1, 1:0.5 are shown, respec-
tively.
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Table 10. The mode shape for each length ratio (LA:LB = 1:1).

Order FEA CMS PMSC

1st

29.1 Hz 29.1 Hz 29.3 Hz

2nd

41.9 Hz 42.5 Hz 42.5 Hz

3rd

92.9 Hz 95.2 Hz 98.8 Hz

Table 11. The mode shape for each length ratio (LA:LB = 1:0.5).

Order FEA CMS PMSC

1st

36.0 Hz 36.3 Hz 36.4 Hz

2nd

97.8 Hz 100.7 Hz 101.6 Hz

3rd

136.8 Hz 146.8 Hz 147.5 Hz
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4.3. Three Components Type Connected Structure

The properties of structures used in the numerical analysis are shown in Table 2.
Table 12 shows the results of component mode synthesis using the proposed polynomial
function and the numerical results using the proposed simplification method, and the
mode shape is shown in Section 3.2.

Table 12. Comparison of numerical result (Unit:Hz).

Ratio (LA:LB:LC) Calculation Method 1st 2nd 3rd 4th

5 m:5 m:5 m
FEA 6.1 23.9 38.9 41.9
CMS 6.7 20.8 37.4 42.0

PMSC 6.8 21.2 37.7 42.4

5 m:2.5 m:5 m
FEA 7.7 33.5 44.6 87.4
CMS 7.0 38.1 42.1 84.5

PMSC 7.3 41.2 44.3 86.2

5. Conclusions

We proposed the use of polynomials that can satisfy the boundary conditions at the
junction between subcomponents, and a method that can be calculated by dramatically
reducing the infinitely increasing degree of freedom.

To do this, numerical results of a structural subcomponent OA considering dynamic
and static coupling of subcomponent OB are also given, and these numerical results are
also compared with result of FEA. Numerical results prove the following:

1. In the two and three components, which are the typical shapes of the structure, it is
proposed that the effective boundary conditions of the junction can be implemented
by a combination of the appropriate boundary conditions of fixed, simple, and free.

2. Proposed polynomial mode functions allows wide and mode effective application of
component mode synthesis for the vibration analysis of many ship local structures.

3. Numerical results based on the suggested method to reflect the dynamic and static
coupling of connected subcomponent are proved to show very good agreement.

4. The proposed polynomial function is efficient enough to be compared with the FEA
results in terms of natural frequency and mode.

5. The application of method suggested can be easily expanded for the analysis of
Timoshenko beam or other more complicated structures such as reinforced plates.
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Abstract: Ship structures are subjected to complex sea loading conditions, leading to a sophisti-
cated structural design to withstand and avoid structural failure. Structural capacity assessment,
particularly of the longitudinal strength, is crucial to ensure the safety of ships, crews, the marine
environment, and the cargoes carried. This work aims to overview the ultimate strength assessment
of intact ship structures in recent decades. Particular attention is paid to the ultimate strength of
plates, stiffened panels, box girders, and entire ship hull structures. A discussion about numerical and
experimental analyses is also provided. Finally, some conclusions and suggestions about potential
future work are noted.

Keywords: intact plates; intact stiffened panels; box girders; ship structures; ultimate strength

1. Introduction

The hull girder capacity assessment concept has been transformed drastically as more
insights have been collected about how ships respond to an externally applied complex
load. Initially, the breaking strength was the criterion to assess a ship’s structural capacity.
Still, it has evolved to include buckling strength. It later has moved into more sophisticated
concepts involving the geometrical and material non-linearity of the structures, developing
the ultimate strength or ultimate limit state criteria.

In the past, the criteria and procedures for the structural design of ships and offshore
platforms were primarily based on the allowable stresses and simplified buckling checks
for structural components. However, it is now well recognized that the ultimate limit
state-based approaches are better suited for structural design and strength assessment than
the traditional working stress-based approaches. The latter are typically formulated as a
fraction of the material yield strength [1].

When it comes to the simple definition of the ultimate state, it is considered the stage
where the ship structure cannot bear any further load increases and moves into its post-
collapse or unstable phase. All the components that constitute the ship structure have their
contributions to the ultimate strength. Each structural component, namely, stiffened plates
or unstiffened ones, has its ultimate limit stages that add to the complexity of the ultimate
limit state definition of a complex structure such as ships, which are composed of many
components.

Many parameters influence the ultimate load carrying capacity of ship structures and
range from the uncertainty of the materials that the ships are built of to the externally
induced factors; namely, manufacturing defects that specifically involve welding-induced
initial deformations and stresses, corrosion, fatigue-related cracks, the load that is acting
on the ship’s structural components and their interactions, which are the bending moments
and shear forces from a local and also global point of view, not to mention human error and
poorly maintained on-board equipment, which lead to ship collisions and groundings, etc.

This review aims to provide a general overview of the work that has been performed
over recent years, including on the strength of intact unstiffened plates or stiffened ones,
box girders and finally, hull girders built of steel.
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2. Plates

Plates are the main structural components in ship structures. They are subjected to a
variety of external loads.

The load type that leads the plate to buckle, the compressive load, has been a study
of interest because it involves unstable behavior and influences the safety of the hull
girder [2]. Figure 1 shows the fundamental behavior of thin and thick plates under uniaxial
compressive load. The buckling strength of the thick perfect plate is decisive in evaluating
the collapse behavior that occurs in the plastic regime. However, for an ideal thin plate
where the buckling occurs in the elastic regime, it does not indicate its true collapse
strength since, after the buckling, the thin plate can carry a further load until the external
load reaches the stage where the resistance of the plate supports no more load increases
and the plate collapses and moves into its unstable stage.

Figure 1. Fundamental behavior of plates under uniaxial compressive load.

However, in the case of typical ship plating, which is considered a thin or moderately
thick plate, plate buckling generally does not occur in the critical sense due to the initial
plate imperfections, and the deformations arise as soon as the load is applied. The plate
carries the load until it collapses with a combination of buckling and plasticity. One of the
primary failure modes of stiffened panels is the buckling and plastic collapse of the plates
surrounded by the support members. Thus an evaluation of the plate buckling and plastic
collapse behavior of the plates is essential in identifying the failure of ship structures [3,4].

2.1. Plate Collapse Assessment

Several design formulas have been presented under uniaxial compressive load over
the years to predict the ultimate load carrying capacity of the intact plate components. The
models proposed in [5,6] have been commonly used in marine structures. Frankland’s
model is less conservative than Faulkner’s, which may be attributed to the assumed initial
imperfections, boundary conditions or welding-induced stresses, an option for design
approaches that prefer conservatism. These models predict a lower strength than the full
plastic load, and this can be associated with the idea that only part of the plate is effective
due to the buckling phenomenon, leading to a typical expression of plate effectiveness
or effective width; that is, to reduce the strength of a plate by equating it to the strength
of another plate that has an effective width and collapses at the nominal yield stress [7],
which is a function of plate slenderness, given the fact that plate slenderness is a critical
indicator of plate strength.

As suggested by Guedes Soares [8], it is possible to conclude that the most straight-
forward design method should include only plate slenderness because plate strength
can change by as much as 60% over the useful range of the slenderness. Suppose an
improvement of the accuracy is desired: in that case, explicit attention must be given
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to the variables that can produce changes of 20% in the plate strength, the initial plate
imperfections, welding-induced residual stresses, and plate boundary conditions. It was
indicated that the plate aspect ratio is only relevant at low plate slenderness from 0.6 to 1.0
and leads to about 5% of plate strength. However, this is more appropriate when the initial
imperfection shape is concerned. The type of loading is to be explicitly accounted for.

The plate strength approach, using the effective width accounting for the welding-
induced residual stresses, was explicitly proposed by Faulkner [6]. That formulation has
been extended to expressly account for the effect of initial imperfections [8]. However,
considering that the main impact on the collapse strength depends on the plate slender-
ness and that the initial imperfections are random, only properly treated by probabilistic
methods [9], alternative formulations to [6] have been proposed by Guedes Soares [2,10],
which treat the initial imperfections in a probabilistic way and derive design equations only
dependent on the slenderness instead of including the effect of residual stresses explicitly
as in the Faulkner’s formulation, which incidentally covers both simply supported and
clamped conditions. Carlsen [11], who also used the concept of the effective width given
by a modified Faulkner’s formula, proposed other simplified formulations adopted by
DnV at the time.

Instead of using the type of effective width formulation, Dwight and Little [12], and
Little [13], preferred to use the effective yield stress associated with a Perry-Robertson
formulation, which is a function of the breadth to the thickness that governs the plate
strength. They also considered different classes of plate curves depending on the level of
residual stresses.

The plate buckling strength under a uniaxial load is influenced by several external pa-
rameters, including manufacturing defects, initial imperfections, welding-induced stresses,
and plate edge boundary conditions. It is essential to point out that some of the formulas
presented were built to assume that the plate edges are simply supported. This can be
justified, as indicated by Fujikubo and Yao [14]. In most cases, the increase in buckling
strength due to the stiffness provided by the stiffeners around the plate is only slightly
more substantial than the decrease due to residual welding stresses. The resulting elastic
buckling strength is close to a simply supported plate with no residual stress for both
longitudinal and transverse thrust cases.

The importance of the formulations of plate strength results from the fact that ship-
stiffened panels are commonly designed so that the plate fails first, and only at a later
stage does the total failure of the combination of plate and stiffener occur. As pointed out
by Faulkner et al. [15], the inability of the structure to carry an additional load will be
limited either by the panel collapse or by grillage instability in which the plate elements
and stiffeners show unstable behavior together. Therefore, stiffened panel collapse is
represented by the failure of the plate and stiffener together. The contribution of the plate
after its failure to the stiffener must be quantified. An approximate incremental method
was proposed to estimate the load-shortening curves of a stiffener assembly with associated
plates, including the post-collapse behavior accounting for the initial imperfection and
welding-induced residual stresses [7].

Several studies have attempted to estimate the plate’s average stress–strain relation-
ship analytically by combining the larger elastic behavior of the plate with the rigid plastic
method in the post-collapse region to determine the full load-shortening curves of the
plates [16–19]. However, the analytical solutions are still to be improved because the ship
plate collapse occurs in the plate elastic-plastic stage. It is also difficult to evaluate plate
collapse involving complex failure modes under combined loading conditions.

It is challenging to formulate the non-linear governing equations representing both
the geometrical and material non-linearity for plating, although it is not impossible. A
significant source of difficulty is that an analytical treatment of plasticity with increased
applied loads is quite cumbersome. Even if such treatment were possible, it would not be
easy to solve the resulting non-linear equations analytically [20].
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This approach was also adopted in a recent study performed in [21]. The solution of
combining the large elastic displacement with small strain analysis using the concept of the
principle of the virtual work is given for a uni-modal plate with initial imperfection under
uni-axial thrust if the initial imperfection shape does not alter. However, the magnitude
of the initial imperfection changes during external load exposure and the material non-
linearity is not considered given the small strain assumption. They also implemented a
simple solution to the post-collapse behavior of the plates using the concept of rigid plastic
material behavior with the Von misses yield definition (see Figure 2).

 

 
 

 

(a) (b) 

2δθ

δθ δθ

Figure 2. (a) Normalized strength and mid-plate vertical displacement, Wz, relationship; (b) simple rigid plastic solution.

2.2. Impact of Initial Imperfection

When a plate with initial defects and local bending stresses due to the initial defects
and welding-induced stresses is subjected to thrust, it reduces the plate rigidity and ultimate
load capacity [22]. It has generally been found that initial imperfections tend to decrease
the rigidity and ultimate strength of plates. The weld-induced residual stresses have been
shown to reduce the plates’ stiffness and strength [23]. Therefore, numerous studies have
investigated the influence of the initial imperfections, welding-induced residual stresses,
different loading, and boundary conditions on the plates’ structural response.

Kmiecik [24] investigated the influence of the general initial imperfections formulated
by Fourier components, which were pioneering. The initial theoretical imperfections
had been assumed as the buckling mode in most cases. He concluded that the initial
imperfection buckling mode component has a significant reducing effect, whereas the
rest have a stiffening influence. The impact of different modes of imperfections was also
studied in [25,26] using the finite element method. In this period, several authors dealt
with the behavior of plates using numerical methods, such as in [27–29], among others.

Carlsen and Czujko [30] discussed the specification of tolerances for post-welding
distortions of plates. They demonstrated that only the buckling mode component of
the Fourier series expansion of the distortion shape significantly influences the plate
strength. In contrast, other Fourier components only have a marginal strengthening effect,
consolidating the findings in [24].

Dow and Smith [31] studied the effects of the localized imperfections on the compres-
sive strength of long rectangular plates, where they investigated several initial imperfection
modes, including localized distortions. They showed that the initial imperfection leads
to ultimate load capacity and stiffness reductions. They concluded that localized initial
distortions are associated with less pre-collapse loss of stiffness and more rapid post-
collapse unloading than equivalent periodic distortions. The magnitude of the localized
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distortions governs the plate collapse. It was also concluded that the Fourier distortion
components corresponding to the initial elastic buckling mode will give a non-conservative
representation of the initial shape if a localized initial distortion exists.

Ueda and Yao [32] investigated the influence of the complex initial defect modes on the
elasto-plastic large deflection behavior and ultimate strength of rectangular plates under
compression. They showed the importance of the initial imperfection. The magnitude and
the components of the initial imperfection also significantly influence the plates’ ultimate
load carrying capacity, which consolidates the study performed by Kmiecik [24].

Guedes Soares and Kmiecik [33] investigated the compressive strength of unstiffened
plates under uniaxial compression, accounting for the initial distortions using the finite
element solution. They concluded that the uncertainty in plate strength depends strongly
on the plate slenderness. Its most significant values are in the intermediate slenderness
range and decrease with stocky plates, which agrees with the earlier formulation presented
in [34].

Sadovský et al. [35,36] studied the influence of initial defects on the collapse strength
of thin rectangular plates in longitudinal compression by normalizing the initial defects by
the energy measure instead of the amplitude. They concluded that comparing the effects
of the theoretical and measured initial defects upon the collapse strength and the buckling
mode proved to yield a very conservative lower bound when adopting the amplitude to
thickness ratio to measure the imperfections. A reasonably close lower bound was obtained
using the buckling mode to normalize the initial defects by the energy measure.

Sadovský et al. [37] proposed an approach to the numerical study of the influence of
the initial defects considered a random field on the resistance of in-plane loaded plates.
The study demonstrated that a more realistic treatment of the effects of imperfections on
the plate strength might lead to significantly less conservative design loads. Given that
the initial imperfections are random and their impact is difficult to predict from a limited
description of their shape, Sadovský and Guedes Soares [38] proposed the use of a neural
network model trained with results of finite element calculations to predict the capacity of
plates with imperfections and managed to obtain good results. An enhanced method in
predicting the structural behavior of thick steel plates by using a random field approach
has been proposed in [39,40].

Cubells et al. [41] used the photogrammetric technique to measure plates’ real initial
imperfection to assess the plates’ structural capacity. They demonstrated the difference in
the structural response using the initial imperfect geometry as calculated by this technique
and the one modelled by the Fourier model. They concluded that the asymmetries of the
initial imperfection are significant and influence the maximum capacity of the structures.
The photogrammetry technique was used earlier to measure the deformation of three-
dimensional structures [42,43] and in close range to determine the detailed distortions
induced by welding on plates.

2.3. Impact of Welding Induced Stress

The importance of the residual stresses in plate strength has motivated the interest
in calculating residual welding stresses [44–46] and the associated temperature distri-
butions [47,48]. In this field, significant developments have been made by using finite
element analyses to assess the temperature fields and the residual stresses. Many studies
have adopted the Goldak et al. [49] model for modelling the transient welding process
and calibrating the model’s parameters to the welding conditions [50]. Others compared
predictions with experimental results [51–57]. While the validation of the permanent de-
fects induced by welding is efficiently conducted, the validation of the residual stresses is
much more complicated and uncertain. Thus much fewer studies exist with this type of
validation [58].

More complex cases have also been studied, including multi-pass welding [59] and
the effect of the sequence in multiple welding [60]. Proper sequences are chosen to reduce
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the weld induced distortions, but restraining the plate during welding is another approach
adopted and studied [61–65].

The initial imperfection and welding-induced residual stresses on the square plate
load capacity were studied in [22]. They concluded that the influence of the welding-
induced residual stresses on the plate buckling is significant. When the plate is thin, the
welding-induced residual stresses have little effect on the ultimate strength. In contrast,
they significantly influence the ultimate capacity of thick plates if local bending is present.

Ueda and Yao [66] presented the fundamental behavior of plates and stiffened plates
subjected to welding imperfections. They concluded that welding-induced stresses reduce
the plate in-plane rigidity and ultimate load carrying capacity. The reduction is more
significant when the plate slenderness is about 1.8. Only one component of the initial
imperfection is amplified when the load is above the buckling load for thin and long
plates. They become stable as the load increases, and only the deflection of this component
influences the ultimate strength. As for long thick plates, the most considerable curvature
of the initial imperfection is a leading cause that initiates the spread of the plastic zone in the
plate, resulting in the load carrying capacity reduction. The maximum curvature influences
the ultimate load-carrying capacity reduction more than the maximum magnitude of the
initial imperfection.

Paik and Sohn [67] studied the influence of welding-induced residual stresses on high-
tensile plates. They concluded that longitudinal welding-induced stresses significantly
impact thick plates in terms of their load carrying capacity. Transverse welding-induced
stresses have a negligible effect on the ultimate load carrying capacity if the longitudinal
compression is predominant. However, they have a significant influence on the post-
collapse regime of the plates.

The shakeout effect on welding-induced residual stress for a plate under uniaxial
cyclic load was investigated in [68], where it was demonstrated that it might lead to a
63.1% and 27.2% welding-induced residual stress reduction in the tensile and compressive
stresses, respectively, when the applied cyclic load is 75% of the material yield strength, or
cyclic load 2. When the applied cyclic load is 50% of yield stress, cyclic load 1 reduces the
tensile stress by 40% and the compressive stress by 22.2%, demonstrating that the ships
may gradually shake out the longitudinal welding-induced stresses.

Tekgoz et al. [69] studied the influence of welding-induced stresses with a moving heat
source on the load carrying capacity of the plates, accounting for several plate thicknesses.
They demonstrated that tension stresses are developed around the weld beads when the
plates are welded in the middle. The angular plate distortions may increase the plate load
carrying capacity in plates of a certain slenderness.

Gordo [70] proposed a methodology to evaluate the structural performance of rect-
angular plates accounting for the welding-induced stresses. Several strength influencing
parameters were considered, and it was concluded that the welding-induced stresses
influenced the plate pre-collapse significantly and the ultimate load capacity.

2.4. Load and Boundary Condition Impact

Guedes Soares and Kmiecik [71] investigated the influence of boundary conditions,
accounting for initial imperfections, in square plate strength. They concluded that for
stocky plates, the boundary conditions have an impact almost equivalent to those in perfect
plates. However, when the initial imperfection is significant, their strength is insensitive to
the boundary conditions. As for thin plates, it was concluded that the influence of initial
imperfections is small, but the boundary conditions have significant effects.

A study about the influence of initial imperfections on a restrained plate was presented
in [72]. It was demonstrated that restrained plates might have a larger ultimate capacity
than the yield stress in stocky plates with small initial imperfection amplitude. Guedes
Soares [8,10] had already considered this in a study where the design equations predicted
an ultimate capacity larger than 1.0 in some conditions. It was concluded that high-
order modes lead to minimum ultimate strength compared to the critical mode. A stress-
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induced direction perpendicular to the loading can reach very high values, generating
non-negligible forces in the support structures.

The study of transverse strength is often related to analyzing the strength of plates in
biaxial loading [73–75], and the compressive strength of rectangular plates under biaxial
load and lateral pressure was studied in [76]. A method based on the formula used by the
American Bureau Veritas or Det Norske Veritas for the plates having plate slenderness of
more than 1.3 was suggested. The proposed method was extended to account for the initial
defects and lateral pressure.

An investigation related to the transverse strength of the rectangular plates under
transverse compression based on the test data collected and numerical results was per-
formed in [77]. Several formulations have been compared and based on the results, and
they proposed an alternative formula for the transverse strength of the plates. Alternative
formulations have been discussed in [15,78,79], while numerical results are available in [75]
and experimental results in [80].

Numerous authors have also studied the combined compressive loading and lateral
pressure effects on the load capacity of plates [17,20,81–84].

A benchmark study was performed in [85,86] using several methods to estimate
the limit state of unstiffened plates under bi-axial compressive load lateral pressure. It
concluded that plate ultimate strength behavior is significantly affected by plate initial
deflection shape, boundary conditions, and loading conditions. It was concluded that
DNV-PULS [87] and ALPS/ULSAP [88] methods are beneficial for the ULS assessment of
unstiffened plates in terms of the computational effort and the resulting accuracy, compared
to more refined non-linear finite element solutions [89].

3. Stiffened Panels

In plate panels, longitudinal stiffeners provide the necessary support to the plates,
ensuring that they retain the required strength [15]. A stiffened panel is an assembly of
plate elements and support members, namely longitudinal stiffeners, and the interaction
between the plate elements and support members regarding their geometrical and material
properties. Other factors such as loading condition and initial imperfections play an
essential role in the ultimate strength, buckling, and plastic collapse patterns of stiffened
panels [90].

3.1. Failure Modes of Stiffened Panels

Failure of panels is usually classified as plate-induced failure, column-like failure,
tripping of stiffeners and overall grillage failure [23,91]. However, a panel will be subjected
to all failure modes, and it will finish up collapsing in the mode corresponding to its
lowest strength [92]. It is common to calculate the strength of the weakest collapse pattern,
representing the stiffened panel in question.

Plate-induced failure assumes that the stiffeners will carry the loads up to the material
yield stress; therefore, they are fully effective throughout the external load exposure. In
contrast, the plate itself induces failure, which may provide, in a sense, a higher bound of
the strength. The effective plate width approach represents the reduction of plate stiffness.
When the maximum stress acting on the plate reaches the material yield stress, overall
collapse occurs. The response of a short stiffened panel with a length approximately equal
to the width of the plate between stiffeners is dominated by plate failure [23]. However, as
pointed out in [15], the inability of the structure to carry an additional load will be limited
either by panel collapse or by grillage instability in which the plate elements and stiffeners
weaken together. Therefore, stiffened panel collapse is represented by the failure of the
plate and stiffener together.

Additionally, ship panels are longer in the critical locations where the ship sustains
higher load levels, in which plate-induced failure possibility is low, and grillage failure
is normally avoided by ensuring that the transverse frames are of adequate size. They
are stiff enough to stimulate inter-frame panel collapse. Several design formulas have
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been proposed to predict the load-shortening response of stiffened panels accounting for
different collapse modes.

3.2. Collapse Strength Assessment

Design formulas for two primary failure modes—strut or column failure of the stiff-
ened plate and tripping of the stiffeners for stiffened panels under compressive load—were
proposed in [15]. The beam-column failure of stiffened plates is based on the formulation
suggested by the Johnson-Ostenfeld beam-column approach, which accounts for the in-
elastic weakening effect of column buckling of the plates and struts that have very high
elastic buckling stress where the buckling occurs in the elastic–plastic regime. The plate
and stiffener are subjected to the same maximum stress load, and the plate effective width
approach to account for the weakening effect when plates are in the post-buckling stage is
also accounted for.

Carlsen [93] proposed another method based on the Perry-Robertson method, which
assumes that when the maximum compressive stress at the outermost fiber of the column
cross-section reaches the material yield stress, the collapse is considered to take place.

Guedes Soares and Gordo [92] demonstrated the performance of three methods for
beam-column failure as proposed in [15,93,94], where stiffened panels are under in-plane
uniaxial compressive load based on the comparison between the numerical and experi-
mental results. They demonstrated that the effective width prediction for plate-induced
failure proposed by the Faulkner method falls between the ABS, which has an optimistic
prediction, and that of Carlsen, which has a conservative prediction as a function of plate
slenderness.

Paik and Kim [95] pointed out that the stiffener-induced failure mode based on the
Perry-Robertson formula generally provides overly pessimistic results. In contrast, the
plate-induced failure mode based on the Perry-Robertson formula reasonably predicts the
ultimate panel strength in a specific range of stiffener dimensions, following the beam-
column-type collapse mode.

Paik and Thayamballi [96] proposed an empirical formula as a function of the column
slenderness and the attached plate slenderness coefficients based on extensive experimental
data to estimate the ultimate load carrying capacity of stiffened panels, which implicitly
accounts for stiffener web buckling or tripping as well as the beam-column-type collapse.
Several empirical formulas to predict the load carrying capacity of the stiffened panels
were reported in [97–100].

Ozdemir et al. [101] proposed a new method to predict the ultimate load capacity of
the stiffened panels using the large elastic and initial yield solution. The proposed model
was shown to be good enough to predict the ultimate load capacity of the stiffened panels
compared with finite element solutions.

However, the calculation of the prediction of the collapse strength of stiffened panels
is not sufficient to adequately represent the collapse behavior of hull girders. Therefore,
other authors proposed several methods to predict the load-shortening curves of a stiffened
panel, accounting for the collapse mode of stiffened panels.

An approximate incremental method to estimate the load-shortening curves of stiff-
ened panels, including post-collapse behavior accounting for the initial imperfection and
welding-induced residual stresses based on the proposed model, has been reported in [7,15].
The estimated load-shortening curves were compared to those predicted by the finite ele-
ment solution, demonstrating a good agreement.

In the study of Yao and Nikolov [91] and its follow-up, Yao and Nikolov [102] proposed
a method to calculate the average stress-strain behavior of stiffened panels to estimate
a hull girder’s ultimate load capacity. The method involves formulating the coupled
flexural-torsional behavior of angle bar stiffeners, including stiffener tripping, which is one
of the most critical stiffened panel failures since it comes with a very steep reduction of
post-collapse strength and largely influences both the ultimate and post-collapse capacity
of hull girders.
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The International Association of Classification of Societies, IACS [103,104] has pro-
vided several collapse modes for evaluating the average stress-strain relationship of stiff-
ened panels in a progressive collapse analysis based on the work in [7].

Li et al. [105] proposed an adaptable algorithm to predict stiffened panels’ complete
load-shortening curve under uniaxial compressive load. It has been shown that the pro-
posed model is practical and efficient and can be further incorporated in the definition of
hull girder strength assessments.

3.3. Impact of Governing Factors

Numerous studies have been focused on the impact of factors governing the load
carrying capacity of stiffened panels, namely the external loading conditions, initial imper-
fections, welding-induced residual stress, etc.

3.3.1. Impact of Load and Boundary Conditions

Byklum and Amdahl [106] presented a computational model to predict the local
buckling and post-buckling of stiffened panels, accounting for biaxial in-plane compression
or shear and lateral pressure. The method predictions have been compared with the finite
element solution and found to be in good agreement.

A series of elastic-plastic analyses for continuous stiffened plates subjected to com-
bined transverse thrust and lateral pressure were performed in [107]. They proposed a
formula based on FEM to estimate the ultimate strength of continuous stiffened panels
under combined transverse and lateral pressure. It was demonstrated that the proposed
formula is in good agreement with the FEM.

A benchmark study of several methods used to estimate the limit state of stiffened
plates under bi-axial compressive load and lateral pressure was performed in [86]. It was
concluded that DNV-PULS (2006) and ALPS/ULSAP (2006) methods are beneficial for the
ULS assessment of stiffened plates in terms of the computational effort and the resulting
accuracy.

Xu et al. [108] investigated the influence of model geometry and boundary conditions
on the ultimate strength of stiffened panels under uniaxial compressive loading. They
concluded that the boundary condition influences the ultimate strength and the collapsed
shape of the stiffened panels. The fundamental advantage of periodic symmetric boundary
conditions is that they can deal with either the symmetric or asymmetric collapse defor-
mation mode. However, symmetric boundary conditions can only represent symmetric
deformation. The influence of the boundary conditions on the load capacity of the stiffened
panel using the numerical solution and experimental tests have also been reported in [109].

Tanaka et al. [110] performed a series of collapse analyses on 720 stiffened panels
to evaluate the ultimate strength of the stiffened panels under longitudinal thrust by
varying the numbers, types, and sizes of stiffeners and aspect ratio and slenderness ratio of
local panels partitioned by stiffeners. They presented several conclusions. When smaller
stiffeners are attached to thicker panels, overall buckling dominates the collapse behavior.
The ultimate strength widely differs depending on the number of stiffeners and the aspect
ratio of the whole stiffened panel. When larger stiffeners are provided, the collapse of
local panels partitioned by the stiffeners dominates the collapse behavior. The ultimate
strength of a stiffened panel under longitudinal thrust evaluated by CSR-B is in general
lower compared to that assessed by FEM analysis.

Xu et al. [111] studied the ultimate load capacity of continuous stiffened panels under
a combined longitudinal compressive load and lateral pressure using the analytical and
finite element solutions. A two-span model with periodical boundary conditions was
implemented. They demonstrated that with the increase of lateral pressure, the ultimate
strength decreased with plate-induced failure, but it increased in the case of the stiffener-
induced failure. The in-plane constraints on the longitudinal edges have a significant effect
that enhances the load carrying capacity of the stiffened panels.
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3.3.2. Impact of Material Properties and Welding Induced Effects

A study of the ultimate capacity of a stiffened panel accounting for different material
and geometrical parameters was presented in [112]. Namely, material yield and ultimate
tensile stress, Young’s modulus, and plate initial imperfection and plate column slenderness
were defined using the Monte Carlo simulation. The influence of these parameters was
demonstrated using the ANOVA (analysis of variance) methodology to investigate the
impact of these parameters on the load carrying capacity. The ultimate load capacity was
estimated using the finite element solution.

Compressive tests on the stiffened panels with intermediate slenderness were per-
formed in [113]. They studied the performance of conventional and U-type stiffened panels
with hybrid material properties. It was demonstrated that hybrid panels have better perfor-
mance than full S690 (material with a high tensile yield stress of 690 MPa) panels. The S690
material increases the average ultimate strength in the order of two times or higher when
compared to mild steel when used in the plating. Experimental tests were also performed
on short and long continuous panels in [114] and on long and narrow stiffened panels
in [115,116].

Tekgoz et al. [117] investigated the influence of welding-induced stresses on the load
capacity of stiffened panels. Two methods, namely, those testing the idealized welding
stress field and modified material stress-strain curves, were implemented to study the
impact of residual stresses. They concluded that the modified stress-strain curve approach
is a fast approach showing a good agreement with the idealized welding stress field
approach in terms of load capacity assessment of stiffened panels.

Tekgoz et al. [118] studied the impact of the welding sequences on the load carrying
capacity of a stiffened panel, where the welding is simulated with a moving heat source. It
was demonstrated that the welding sequence is the parameter that most affects the lateral
deformation of the stiffener, which leads to more load carrying capacity reduction. The
welding sequence profoundly influences the plate edge buckling pattern.

Gannon et al. [119] studied the influence of welding-induced residual stress release by
the linear elastic shakedown phenomenon and its impact on stiffened panels’ ultimate load
carrying capacity. They demonstrated that the ultimate capacity might increase as much
as 7%. They concluded that the ultimate load capacity increase depends on the failure
location and the level of the welding-induced residual stresses.

Li et al. [120] investigated the influence of welding-induced residual stresses on the
load capacity of stiffened panels using the finite element solution and the one provided by
the standard structural rules. It was concluded that residual stress with average severity
would reduce the ultimate load capacity significantly. The modified material’s stress-
strain curves were adopted to incorporate the influence of welding-induced stresses. The
modified stress-strain curve approach did not correlate well with the one predicted by the
finite element solution, but they concluded that it may still be a practical approach.

4. Box Structures

Box structures are used for different problems because they may represent ship struc-
tures on more minor scales. Therefore, numerous box girder case studies have been
performed to understand ships’ overall behavior using different structural and material
configurations.

One of the first box girder studies oriented to represent hull girders was performed
in [121], where the author performed collapse tests on seven box girders that were subjected
to pure bending load. Ostapenko [122] proposed a method to determine the ultimate
strength of the longitudinal hull girder under bending, shear, and torque. The method’s
validity has been verified by performing three box girder collapse tests under the specified
loadings.

Nishihara [123] proposed a simple method to estimate the ultimate hull girder capacity
under a pure bending load. He performed several box girder tests to represent different
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ship structures, namely, bulk carrier tanker and container ships, to validate the proposed
method.

A four-point bending test on a box girder to represent the mid-ship region of con-
ventional ships or FPSOs was presented in [124]. The authors presented two methods to
evaluate the level of the residual stresses indirectly from the experimental data. The initial
cycles to release welding-induced stresses led to loading memory effects on the structure,
influencing the moment-curvature relationship.

The experimental behavior of a mild steel box girder under a pure bending moment
was investigated in [125]. Several insights were provided in this experiment, including
that the column slenderness controls the type of collapse of the structure. In essence, high
column slenderness leads to more collapse, followed by a massive discharge of load during
failure of the structure. The proposed approximate method based on the progressive
collapse of stiffened plate elements gives a reasonable estimation of the ultimate load
supported by the structure. It allows reproducing the effect of residual stresses on the box
behavior.

Tekgoz et al. [126] studied the effect of the initial imperfection and transverse net
section shapes on the ultimate strength of ship-shaped structures subjected to asymmetrical
bending loading. They demonstrated that a triangular net section performs better than a
square one when subjected to a hogging bending load. The net sectional sensitivity analysis
demonstrated that a minimum ultimate bending moment is achieved at a different heeling
angle to that of the other net sectional shapes. They also proposed a method to predict the
continuous neutral axis rotation during an incremental load, which agrees with the one
predicted by the finite element solution.

5. Ship Hull Structures

Ship structural collapse, or longitudinal strength, assessment has been a study of
interest for a long time to ensure that ships withstand external loads without failure and
provide safety for crews and traded cargoes throughout their lifetimes.

The prevention of hull collapse is the most critical task in ship structure design and
safety assessment. When the strength of ship structures is assessed, it has been common
to consider three strengths: longitudinal, transverse, and local strength. Among these,
longitudinal strength, which is the hull girder strength against longitudinal bending, is
the most fundamental and important strength to ensure the safety of ships [127]. Thus, an
accurate and efficient method for computing the ultimate hull girder strength is always
required in robust ship structural design [90].

Several examples of ship failure have led to catastrophic damage to the environment
and loss of human life and the traded cargo. One of the most well-known is the structural
collapse of the Titanic and subsequently the loss of thousands of human lives in 1912. A
single-hull oil tanker, the Energy Concentration, broke in two during the unloading of its
cargo in 1980. The single-hulled oil tanker Erika broke in two in rough weather in 1999; it
was thought the sea weather was so severe that she could not withstand the external load.
Reasons for these incidents include poor execution of cargo loading/unloading operations,
age-related degradations, and unexpected events.

5.1. Ultimate Strength Assessment

The first known shipload capacity assessment dates from the 1850s when Isambard
Kingdom Brunel designed the Great Eastern, built of iron. He applied the beam theory
to estimate the bending stress acting on the ship where the failure concept was breakage
of the iron plates in the deck and bottom under tension load. In 1874, John calculated
the acting bending stresses assuming the wavelength equals the ship’s length using the
beam theory. However, it was observed that the beam theory underestimated the actual
strain/displacement during a real ship collapse, that of the Wolf, which was attributed
to the weakening effect of local buckling and the impact of shear lag [127]. These effects

117



J. Mar. Sci. Eng. 2021, 9, 1079

are neglected in the beam theory since it assumes a uniform stress distribution across the
compressed flange.

Several actual or small-scaled ships were subsequently built to perform collapse tests
to understand the ships’ vertical bending collapse behavior [128–134]. These collapse
experiments had similar findings in that they found the compressed flange of the ships
led to buckling/plastic collapse, which consolidates the point that a full plastic bending
moment is not attained due to the buckling phenomenon. It is an essential issue in the
structural strength assessment of hull girders. The torsional strength of hull girders has
also been experimentally documented in [135,136].

Yao [137] presented a review of hull girder collapse strength in which several advanced
and straightforward methods were investigated in terms of their hull collapse prediction
accuracy, namely simple techniques such as initial yielding, assumed stress distribution,
and advanced methods such as progressive collapse methods with idealized or computed
stress-strain curves, ISUM, and the finite element solution, FEM. It was concluded that only
the advanced methods could capture the progressive collapse behavior of hull girders.

The initial yield assumption to estimate hull collapse strength is not an accurate
indicator of the actual hull capacity given the fact that in real ship collapse, it involves
geometrical non-linearity, being the panel buckling, and the material non-linearity, being
the material plasticity factors that need considering of the evaluation of the hull collapse. It
requires a progressive approach from the initial to the final collapse stage, which includes
interacting with the hull girder’s elements. Each element’s strength contributes to the
overall hull strength. Therefore, ship structural capacity assessment has moved into a
more sophisticated phase, which involves the geometrical and material non-linearity of the
structures; that is, the ultimate strength or ultimate limit state criteria.

Caldwell [138] pioneered the ship longitudinal ultimate capacity assessment that
accounts for the weakening effect of the buckling phenomenon in the compressed flange
of the hull girder by reducing the material yield stress. He assumed a bending stress
distribution over the ship cross-section at the ultimate stage; then, the fully plastic vertical
bending moment was calculated. The elements under tension are yielded, and those
under compression reach their ultimate individual capacity, accounting for the buckling
phenomenon. However, in this method, the transition from the linear stage to the fully
plastic stage is neglected without considering the time lag between the components in
terms of their failure. This assumption is not possible because of the weakening effect of
the buckling phenomenon. However, the stress distribution presumed by Caldwell does
not represent the ultimate limit states of modern ship structures, resulting in overestimated
calculations of the ultimate hull girder strength [90].

Ueda and Rased [139] proposed an idealized unit method (ISUM) to estimate the
ultimate transverse capacity of ship structures. The new ISUM elements were developed
and reported in [140,141].

Smith [142] proposed a progressive collapse method, also widely used as the Common
Structural Rules (IACS, 2015), to estimate the longitudinal strength under pure bending
load. The ship cross-section is divided into components defined as plates with associated
stiffeners, hard corners, or plate elements. The average stress and average strain relation-
ships of the elements are firstly calculated, accounting for the plasticity and buckling. The
average stress-strain curves later are used in the progressive collapse analysis, assuming
that the load is path-dependent and incrementally increased in the form of curvature. More
details on the progressive collapse procedure based on Smith´s method have been reported
in [143].

In this method, two main assumptions are made. Firstly, the ship cross-section remains
on a plane throughout the external load exposure. Each element is independent and
progressively loses its strength and stiffness during the incremental permissible curvature,
which includes the time lag of the component failure enabling the collapse to be progressive.

The first assumption rules out the possible influence of the vertically acting shear force
that may induce cross-sectional warping deformations. The linear strain distribution over
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the hull girder cross-section needs to be updated at each curvature increment, accounting
for the additional warping strains. It also rules out the influence of the shear on the
components buckling and material yield strength definition, meaning the shear’s impact
on the individual component buckling strength needs to be accounted for with an updated
material yield definition. It is a fact that probable ship failure occurs where the maximum
bending moment takes place, and shear forces are negligible. However, the importance of
the time-dependent load combination, shear, and bending forces should not be neglected.

The second assumption neglects the possible influence of the elements on each other
as far as their stress-strain response is concerned, and the non-uniform external bending
load that the ship side shell elements are subjected to during the vertical bending moment,
which leads to both the compression and in-plane bending load that influences the side shell
buckling strength. The Smith method prediction is profoundly affected by the accuracy of
the individual component stress-strain curves.

For example, Rigo et al. [144] performed a sensitivity analysis of an ultimate hull
girder bending moment using the Smith method. They studied the influence of three
influencing factors in the progressive collapse analysis, PCA, namely decomposition of the
hull cross-section into the elements, the meshed model, evaluation of the average stress-
strain relationship, and execution of the progressive collapse analysis. They demonstrated
that the assessment of the ultimate strength of individual elements is the most influencing
factor and the average stress-strain relationship of the individual elements is not negligible.
Several conclusions were presented; for example, a PCA model is better than another if the
mesh model of the structure is less simplified.

The International Association of Classification of Societies, IACS [103,104] has initi-
ated the calculation of the ultimate load carrying capacity of hull girders. Several collapse
modes for evaluating the average stress-strain relationship of stiffened panels have been
presented to be used in the progressive collapse analysis, as initially proposed in [142].
The progressive collapse method has also been documented in several benchmark stud-
ies [1,145,146].

Paik and Mansour [147] proposed a simple analytical formula by assuming a credible
bending stress distribution over the hull cross-section at the collapse stage to predict
the ultimate load capacity of hull girders under a vertical bending moment involving
single and double hull ships. However, the method assumes a uniform stress distribution
along the flange under compression. The experimental ultimate load capacities of several
box girders and small-scale ships were presented. The ultimate experimental capacities
were compared with the proposed method and several existing analytical and empirical
formulations [148–152]. There are significant differences observed in the ultimate moment
results from these formulas used in the comparison. They concluded that the proposed
method is in good agreement with the experimental and numerical predictions and may
be helpful in preliminary design estimates of the ultimate strength of ships under a vertical
bending moment.

5.2. Buckling and Lateral Pressure Impact on Collapse Strength

Several authors have implemented Smith´s method over the years. Yao and
Nikolov [91,102] implemented the Smith approach to predict the load carrying capac-
ity of several box girders and ship structures. They proposed an analytical solution to
calculate the plate and stiffened panel stress-strain curves to be used in the progressive
collapse analysis. It was shown that the cross-section could not carry the full plastic bend-
ing moment due to the local buckling in the compression side of bending. More decrease
was observed in ultimate strength under sagging conditions than hogging conditions. It
was demonstrated that the tripping of the stiffened panels leads to a 5% ultimate capacity
decrease. They concluded that the presented method deals with only one cross-section. It
can be improved by incorporating the loads acting in transverse directions and the vertical
and horizontal shear forces.
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Gordo and Guedes Soares [153] proposed an approximate method using the Smith
method to evaluate the hull girder collapse strength under pure bending load. They
presented several box girder collapse tests and 1/3-scaled frigate ship collapse results and
compared the accuracy of the approximate method.

Yao et al. [154] investigated the influence of lateral load pressure on the ultimate load
carrying capacity of a ship’s hull girder under a longitudinal vertical bending moment.
The proposed method to estimate the average stress-strain relationships of the plate and
stiffened panels to be used in the progressive collapse analysis was compared with the
one predicted by the finite element solution accounting for the lateral pressure where
some discrepancy was observed, citing the assumption of the plastic formations. It was
demonstrated that in the studied ship case, MV Energy Concentration, the lateral pressure
effect on the load carrying capacity was not significant.

Garbatov et al. [155] presented an approach to verify the hull girder ultimate bending
moment capacity of a real structure according to the Class Society Rules based on experi-
mental results scaled by the dimensional theory. For this purpose, three experimentally
tested box girders were used to verify the applicability of the presented approach. They
demonstrated that the possible deviation of the correct estimation from the predicted
one, for the analyzed real and model structural configurations, in the worst case, may be
underestimated by 8.3% in the present example. They concluded that the proposed method
might validate the ultimate global strength of real ship hull structures, in the phase of the
new structural design or during the service life, and calibrate the newly developed codes.

The finite element solution is commonly used for the ultimate collapse analysis of
marine structures, initially performed in [156]. Several studies have been conducted to
predict a hull girder’s load carrying capacity, accounting for pure bending or combined
loading conditions and the lateral pressure using the finite element solution, as documented
in [157–166].

6. Conclusions

A review of advances in the ultimate strength assessment of intact ship hull structures
has been provided, showing that the structural behavior of steel plates, stiffened panels,
ship-shaped box girders, and ship hulls had been extensively studied under different
loading and environmental conditions.

It is concluded that there is still room for further studies on the impact of manufactur-
ing and environmental conditions during ship service on the collapse modes of plates and
stiffened panels.

Possible analytical solutions to estimate the average stress–strain relationship of plates
and stiffened panels under monotonic and cyclic loads and the influence of the acting shear
on the collapse strength of hull girders are also worth investigating.

Additional attention should be paid to the ultimate strength assessment of ship
structures in service, which are typically subjected to very severe environmental conditions;
these add to initial manufactory imperfections, and more imperfections are induced related
to corrosion degradation, crack growth, collision, etc. [167].
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Abstract: The objective of this study is to investigate the strength of the rectangular plates subjected
to cyclic load reversals with varying strain ranges. The finite element solution is implemented to
estimate the load-carrying capacity. The influence of the initial imperfections, plate thicknesses
and aspect ratio parameters have been accounted for. The cyclic response is predicted by using the
material model assumed to follow the combined non-linear isotropic and kinematic strain hardening
rules with Von Misses yield criterion accounting for the Bauschinger effect. It has been shown that the
type of plastic formation during the cyclic load has a significant influence on the structural capacity
and stiffness reduction. The initial imperfection has a significant impact on the ultimate load capacity
reduction where the uni-modal initial imperfection type leads to a more stable load transition and
plastic formation, reducing the structural capacity during the cyclic load exposure.

Keywords: ultimate strength; cyclic load; Bauschinger effect

1. Introduction

The cyclic load phenomenon is a common load type that the structures are subjected during their
service life. Its impact has been investigated accounting for different aspects of problems in various
fields of engineering. It may take place as a result of a variety of causes, for example, when civil
buildings are exposed to earthquakes or ships are subjected to extreme wave loads (Det Norske
Veritas-Germanischer LIyod, DNV-GL [1], Eurocode-3 [2], Eurocode-8 [3], the Federal Emergency
Management Agency, FEMA [4]).

When the steel structure is subjected to a cyclic load, their hysteretic behaviour becomes a critical issue
to be investigated involving the structural capacity and stiffness reduction. Its impact is magnified with the
strain reversals. Ibarra et al., 2005 [5] provided the description, calibration and application of hysteretic
models accounting for the strength and stiffness deteriorations for a variety of materials including steel.

Azevedo et al., 1994 [6] provided an overview of experimental methodologies for the cyclic load
and analytical methods to simulate the hysteretic behaviour of steel structural components.

Zhou et al., 2015 [7] performed a series of cyclic load tests accounting for several cyclic loading
protocols and material properties under considerable inelastic strain exposure and they concluded
that the loading history has a considerable influence on the stress-strain response and it is more
pronounced at low amplitude loadings. Different cyclic load protocols have also been studied by
Shi et al., 2011 [8] and Shi et al., 2012 [9] where the difference between the monotonic and hysteretic
curves has been presented.

Krolo et al., 2016 [10] investigated the behaviour of structures, built of mild steel and subjected
to the cyclic load accounting for variable strain ranges by applying the displacement controlled load.
They compared the hysteretic curves as predicted by the finite element solution and experimental
results, showing a good agreement.
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Zhao et al., 2019 [11] studied aluminium alloys under low-cycle fatigue loading and they showed
that as the number of the cyclic load increases, it gives rise to the load-carrying capacity and stiffness
reduction. Wang et al., 2019 [12] analysed steel-reinforced concrete columns subjected to the cyclic
load employing a damage assessment approach where the hysteretic and skeleton curves have been
developed based on the test results.

Ship hull structures are made up of steel by and largely are exposed to a variety of loads throughout
the ship’s service life at sea. The imposed loads play a significant role in defining the overall structural
capacity of the ship structure. Hence, the structural behaviour and capacity to resist different loads are
to be well understood in the first place to enhance the ship and crew safety and also to protect the
marine environment in case of structural failure.

The cyclic load is also one of the load types that the ships are subjected to. The degree of the cyclic
load exposure may differ depending on the sea state conditions where the ships are operating.

A variety of tools and methods have been developed to estimate the ultimate load-carrying
capacity of the ship structure (Smith 1977 [13], Paik et al., 2012 [14], ALPS/HULL [15]).

Smith 1977 [13] proposed a progressive collapse method also widely used by the Common
Structural Rules [16], in order to estimate the ultimate ship strength. The ship cross-section is divided
into components defined as a unit of plates with associated stiffeners, hard corner or plate elements.
Each element is independent and progressively loses its strength and stiffness during the incremental
permissible curvature.

Gordo and Guedes Soares 1997 [17] used the progressive collapse method to assess the ultimate
load-carrying capacity of the hull girders and verified with the experimental results demonstrating
good accuracy. The progressive collapse method was also implemented in Gordo and Guedes Soares
1996 [18] and Paik et al., 2012 [19].

The finite element solution is also being commonly used for the ultimate collapse analysis of marine
structures which was initially performed by Chen et al., 1983 [20]. Several authors, Paik et al., 2008 [21],
Xu et al., 2013 [22] and Tekgoz et al., 2018 [23], studied the ultimate shipload carrying capacity using
the finite element solution which is based on a force-rotation-controlled static load.

In these approaches, the structure is allowed to follow a path under a static pure-bending load
with an incrementally increasing curvature.

However, the ship plating is predominantly subjected to the dynamic loads that subsequently
leads to the cyclic load attack, which is added to the complexity of the geometrical and material
nonlinearity of the structural assessment.

Yao et al., 1990 [24] performed a series of elastic-plastic large deflection analysis on plates under
cyclic load. They studied the influence of the cyclic load on the plate in-plane rigidity, re-yielding and
ultimate load capacity reduction for a wide plate.

Goto et al., 1995 [25] studied the influence of the localization of the plastic buckling on the steel
structures where they concluded that it significantly reduces the loading capacity of the steel structure
under the cyclic load.

Komoriyama et al., 2018 [26] studied the influence of the cumulative buckling under the cyclic
load on the load capacity of the stiffened panels. They showed that when the cyclic compressive load is
around the ultimate capacity of the structure, the cumulative buckling deformation is high. However,
its impact on the ultimate load carrying capacity is small.

Yao et al., [27] developed an analytical solution for a plate subjected to a cyclic load in order to
simulate the collapse behaviours accounting for the welding induced residual stresses where a simple
dynamical model has been introduced presenting a good agreement with the one defined by the finite
element solution.

Cui et al., 2018 [28] studied the ultimate load-carrying capacity of the ship hull girder under a
cyclic load using the Smith’s method and a good agreement has been achieved when compared to the
one predicted by the finite element solution.
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Li et al., 2019 [29] proposed an analytical solution to predict the buckling and collapse response of
both plates and stiffened panels under the cyclic load showing a good agreement with the FEM prediction.

The cyclic response is a complex phenomenon that involves several aspects to be considered both
from material non-linearity being a function of the material stress-strain definition and geometrical
non-linearity being the buckling, initial imperfections, plastic formation pattern, etc.

Here in this study, the ship is considered to be exposed to an extreme cyclic load. The term extreme
cyclic load has been considered in the sense that the ship is already failed and she is in post-collapse
stages. In this state, the ship may experience extreme cyclic behaviour, and its post-collapse structural
capacity might be lower than what the static approaches predict.

Therefore, the strain ranges considered in this study can be considered within the range of the
extreme ones. The plates, as a part of the ship hull structure, have been assumed to be failed in the
initial loading and exposed to the multiple cyclic loads in order to see how the structural response of
the plate changes.

The objective of this study is to investigate the strength of rectangular plates subjected to cyclic load
with varying strain ranges. The finite element solution is implemented to estimate the load-carrying
capacity. The influence of the initial imperfections, plate thicknesses and aspect ratio parameters have
been accounted for.

2. Finite Element Modelling

2.1. Material and Structural Description

The material properties are assumed as reported in Krolo et al., 2016 [10] for the present study, as
can be seen in Table 1.

Table 1. Material property descriptors.

Yield Stress
(MPa)

Young’s Modulus
(MPa)

ν
C1

(MPa)
γ

C2

(MPa)
γ

C3

(MPa)
γ

Q∞
(MPa)

b

285 207,000 0.3 13,921 765 4240 52 1573 14 25.6 4.4

Due to the complexity of the cyclic behaviour of the structures which may exhibit strain hardening
accompanying a structural capacity increase, and material yield stress reduction which is termed as
the Bauschinger effect, that leads to the structural capacity reduction, a comprehensive material model
that may mimic this complex behaviour under the cyclic load is defined.

Here the Chaboche [30] nonlinear kinematic hardening and the non-linear isotropic hardening
rules under the cyclic load has been used, and its descriptors have been shown in Table 1. which have
been calibrated based on the experimental cyclic test data as given by Krolo et al., 2016 [10].

The yield surface definition is defined following the Von Mises criterion, ANSYS [31]:

F = f(σ− α) − σ0 = 0 (1)

where σ0 is the material yield stress and f(σ− α) is the equivalent Von Mises stress concerning the back
stress α, that equals to:

f(σ− α) =
√

3
2
(S− αdev) : (S− αdev) (2)

where σ is the stress tensor, S is the deviatoric stress tensor and αdev is the deviatoric part of the back
stress tensor.

The material yield stress definition with the material isotropic hardening rule is defined as,
ANSYS [31]:

σ0 = σ

∣∣∣∣∣o + Q∞
(
1− e−bε̂pl

)
(3)

129



J. Mar. Sci. Eng. 2020, 8, 65

where σ|o is the material initial yield stress at zero plastic strain. Q∞ and b are the material parameters
of the isotropic hardening behaviour of the materials, defined based on the experimental cyclic test
data and ε̂pl is the equivalent plastic strain.

The evolution of each back stress model with the kinematic hardening rule equals to, ANSYS [31]:

Δα̂i =
2
3

CiΔε̂pl − γiαiΔε̂pl (4)

where Ci and γi are the material parameters of the kinematic hardening behaviour of materials, defined
based on the experimental cyclic test data, and finally, α is the overall back stress defined as, ANSYS [31]:

α =
∑N

i=1
αi (5)

where N is the back stress number which has been set to 3 here.
Three different plates with varying plate aspect ratios and plate thicknesses have been studied

here in order to investigate their impact on the structural capacity under the cyclic load, as shown in
Table 2.

Table 2. The plate structural definition.

Plates Length (mm)
Breadth

(mm)
Thickness

(mm)
Aspect Ratio,

Length/Breadth

1 500 500 5,10 1
2 1 2610 880 10,15,20 3
3 1 4950 830 10,15,20 6

1 Paik et al., 2012 [19].

2.2. Load, Boundary Condition and Initial Imperfection

The boundary conditions applied to the Finite Element Method, FEM model edges are simply
supported conditions. The simply supported boundary conditions have been kept for all FEM studies
performed here.

For the plate with an aspect ratio 1, only a quarter part of the plate has been modelled, and the
symmetry boundary conditions have been applied to the respective locations, and for the longer plates,
the entire plate has been modelled as shown in Figure 1:

 
 

Figure 1. Boundary conditions for plate 1 (left) and plate 2 and 3 (right).

130



J. Mar. Sci. Eng. 2020, 8, 65

There are two types of initial imperfections used, namely, the uni-modal and the multi-modal
ones (see Figure 2). The uni-modal one, which is termed here as Initial imp_B, takes the general form
as defined by Ueda et al., 1985 [32]:

Wo = w max sin
(mπx

a

)
sin

(nπy
b

)
(6)

where a is the length of the plate, b is the breath of the plate, m and n are parameters depending on
the number of half-waves considered. For all FE studies here, n is set to 1 and m is calculated as the
minimum integer as follows:

a
b
≤

√
m(m + 1) (7)

As for the mid-plate maximum initial imperfection, Wmax is given as for the average initial
imperfections unless stated otherwise in the respective sections, as defined by Smith et al., 1988 [33]:

Wmax = 0.1βp
2tp (8)

where βp represents plate slenderness and tp is the plate thickness.
As for the multi-modal initial imperfection that is labelled as Initial imp_A, it takes the general

form of Ueda et al., 1985 [32]:

Wo =
∑(∑

A 0mn sin
(mπx

a

))
sin

(nπy
b

)
(9)

where A 0mn is the maximum magnitude of each component of initial imperfection which is defined
concerning each plate aspect ratio and n is set to 1 for each component here.

  
Figure 2. Multi-modal initial imperfection (left) and uni-modal initial imperfection (right).

As to the cyclic load, a displacement controlled load has been applied in order to avoid sudden
load fluctuations that may occur during the plate buckling phenomenon as can be seen in Figure 3.

Figure 3. Load application.
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The cyclic load response has been estimated by the FEM method using commercial finite element
software, ANSYS [31]. The shell element SHELL181 has been used to model the studied plates.
The element type has four nodes with six degrees of freedom at each node, including translations and
rotations about the x, y, and z-axes.

3. Results

3.1. The Impact of the Cyclic Load on the Load Capacity, Plate 1

Here the impact of the cyclic load on the ultimate strength is analysed. Firstly, a square plate,
that is labelled as Plate 1, with a thickness of 5 mm and 10 mm is studied. The amplitude of the initial
imperfection, Wmax, is taken as 10% of the plate thickness. The material property and load definition
are provided in Sections 2.1 and 2.2. Under these conditions, the plate may experience the elastic and
plastic buckling.

The influence of the varying strain range is studied employing one half-cycle load as can be seen
in Figures 4 and 5. Figure 4 shows the normalized strength and strains as a result of the half-cycle
load. The load is initially compressive, and the tensile load follows to complete the half cycle. Figure 5
shows the normalized strength and strains under half-cycle load. The load is initially tensile, and the
compressive load follows to complete the half cycle.

  

≤    ≤ 2  - Case 1 ≤    ≤ 2  - Case 2≤    ≤ 2  - Case 3

Case 1 

Case 2 
Case 3 

≤    ≤ 2  - Case 1 ≤    ≤ 2  - Case 2≤    ≤ 2  - Case 3

Case 3 
Case 2 

Case 1 

Figure 4. Plate thickness: 5 mm (left) and plate thickness: 10 mm (right), first compressive followed by
a tensile load.

  

≤    ≤ 0.5  - Case 1 

≤    ≤ 2   - Case 2≤    ≤ 3  - Case 3
Case 1 

Case 2 
Case 3 

≤    ≤ 0.5  - Case 1 ≤    ≤ 2   - Case 2≤    ≤ 3  - Case 3
Case 1 

Case 2 

Case 3 

Figure 5. Plate thickness: 5 mm (left) and plate thickness: 10 mm (right), first tensile followed by
compressive load.
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The square plate response may differ depending on how the plate is initially loaded. The plate
re-yielding points do not differ if it is first loaded under tensile load and followed by a compressive
load. However, it significantly changes if it is firstly loaded under compression and followed by a
tensile load. This holds true for both plate thickness cases. Similar findings have also been given in
Yao et al., 1990 [24] for a wider plate.

This might be explained with the non-uniform residual plastic deformations that occur in previous
compressive loading history and due to the buckling phenomenon.

Additionally, the plate with a 5 mm thicknesses creates a local plasticity line forming a partial failure
mechanism (see Figure 6). When a failure mechanism occurs in the plate, it governs the plate deformation
and causes unloading on the stresses in the other parts of the plate, and this phenomenon, apart from the
developed residual plastic strains and Bauschinger effect, may also explain why the re-yielding reduction
is more influenced when it is re-loaded in the case of a plate thickness of 5 mm (see Figure 4).

  

Figure 6. Plate thickness: 5 mm (left) and plate thickness: 10 mm (right), yielding location.

On the next stage, the square plate is subjected to the multiple cycle load with a variable strain
range. Figure 7 shows the normalized strength and strain response of the plate that is subjected to the
multiple cyclic loads accounting for the plate thicknesses. For both cases, a plate thickness of 5 mm
and 10 mm, the response approaches to converged loop after several cyclic loads.

 
(a) 

 
(b) 

 
(c) 

 
(d) 

 
(e) 

 
(f) 

≤    ≤ 0.5 ≤    ≤ 2 ≤    ≤ 3 

≤    ≤ 0.5 ≤    ≤ 2 ≤    ≤ 3 

Figure 7. (a) t= 5 mm, −3 ≤ εx
εy
≤ 0.5; (b) t= 5 mm, −3 ≤ εx

εy
≤ 2; (c) t= 5 mm, −3 ≤ εx

εy
≤ 3; (d) t = 10 mm,

−3 ≤ εx
εy
≤ 0.5; (e) t = 10 mm, −3 ≤ εx

εy
≤ 2; (f) t = 10 mm, −3 ≤ εx

εy
≤ 3.
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As the number of the cyclic load is increasing, this gives a rise of the ultimate strength and initial
stiffness reduction which has been observed with the square plate (see Figure 8).

 
(a) (b) 

 
(c) (d) 

(e) 

 

(f) 

≤    ≤ 0.5 

≤    ≤ 0.5 

≤    ≤ 2 

≤    ≤ 2

≤    ≤ 3 

≤    ≤ 3

Figure 8. (a) Strength decrease, −3 ≤ εx
εy
≤ 0.5; (b) Stiffness decrease, 3 ≤ εx

εy
≤ 0.5; (c) Strength decrease,

−3 ≤ εx
εy
≤ 2; (d) Stiffness decrease, −3 ≤ εx

εy
≤ 2; (e) Strength decrease, −3 ≤ εx

εy
≤ 3; (f) Stiffness decrease,

−3 ≤ εx
εy
≤ 3.
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It has been observed in the case of a square plate that as the plate thicknesses are reduced,
the ultimate load-carrying capacity and its stiffness reduction is more pronounced and in addition to
this, the reduction is magnified with the increase of the strain range.

3.2. Impact of the Cyclic Load on the Load Capacity, Plate 2 and 3

Firstly, the impact of the plate thickness using the Initial imp_B has been studied under a half load
cycle, as shown in Figure 9. This study is performed to see the influence of the order of the loading
with long plates by varying the plate thicknesses. A particular case with a plate thickness of 8 mm is
also presented to analyse the response under the half-cycle load concerning the order of the cyclic load.

The results show that when the plate thickness is less than 10 mm, it may show a different
structural capacity when it is loaded first under tensile load. For the rest of the cases, the order of the
loading does not have a significant impact on the structural response.

 

(a) 

 

(b) 

 
(c) 

 
(d) 

≤    ≤ 2 ≤    ≤ 3 

≤    ≤ 2 ≤    ≤ 3

Figure 9. Cont.
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(e) 

 
(f) 

 

(g) 
(h) 

≤    ≤ 2 ≤    ≤ 3

≤    ≤ 2 ≤    ≤ 3

Figure 9. (a) t = 8 mm, first compressive followed by tensile load; (b) t = 8 mm, first tensile followed by
compressive load; (c) t = 10 mm, first compressive followed by tensile load; (d) t = 10 mm, first tensile
followed by compressive load; (e) t = 15 mm, first compressive followed by tensile load; (f) t = 15 mm,
first tensile followed by compressive load; (g) t = 20 mm, first compressive followed by tensile load;
(h) t = 20 mm, first tensile followed by compressive load.

At the next stage, the impact of the uni-modal and multi-modal initial imperfection is studied
under multiple cyclic loads with a constant strain range of −3 ≤ εxεy

≤ 3 using Plate 2 and 3 that has an
aspect ratio of 3 and 6, respectively in order to see the effect of the initial imperfection on the ultimate
load-carrying capacity under the multiple cyclic load exposure.

Figure 10 shows the normalized strength and strain prediction of the FEM accounting for the plate
initial imperfections under the multiple cyclic loads for the plate with an aspect ratio: 6.

The multi-modal initial imperfection, the initial imp_A, exhibits lower strength performance
contrary to the uni-modal initial imperfection, the Initial imp_B, as can be seen in Figure 10.

In the case of the uni-modal case, Initial imp_B, the load transition forms smooth plastic
deformation to other parts and follows the pattern during the entire cyclic load exposure. However, in
the case of the multi-modal case, Initial imp_A, the load transition is not smooth and very local plastic
formation occurs at the early stage of the cyclic load and continues with it throughout the cyclic load
exposure. In addition to that, at the final stages of the cyclic load exposure, in both cases, the structure
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creates a local plastic mechanism by which the structure is governed, and it may finally lead to rupture
as can be seen from Figures 11 and 12.

 
(a) 

 
(b) 

 
(c) 

 
(d) 

 
(e) 

 
(f) 

 
(g) 

 
(h) 

 
(i) 

≤    ≤ 3 ≤    ≤ 3 

≤    ≤ 3 

≤    ≤ 3 ≤    ≤ 3 ≤    ≤ 3 

≤    ≤ 3 ≤    ≤ 3 

≤    ≤ 3 

Figure 10. (a) t = 10 mm, Initial imp_A −3 ≤ εx
εy
≤ 3; (b) t = 10 mm, Initial imp_B, −3 ≤ εx

εy
≤ 3;

(c) Normalized ultimate strength, −3 ≤ εx
εy
≤ 3; (d) t = 15 mm, Initial imp_A, −3 ≤ εx

εy
≤ 3; (e) t = 15 mm,

Initial imp_B −3 ≤ εx
εy
≤ 3; (f) Normalized ultimate strength −3 ≤ εx

εy
≤ 3; (g) t = 20 mm, Initial imp_A

−3 ≤ εx
εy
≤ 3; (h) t = 20 mm, Initial imp_B −3 ≤ εx

εy
≤ 3; (i) Normalized ultimate strength −3 ≤ εx

εy
≤ 3.

Figure 11 shows the progress of the equivalent plastic strains at the ultimate compressive capacity
under the cyclic load for the plate thicknesses of 10 mm using an aspect ratio of 6 accounting for the
different initial imperfection.
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(c) 

 
(d) 

 
(e) 

 
(f) 

 
(g) 

 
(h) 

 
(i) 

 
(j) 

 
(k) 

 
(l) 

Figure 11. (a) Initial imp_B, plastic strains at C0; (b) Initial imp_A, plastic strains at C0; (c) Initial
imp_B, plastic strains at C1; (d) Initial imp_A, plastic strains at C1; (e) Initial imp_B, plastic strains at C2;
(f) Initial imp_A, plastic strains at C2; (g) Initial imp_B, plastic strains at C3; (h) Initial imp_A, plastic
strains at C3; (i) Initial imp_B, plastic strains at C4; (j) Initial imp_A, plastic strains at C4; (k) Initial
imp_B, plastic strains at C9; (l) Initial imp_A, plastic strains at C9.

Figure 12 shows the progress of the equivalent plastic strains at the ultimate compressive capacity
for a plate thickness of 20 mm with an aspect ratio of 6.
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(d) 

 
(e) 

 
(f) 

 
(g) 

 
(h) 

 
(i) 

 
(j) 

Figure 12. (a) Initial imp_B, plastic strains at C0; (b) Initial imp_A, plastic strains at C0; (c) Initial
imp_B, plastic strains at C1; (d) Initial imp_A, plastic strains at C1; (e) Initial imp_B, plastic strains
at C2; (f) Initial imp_A, plastic strains at C2; (g) Initial imp_B, plastic strains at C3; (h) Initial imp_A,
plastic strains at C3; (i) Initial imp_B, plastic strains at C9; (j) Initial imp_A, plastic strains at C9.

It is observed that in the case of a plate thickness of 10 mm, the load transition is faster contrary
to the one of 20 mm as shown in Figures 11 and 12 in the case of the uni-modal initial imperfection.
This may be one of the reasons why the plate with a 10 mm thickness exhibits more considerable
ultimate carrying capacity reduction as the cycle number is increasing.

Figure 13 shows the normalized strength and strain prediction of the FEM accounting for the
plate initial imperfections under multiple cyclic loads with an aspect ratio of 3. The multi-modal initial
imperfection exhibits a lower strength performance compared to the uni-modal initial imperfection,
as can be seen in Figure 13. Similar predictions have also been observed with the plate aspect ratio of 6.
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(a) 

 
(b) 

 
(c) 

 
(d) 

 
(e) 

 
(f) 

 
(g) 

 
(h) 

 
(i) 

≤    ≤ 3

≤    ≤ 3 ≤    ≤ 3 

C0

≤    ≤ 3
≤    ≤ 3 ≤    ≤ 3 

≤    ≤ 3 ≤    ≤ 3 ≤    ≤ 3 

Figure 13. (a) t = 10 mm, Initial imp_A −3 ≤ εx
εy
≤ 3; (b) t = 10 mm, Initial imp_B, −3 ≤ εx

εy
≤ 3;

(c) Normalized ultimate strength, −3 ≤ εx
εy
≤ 3; (d) t = 15 mm, Initial imp_A, −3 ≤ εx

εy
≤ 3; (e) t = 15 mm,

Initial imp_B −3 ≤ εx
εy
≤ 3; (f) Normalized ultimate strength −3 ≤ εx

εy
≤ 3; (g) t = 20 mm, Initial imp_A

−3 ≤ εx
εy
≤ 3; (h) 20 mm, Initial imp_B −3 ≤ εx

εy
≤ 3; (i) Normalized ultimate strength −3 ≤ εx

εy
≤ 3.

Figure 14 shows the progress of the equivalent plastic strains at the ultimate compressive capacity
under the cyclic load for a plate thicknesses of 10 mm with an aspect ratio of 3.

Figure 15 shows the progress of the equivalent plastic strains at the ultimate compressive capacity
under the cyclic load for a plate thicknesses of 20 mm with an aspect ratio of 3.

Similar observation as with the plate with an aspect ratio of 6 can be seen in the case of a plate
thickness of 20 mm, where the uni-modal initial imperfection has smooth load transition, plastic
formation, as can be seen in Figure 15 and in the case of the multi-modal one, the local plastic formation
again occurs at early stages during the cyclic load exposure.
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(b) 

 
(c) 

 
(d) 

Figure 14. (a) Initial imp_B, plastic strains at C0; (b) Initial imp_A, plastic strains at C0; (c) Initial imp_B,
plastic strains at C9; (d) Initial imp_A, plastic strains at C9.

 
(a) 

 
(b) 

 
(c) 

 
(d) 

Figure 15. (a) Initial imp_B, plastic strains at C0; (b) Initial imp_A, plastic strains at C0; (c) Initial imp_B,
plastic strains at C9; (d) Initial imp_A, plastic strains at C9.

The plate with a thickness of 10 mm and aspect ratio:3 shows a different plastic formation which
may be one of the reasons why the ultimate load-carrying capacity is more pronounced under the
multiple cyclic load exposure. The plate, in this case, might follow the plastic formation pattern,
as shown in Figure 16. In this case, the plastic lines govern the plate deformation, which gives rise to
more considerable ultimate load capacity reductions during the cyclic load exposure.

 
(a) 

 
(b) 

Figure 16. Initial imp_A (left) and initial imp_B (right), possible plastic formation pattern, t = 10 mm,
aspect ratlio:3.
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In the next study, the longer plates are subjected to a multiple load exposure considering only
the uni-modal initial imperfection, the initial imp_B, in order to analyse the ultimate load-carrying
capacity reduction accounting for the plate thickness and aspect ratios.

Figures 17 and 18 show the cyclic response of the plate with an aspect ratio of 6 and 3, respectively,
by varying the plate thicknesses and strain ranges.
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Figure 17. (a) t = 10 mm, −3 ≤ εx
εy
≤ 0.5; (b) t = 10 mm, −3 ≤ εx

εy
≤ 2; (c) 10 mm, −3 ≤ εx

εy
≤ 3; (d) t = 15

mm, −3 ≤ εx
εy
≤ 0.5; (e) 15mm, −3 ≤ εx

εy
≤ 2; (f) 15 mm, −3 ≤ εx

εy
≤ 3; (g) 20 mm, −3 ≤ εx

εy
≤ 0.5; (j) 20 mm,

−3 ≤ εx
εy
≤ 2; (k) 20 mm, −3 ≤ εx

εy
≤ 3.
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Figure 18. (a) t = 10 mm, −3 ≤ εx
εy
≤ 0.5; (b) t = 10 mm, −3 ≤ εx

εy
≤ 2; (c) t = 10 mm, −3 ≤ εx

εy
≤ 3; (d) t =

15 mm, −3 ≤ εx
εy
≤ 0.5; (e) t = 15mm, −3 ≤ εx

εy
≤ 2; (f) 15 mm, −3 ≤ εx

εy
≤ 3; (g) t = 20 mm, −3 ≤ εx

εy
≤ 0.5;

(j) t = 20 mm, −3 ≤ εx
εy
≤ 2; (k) t = 20 mm, −3 ≤ εx

εy
≤ 3.

Figure 19 shows the ultimate capacity reduction accounting for the plate thickness and aspect
ratios subjected to multiple cyclic loads.

It has been observed that in the longer plates, there is a correlation between the plate thickness
and ultimate load capacity reduction that as the plate thickness gets larger, it gives rise to more
load-carrying capacity reduction during the cyclic load.

However, there are cases where the reduction is more pronounced with the thinner plates.
The reason for this is attributed to the pattern of the plastic formation where a partial failure mechanism
may form and governs the entire plate collapse. This phenomenon has been observed with a plate
thickness of 10 mm, with an aspect ratio of 3, as shown in Figure 14.
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Figure 19. (a) Aspect ratio: 3, Initial imp_B, Strength decrease, −3 ≤ εx
εy
≤ 0.5; (b) Aspect ratio: 6,

Initial imp_B, Strength decrease, −3 ≤ εx
εy
≤ 0.5; (c) Aspect ratio: 3, Initial imp_B, Strength decrease,

−3 ≤ εx
εy
≤ 2; (d) Aspect ratio: 6, Initial imp_B, Strength decrease, −3 ≤ εx

εy
≤ 2; (e) Aspect ratio: 3, Initial

imp_B, Strength decrease, −3 ≤ εx
εy
≤ 3; (f) Aspect ratio: 6, Initial imp_B, Strength decrease, −3 ≤ εx

εy
≤ 3.
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4. Conclusions

The strength of rectangular plates subjected to cyclic loads has been analysed by employing the
finite element method accounting for different plate aspect ratios and thicknesses. It has been shown
that as the plates are subjected to the cyclic load, the ultimate load capacity, along with their stiffness
decreases. The reduction is more pronounced as the strain range is increased.

It has been observed that with the square plate, there is a correlation between the ultimate capacity
reduction and the plate thickness as the plate thickness gets smaller that gives rise to the capacity
reduction under the multiple cyclic loads. The capacity reduction might also be influenced by the type
of plastic formation that may lead to local plastic collapse during the cyclic load exposure.

For the plates with higher aspect ratios, as the plate gets thicker, the plate load capacity reduction
gets more pronounced under the cyclic load. The response is also highly influenced by the type of
plastic formation.

Therefore, the ultimate capacity reduction might be more pronounced as the cyclic load exposure
is increased in the case of the thinner plate because of the local plastic formations.

It has been observed that the initial imperfection has a significant influence on the ultimate load
reduction during the cyclic load exposure that has been seen with the plate with higher aspect ratios.

The multi-modal initial imperfection is observed to be less stable, as opposed to the uni-modal
initial imperfection. The ultimate load capacity reduction is more significant with the multi-modal
initial imperfection during the cyclic load exposure because the local plastic formation is earlier and
governs the plate deformations.

However, in the case of the uni-modal initial imperfection, during the cyclic load exposure,
the load transition and plastic formation are smooth and more balanced, which can be observed with
the equivalent plastic strain formation sequence.
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Abstract: A robust methodology to simulate virtually the residual stresses pattern in welded steel
plates is presented. The methodology is applied to the structural analysis of typical welded plates
belonging to ship structures, and the effect of residual stresses on the elastoplastic behavior of
plates loaded axially is analyzed in comparison to the residual stress free case, both for tension
and compression and including initial imperfections. Residual stresses affect in different manner
plates with different geometries; thus a parametric study is performed covering the usual range of
variation of the most important plate parameters that control the strength of the plates, more precisely
the slenderness and the aspect ratio. The results from finite elements analysis are compared with
codes and most established formulations and recommendations of applicability in the prediction of
load-shortening curves for hull’s bending strength evaluation, ultimate strength and ultimate strain
of plate elements are made.

Keywords: ultimate strength of plates; residual stresses; initial imperfections

1. Introduction

The study of unstiffened plates under different loading conditions has been object of very deep and
extensive analysis along time in relation to the effect of the most important parameters that influence
the ultimate strength of such plates.

Plate elements are a fundamental component of stiffened plates that are the basis of structural
strength of thin-walled structures evaluation. The hull girder of a ship is subjected to different loadings,
like bending moment, shear force and lateral pressure. Plate elements are very important in all cases
contributing greatly to resist those loadings. In the particular case of the hull girder strength assessment,
the structure may be considered to be formed by a set of stiffened plates each of them contributing
to resist the applied bending moment and other loads [1–3]. The response of each stiffened element
depends greatly from the contributions of the associated plate attached to the stiffeners and frames [4].

The evaluation of the residual stresses distribution along the structure has been concentrated in
three main fields: development of non-destructive and destructive techniques [5], use of finite element
methods and analytical studies associated with the mechanical characteristics of the different material
and welding techniques. Leggatt [6] explains the residual stresses in welded structures, i.e., how the
different factors affect the magnitude, direction and distribution of residual stresses in welded joints
and structures. There exist today several commercial finite elements (FE) codes that may be employed
for detailed nonlinear simulations of the development of the temperature and stress fields present
during welding.

Lindgren [7], Runesson et al. [8] and Dong [9] discussed methods for numerical simulation
of the welding process taking into consideration actual thermal, mechanical and microstructure
developments. The focus is on material modelling, coupling effects between thermal, mechanical fields
and microstructure, numerical techniques and modelling aspects.
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The evaluation of the residual stresses level in 3-D structures may be done indirectly. It requires
the imposition of some hypotheses to establish the residual stress pattern and may be obtained by
two methods: the structural tangent modulus method and the total energy dissipation method [10].
The first one considers the variation of the tangent modulus under alternate loading at a point of a
cycle corresponding to the maximum loading point in the previous cycle. The variation of the tangent
modulus is the result of the variation on the effective inertia of the section due to the development
of local plasticity at points where residual stresses are still high. The second method considers the
dissipation of energy in a structure with residual stresses when an external load is applied [11].

Tekgoz et al. [12] analyzed the effect of residual stress on the ultimate strength assessment of
a stiffened panel by a nonlinear finite element method. They develop modified stress strain curves
in order to include a model of residual stresses on material properties. An improved approach was
proposed by Launert et al. [13] by prescribing initial deformations and simplified residual stress pattern
manually in the numerical model applied to welded plate girders. The present methodology allows
to implement residual stresses in direct way by using the concept of heat affected zone (HAZ) and
mechanical and thermal properties of the material.

2. Methodology

This work studies the effect of residual stresses on the behavior of unstiffened rectangular plates
subjected to axial compression. In order to achieve this objective, a methodology to implement residual
stresses in structural plate elements due to welding process is presented. The internal state of stresses
obtained in this first stage is used as initial condition for the evaluation of the unstiffened plate
structural performance by finite element analysis.

2.1. Implementation of Residual Stresses due to Welding

The plate elements are divided into different regions according to the thermal process that they
are subjected during the welding process. A typical plate element belonging to a ship’s panel has a
length a and a width b and is welded on its borders to stiffeners and frames, thus there are strips of the
plate in the borders that suffer the effect of heating and cooling during the welding process, developing
permanent plastic strains that affect the initial internal state of stresses in the whole plate in the end of
the welding process.

2.1.1. Theoretical Model of Residual Stresses for Perfect Plates

It is commonly accepted that these residual stresses patterns may be simply represented by a
strip of plate near each border with a width ηt at yield stress (σo) in tension and a central region under
compression at a stress σr with a width of b-2ηt that equilibrates the plate. η is the factor that relates
the width of the heat affected zone with the thickness of the plate t.

The equilibrium equation of loads for the plate quantifies the residual stress as:

σr = −σo
2ηt

b− 2ηt
(1)

In the transverse direction the transversal residual stress in the middle of the plate is:

σrt = −σo
2ηt

a− 2ηt
(2)

Figure 1 presents the distribution of residual stresses in the flat plate, after welding, both in
longitudinal and transversal directions, for the simplified approach (left) [11] and the one obtained by
thermal analysis (right) [14]. A similar approach was present by Yi et al. [15] to represent the biaxial
state of residual stresses in welded panels.
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Figure 1. Idealized residual stress model for an unstiffened perfect plate welded in the edges (left) and
results by FE thermal analysis (right).

2.1.2. Implementation of Residual Stresses by FE Modelling

The study of plates with initial residual stresses requires, as a first step, the introduction of
the residual stresses pattern as described in Figure 1. There are several ways to achieve such
objective [16–18], some of them very complex and computationally costly.

The present method allows to perform the thermal analysis to introduce residual stresses, followed
by structural analysis without intermediate steps and been computationally very efficient.

The plate model in finite elements (FE) is divided by parts as described in Figure 1 where the
lateral strips representing the heat affected zone (HAZ) have a width ηt. The characterization of the
material for such analysis requires in general the information about the mechanical properties for
different temperatures and the respective coefficient of thermal expansion.

The present method only uses the modulus of elasticity, the yield stress at room temperature and
the respective coefficient of thermal expansion, considering an elastic-perfectly plastic deformation
without hardening. The thermal loading is inputted by rising the temperature into the HAZ strips to a
reference temperature, in this study 500 ◦C, followed by a decrease to room temperature, while the
temperature in the rest of the plate is kept at room temperature during the whole process [14].

In the first step, the temperature rises to 500 ◦C in HAZ and it generates plasticity in compression
in the lateral strips and some tensile stresses in the central part of the plate. During the second step,
cooling of the HAZ strips, the state of internal stresses reverses and, in the end, one has tensile yield
stress in the lateral strips and residual compressive stresses in the central part.

This simplified procedure allows to obtain the required residual stress pattern and proceed directly
to a structural analysis in a sequential FE analysis load step. It is recommended to use a mesh size less
than half of the HAZ width, preferably ηt/3. The peak temperature needs to be bigger than a reference
value given by:

ΔT =
2σo

αTE
(3)

which is the minimum difference of temperature required to pass from yield stress in compression to
yield stress in tension on HAZ strips. For mild steel, reference values in equation are σo of 240 MPa,
E is 210 GPa and the coefficient of thermal expansion αT is 1.1 × 10−5 K−1 resulting in a minimum
difference of temperatures ΔT of 208 ◦C.
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2.1.3. Implementation of Procedure in FE Modelling

The complete procedure is composed by four stages: 1. Heating of HAZ strips up to 500 ◦C;
2. Cooling of HAZ strips down to room temperature (T = 20 ◦C); 3. Initial shortening; 4. Compressive
displacement in top of plate up to collapse and beyond. The full procedure is presented in Figure 2.

 
Figure 2. FE loading procedure and steps.

The step 3 is not mandatory but it is very important and it guarantees that part of the residual
stresses are not dissipated in the beginning of step 4. Its value must be bigger than the residual
longitudinal displacement at the top in the end of thermal analysis, step 2, and the structural analysis
on this step 3 should be performed without sub-steps. In more detail and taking as example a plate
with residual stresses σr after the thermal analysis, one has a residual longitudinal shortening in the end
of step 2 given by σr/E·a. If the initial increment of displacement in the structural analysis is smaller
than the residual shortening, the plate suffers residual stresses relaxation by plasticity in tensile strips
with a decrease in the level of residual stresses. So one should guarantees that the initial increment of
load avoids this in the structural analysis. In this work, it decided to do it independently (step 3) and
restart the analysis from that point with better control of the increment of load (step 4).

Figure 3 shows the distribution of stresses in the end of steps 1, 2 and at collapse in step 4 for the
top layer. As it can be seen, in the end of 1st step the HAZ strips are in compression at yield stress
while they are in tension after plasticity in the end of the 2nd step. In the whole process the residual
stress pattern varies from point to point due to the presence of initial imperfections and deformations
developed during the loading.
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Figure 3. Example of state of stresses of a plate after HAZ heating (left), HAZ cooling (middle) and at
collapse (right).

The commercially available finite element software ANSYS [19] has been used for this study.
Eight-node shell elements SHELL281 are used which are well-suited for large strain nonlinear
applications. Full Newton-Raphson solution procedure was implemented to perform the nonlinear
finite element analysis. The mesh of each plate was associated with the tensile strip width as mentioned
previously, mesh size less than half of the HAZ width, preferably ηt/3 in order to obtain a reliable
representation of residual stresses pattern.

2.2. Parameters Affecting the Strength of Unstiffened Plates

The parameters that most affect the structural behavior in compression, represented by the
load-shortening curves (LSC), and the ultimate strength, are the plate slenderness, initial geometric
imperfections, residual stresses, boundary conditions and complexity of loading.
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2.2.1. Plate Slenderness

The definition of the plate slenderness β results directly from the resolution of rectangular plate’s
buckling formulation where the elastic critical Euler’s stress of a plate under axial compression is:

σcr

σo
= kcr

π2

12(1− ν2)β2 (4)

β considers both the geometry of the plate and its material properties and is given by Equation (5)
while kcr accounts for the mode of buckling having as minimum 4 when m = a/b.

β =
b
t

√
σo

E
(5)

kcr =

(
mb
a

+
a

mb

)2

(6)

When the critical stress approaches or overlaps the yield stress, some plasticity is developed in
some points of the plate and the ultimate stress of the plate becomes less than the critical one. Several
proposals have been presented in the past to estimate the ultimate strength, some of them having the
plate slenderness as unique parameter. Two important examples are Faulkner’s (Equation (7)) and
Frankland’s (Equation (8)) equations that are used as well to introduce the concept of effective width.
The former is representative of the strength of simply supported welded plates [20] and the latter is
used in International Association of Classification Societies (IACS) formulation in the definition of the
effective width of the attached plate in a stiffened structural element [3,21].

φu =
σu

σo
=

2
β
− 1
β2

( f orβ > 1) (7)

φu =
σu

σo
=

2.25
β
− 1.25
β2

( f orβ > 1.25) (8)

Figure 4 compares these formulas showing that IACS equation predicts higher strength under
in-plane compression than Faulkner’s approach, which is eventually a consequence of the effect of
residual stresses on the strength of the plates used in the database. It also presents in the same figure a
qualitative classification of unstiffened plates according to relative importance of plasticity and elastic
instability on the behavior and strength of the plates, as follows: stocky plates, dominated by plasticity
and yield stress; intermediate plates, where elastoplastic effects are very important with a critical stress
above yield stress; slender plates, having high degradation of the ultimate strength with increase of
slenderness and a critical stress above 0.5 yield stress: and very slender plates with very low ultimate
strength due to very low critical stress. The range of slenderness covered in this classification is the
most common in ship’s structures, which varies from 1 to 2.5 according Zhan [22].

 

Figure 4. Strength of rectangular plates according to Faulkner, IACS and Euler equations.
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2.2.2. Geometric Imperfections

Several studies [23–29] proposed different values and formulas to estimate the amplitude of initial
imperfections, most of them pointing out to the maximum value without consideration to the mode
of imperfections.

In this work a reference value given by Equation (9) is considered and a wide range of amplitude
around that value is used to estimate the relevancy of the parameter.

wi
t

= 0.1β2 (9)

Different amplitudes and modes of imperfections are considered, corresponding to the expansion
of the shape of imperfections into Fourier series that can be represented by:

w(x, y) =
∑∑

wi.sin
mπx

a
.sin
πy
b

(10)

The importance of the mode of imperfections is analyzed by considering the fundamental mode
(m = 1) which normally leads to stronger plates, and the critical one corresponding to the weaker plate.
Since a/b is 2.5 in the models of this study, the critical mode m is 3.

2.2.3. Boundary Conditions

The adoption of appropriate boundary conditions (BC) on each type of structure is of vital
importance because the differences on structural behavior and strength can be very large between
them. A plate element works normally associated with stiffeners and frames and its contribution to
the strength of the structure depends on the restraining action of these elements, both in terms of
displacements and rotations.

One may consider 4 main classes of boundary conditions for plate elements belonging to panels:

• Unrestrained; all lateral edges and tops, respectively long and short edges in a rectangular plate,
are supported perpendicularly to the plate’s plane, but in-plane movements along the lateral
edges are allowed and rotations are free.

• Restrained; all lateral edges and tops are supported perpendicularly to the plate’s plane,
but in-plane movements along the edges are not allowed, called as fixed condition, and rotations
are free.

• Constrained; all lateral edges and tops are supported perpendicularly to the plate plane, in-plane
movements of the lateral edges are allowed but kept straight and rotations are free.

• Clamped; displacements and rotations are null in all edges.

Each of the above classes leads to differences on the load-elongation curves, ultimate strength
and ultimate strain, modes of collapse both in compression and tension. In terms of ultimate strength,
the difference may be bigger than 20% in compression, leading to completely different modes of
collapse due to the development of transversal stresses induced by Poisson effect [30,31].

Unrestrained and constrained conditions guarantee that the loading in uniaxial compression do
not generate globally transversal loading in the lateral edges. Restrained conditions generate a biaxial
state of stresses leading normally to stronger response of the plate, with higher ultimate strength and
difference collapse mode in certain cases [30]. Clamped conditions can be representative for very rigid
framing system in panels, which is not usual in ship’s structures, at least on the hull girder.

Due to the nature of stiffening on ship’s panels, it is considered that the constraint condition
is the most appropriate to represent the behavior of plate elements belonging to ship’s structures.
Unrestrained are rather conservative and restrained conditions are too optimistic. Figure 5 shows the
boundary conditions on the FE model used in this study.
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Figure 5. Boundary conditions on a rectangular plate loaded longitudinally (constrained conditions).

The rectangular plate is loaded longitudinally in y direction applying a displacement (Uy) on the
right top edge, that remains straight; the left top is fixed (Uy = 0). The upper lateral edge is fixed in the
direction perpendicular to the loading (Ux = 0) and the lower lateral edge remains straight but it is free
to move in-plane, Ux = constant for each load step, satisfying the condition of a null total net load in
the lateral edges during the load path (Fx = 0). These BC’s guarantee a pure uni-axial loading of the
plate. Similar BC for the plate element were used by Li et al. [32] in the study of ultimate compressive
strength of welded stiffened plates.

3. Results

The analysis of the influence of residual stresses on plate’s behavior is performed by FE analysis
considering a rectangular plate with length a of 1.5 m and a width b of 0.6 m resulting in an aspect
ratio α of 2.5 as the basic model.

Four different thicknesses of the plate are considered: 20, 15, 10 and 8 mm. These thicknesses
are representative of different classes of plates in terms of elastoplastic behavior and buckling,
respectively stocky, intermediate, slender and very slender plates with increase in the elastic instability
in compression. The width to thickness ratio, b/t, is respectively 30, 40, 60 and 75.

At least 2 levels of initial geometric imperfections are considered for each group in order to
evaluate its effect on the degradation of the ultimate strength in compression. Since the plate’s structural
behavior is very sensitive to the mode of initial imperfections, 2 modes are considered and compared,
the fundamental (m = 1) and the critical one (m = 3).

The material is considered to have an elastic, perfectly plastic behavior with a Young modulus E
of 210 GPa and yield stress, σo, of 240 MPa.

The boundary conditions in this study are simply supported in all edges. The edges remain straight
during the loading path and the net load in the lateral edges is null, which means that the loading is
globally uniaxial, and a global transversal movement of lateral edges is allowed (constrained condition).

3.1. Stocky Plates

In this group the plates have a slenderness β of 1.014 (b/t = 30). The reference value for the
initial imperfections of these plates, wi, is 2 mm according to Equation (9). Three different levels of
imperfections are considered: 2, 5 and 10 mm, which corresponds to wi/t ratio of 0.1, 0.25 and 0.5,
respectively. Two modes of imperfections are analyzed: the fundamental, m = 1, and the critical one,
m = 3. The effect of residual stresses for each plate is evaluated for three levels of width of the tensile
strip at the edges: η = 0, 2 and 3 to which corresponds a normalized residual stress level of 0.0, 0.15
and 0.25.
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The load shortening curves are presented in Figure 6, where the strength is the average compressive
stress normalized by the yield stress. The results of the ultimate strength and the corresponding strain
normalized by yield strain are presented in Table 1 for the different cases.

 

Figure 6. Load shortening curves for stocky plates with different initial imperfections in amplitude
(i = 2, 5 and 10 mm) and mode (m = 1, 3), and several levels of residual stresses (r = 0, 0.15 and 0.25%).

Table 1. Summary of data and main results for plates with a = 1.5 m, b = 0.6 m and t = 20 mm.

Identification Mode i wi (mm) wi/t η Ultimate Stress Ultimate Strain Residual Stress %

t20m1i2r0 1 2 0.10 0 1.001 1.00 0.00

t20m1i2r25 1 2 0.10 3 1.002 2.00 0.25

t20m1i10r0 1 10 0.50 0 0.991 1.46 0.00

t20m1i10r15 1 10 0.50 2 0.989 2.36 0.15

t20m1i10r25 1 10 0.50 3 0.990 2.37 0.25

t20m3i2r0 3 2 0.10 0 0.982 0.98 0.00

t20m3i2r15 3 2 0.10 2 0.954 1.94 0.15

t20m3i2r25 3 2 0.10 3 0.952 1.97 0.25

t20m3i5r0 3 5 0.25 0 0.904 1.31 0.00

t20m3i5r15 3 5 0.25 2 0.861 1.92 0.15

t20m3i5r25 3 5 0.25 3 0.851 1.99 0.25

t20m3i10r0 3 10 0.50 0 0.789 1.53 0.00

t20m3i10r15 3 10 0.50 2 0.772 1.94 0.15

t20m3i10r15 3 10 0.50 3 0.765 2.03 0.25

The analysis of the curves and their maximum values allows to withdraw several conclusions.
Plates with fundamental mode (m = 1) have a behavior very similar to material behavior and

do not suffer almost any degradation of strength with the increase of amplitude of the imperfections.
The ultimate strength maintains constant for large shortening. Residual stresses change the shape of
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residual stress free LSC in the range of normalized shortening from 1 − σr/σo to 2 by an almost straight
cut. The ultimate stress passes to occur at normalized ultimate shortening of 2.

One the other hand, plates with critical mode (m = 3) suffer a large degradation of strength with
the increase of the amplitude of initial imperfections. Nevertheless, the less imperfect one (wi = 2 mm)
has an ultimate strength close to the values found in plates with fundamental mode of imperfections.

The degradation of the ultimate strength due to increase on amplitude of imperfections is very
important for this group of plates (m = 3) and the ultimate strength can be quantified as:

φu(β = 1.01; rs = 0%) = 1.027− 0.479
wi
t

(11)

The ultimate strain of the residual stresses free plate also suffers a shift with the increase of the
amplitude of initial imperfections towards a normalized strain of 1.5, as shown in Figure 7.

 

Figure 7. Variation of ultimate strength and corresponding normalized strain for plates with t = 20 mm,
m = 3 and no residual stresses.

Residual stresses have a similar effect to the one descripted previously for plate with m = 1 by
cutting the LSC to lower values in the same range of shortening. Finally, initial imperfections and
residual stress seems to reduce the structural modulus of the plate in elastic range given by the slope
of LSC in Figure 6. The ultimate normalized strain in plates with residual stresses is close to 2, which is
the limit of the effect of the tensile strips due to welding.

The load-shedding pattern, after the ultimate load on plates with residual stresses, follows the
path of the similar residual stress free plate.

The ultimate strength of plates with residual stresses is given by:

φu(β = 1.01; rs = 25%) = 0.983− 0.438
wi
t

(12)

The degradation of ultimate strength due to the level of imperfections is lower by 8.6% in the
plates with residual stresses (−0.438) than in plates free of residual stresses (−0.479).
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3.2. Intermediate Plates

The plates in this group have a slenderness, β, of 1.352 (b/t = 40). The reference value for the
initial imperfections of these plates, wi, is 2.74 mm according to Equation (9). Three different levels
of imperfections are considered: 2, 3 and 5 mm, which correspond to wi/t ratios of 0.13, 0.2 and 0.33,
respectively. The structural analysis concentrates on the critical mode, m = 3. The effect of residual
stresses for each plate is evaluated for three levels of the width of the tensile strip at the edges: η = 0, 2
and 3 to which corresponds a normalized residual stress level of 0, 0.11 and 0.18.

The load shortening curves are presented in Figure 8. The results of the ultimate stress normalized
by the yield stress and the corresponding strain normalized by yield strain are presented in Table 2 for
the different cases. The results for a plate with imperfections in the fundamental mode for comparison
are also included.

 

Figure 8. Load shortening curves for intermediate plates (β = 1.352) with different initial imperfections
in fundamental and critical mode and residual stresses.

Table 2. Summary of data and main results for plates with a = 1.5 m, b = 0.6 m and t = 15 mm.

Identification Mode i wi (mm) wi/t η Ultimate Stress Ultimate Strain Residual Stress %

t15m1i3r0 1 3 0.20 0 1.000 1.402 0.00
t15m1i3r11 1 3 0.20 2 0.999 2.114 0.11
t15m3i2r0 3 2 0.13 0 0.919 1.113 0.00
t15m3i2r18 3 2 0.13 3 0.837 1.231 0.18
t15m3i3r0 3 3 0.20 0 0.874 1.129 0.00
t15m3i3r11 3 3 0.20 2 0.801 1.449 0.11
t15m3i3r18 3 3 0.20 3 0.782 1.742 0.18
t15m3i5r0 3 5 0.33 0 0.802 1.276 0.00
t15m3i5r11 3 5 0.33 2 0.755 1.660 0.11
t15m3i5r25 3 5 0.33 4 0.737 1.969 0.25

Qualitatively, the conclusions are very much in agreement with the ones described for stocky
plates in relation to the increase in imperfections and residual stresses: degradation of ultimate strength,
reduction of initial structural modulus and increase in ultimate strain, as it may be seen in Figure 9.
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Figure 9. Variation of ultimate strength and corresponding normalized strain for plates with t = 15 mm,
m = 3 and no residual stresses.

The degradation of the ultimate strength due to increase on amplitude of imperfections is even
bigger than for the stocky ones for this group of plates (m = 3) and the ultimate strength of the residual
stresses free plate can be quantified as:

φu(β = 1.35; rs = 0%) = 0.994− 0.580
wi
t

(13)

The equation for the ultimate strength for plates with residual stress of 18% of the yield stress is
given by:

φu(β = 1.35; rs = 18%) = 0.891− 0.474
wi
t

(14)

One should note that the level of residual stresses does not affect much the ultimate strength of
the plate that achieved at a normalized strain close to 2 and after that the LSC follows the residual
stresses free plate LSC.

3.3. Slender Plates

The plates in this group have a slenderness β of 2.03 (b/t = 60). The reference value for the initial
imperfections of these plates, wi, is 4.11 mm according to Equation (9) corresponding to a wi/t ratio of
0.411. Three levels of imperfections, wi = 2, 5 and 6 mm and residual stresses of 0, 0.07 and 0.15 σy are
considered. The LSC’s of this group of plates are shown in Figure 10. Table 3 presents the main results
of the ultimate strength and the corresponding normalized shortening for the different cases.

The effects of residual stresses are the reduction the initial structural modulus of the plate, the delay
of collapse to normalized shortening in the range of 1.7 to 1.9, as presented in Figure 11. It is also
marked the existence of the almost straight line due to the action of HAZ strips in the range 0.8–1.8 of
normalized shortening.
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Figure 10. Load shortening curves for intermediate plates (β = 2.03) with different initial imperfections
in critical mode and residual stresses.

Table 3. Summary of data and main results for plates with a = 1.5 m, b = 0.6 m and t = 10 mm.

Identification Mode i wi (mm) wi/t η Ultimate Stress Ultimate Strain Residual Stress %

t10m3i2r0 3 2 0.2 0 0.724 1.052 0.00

t10m3i2r07 3 2 0.2 2 0.670 1.105 0.07

t10m3i2r15 3 2 0.2 4 0.639 1.787 0.15

t10m3i5r0 3 5 0.5 0 0.648 1.215 0.00

t10m3i5r07 3 5 0.5 2 0.626 1.641 0.07

t10m3i5r15 3 5 0.5 4 0.615 1.748 0.15

t10m3i6r0 3 6 0.6 0 0.629 1.183 0.00

t10m3i6r07 3 6 0.6 2 0.615 1.635 0.07

t10m3i6r15 3 6 0.6 4 0.606 1.733 0.15

t10m3i8r0 3 8 0.8 0 0.598 1.432 0.00

t10m3i8r15 3 8 0.8 4 0.588 1.756 0.15

 

Figure 11. Variation of ultimate strength and corresponding normalized strain for plates with t = 10 mm,
m = 3 and no residual stresses.
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The degradation of the ultimate strength due to increase on amplitude of imperfections is much
smaller than in the previous groups, stocky and intermediate ones and the ultimate strength of residual
stress-free plate can be quantified as:

φu(β = 2.03; rs = 0%) = 0.761− 0.212
wi
t

(15)

The ultimate strength for plates with residual stress of 15% of the yield stress is given by:

φu(β = 2.03; rs = 15%) = 0.657− 0.084
wi
t

(16)

Imperfections degrade the ultimate strength by a factor of 0.212 in the case of residual stress-free
plate, while this factor is 0.58 in the same case for intermediate plates, which is 2.7 times more.

The ultimate strength of the plates with residual stresses is almost constant with the variation of
residual stresses and initial imperfections in critical mode.

3.4. Very Slender Plates

The plates in this group have a slenderness, β, of 2.54 (b/t = 75). The reference value for the initial
imperfections of these plates, wi, is 5.14 mm according to Equation (9) and a wi/t ratio of 0.643. Three
levels of imperfections, wi = 2, 5 and 6 mm and residual stresses of 0, 0.06 and 0.12 σy are considered.
The LSC’s of this group of plates are shown in Figure 12.

 

Figure 12. Load shortening curves for very slender plates with different amplitude of initial imperfections
in critical mode and residual stresses.

Table 4 presents the main results of the ultimate strength and the corresponding normalized
shortening for the different cases.
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Table 4. Summary of data and main results for plates with a = 1.5 m, b = 0.6 m and t = 8 mm.

Identification Mode i wi (mm) wi/t η Ultimate Stress Ultimate Strain Residual Stress %

t8m3i2r0 3 2 0.25 0 0.627 1.063 0.00

t8m3i2r07 3 2 0.25 2 0.593 1.505 0.06

t8m3i2r15 3 2 0.25 4 0.582 1.654 0.12

t8m3i5r0 3 5 0.63 0 0.575 1.289 0.00

t8m3i5r07 3 5 0.63 2 0.569 1.544 0.06

t8m3i5r15 3 5 0.63 4 0.563 1.668 0.12

t8m3i6r0 3 8 1.00 0 0.542 1.633 0.00

t8m3i6r07 3 8 1.00 4 0.542 1.792 0.12

Since the slenderness of this group is very high the ultimate strength of the plates is small but
does not degrade much with increase in imperfections and residual stresses, as presented in Figure 13.
In fact, the ultimate strength of plates with residual stresses is almost insensitive to imperfections as
confirmed by the very low coefficient 0.044 in Equation (18), but the pre-collapse behavior is rather
dissimilar for each of them in terms of structural modulus and softening until collapse, Figure 12.

 

Figure 13. Variation of ultimate strength and corresponding normalized strain for plates with t = 8 mm,
m = 3 and residual stresses with η = 0, 4.

The ultimate normalized shortening of residual stress-free plates tends to be greater than in
previous groups and the one for plates with residual stresses is much smaller than the values between
1.8 and 2 found previously. This is the result of the very low level of loading carrying capacity of these
very slender plates.

The degradation of the ultimate strength due to increase on amplitude of imperfections is the
smallest of all groups of plates with critical mode considered in this study and the ultimate strength
can be quantified as:

φu(β = 2.54; rs = 0%) = 0.652− 0.114
wi
t

(17)
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The equation for the ultimate strength for plates with residual stress of 12% of the yield stress is
given by:

φu(β = 2.54; rs = 12%) = 0.587− 0.044
wi
t

(18)

These results confirm the conclusion of Ueda et al. [33] that welding residual stresses reduce the
buckling strength remarkably but have a little effect on the ultimate strength when the plate is thin.

4. Discussion

The present methodology proved to be very efficient on the structural analysis of plate elements
with residual stresses. The method is only based on mechanical and thermal properties of the material
and allows to obtain the analysis in short time of computation with high accuracy.

The results obtained show how the main parameters already indicated in Section 3 affect the
load-shortening curves (LSC), the ultimate strength and the corresponding ultimate shortening.
The results were partially analyzed for each group of plates and formulas were presented for the
ultimate strength of imperfect plates with and without residual stresses. Three main aspects need
deeper discussion:

• Effect of slenderness on ultimate strength and correlation with imperfections and residual stresses;
• Dependency of structural tangent modulus from initial conditions of plate, i.e., geometry,

imperfections and residual stresses;
• Effect of residual stresses in the LSC’s.

The analysis performed for each group of plates indicates that the main parameters may affect the
ultimate strength largely, in some cases by more than 20%. Two modes of imperfections (m = 1, 3) were
considered in some groups of plates to demonstrate this variation. For the stocky plates (t = 20 mm)
without residual stresses, one may find a difference of 2% or 20% depending on the amplitude of
imperfections, 2 mm and 10 mm respectively.

4.1. Effect of Slenderness on Ultimate Strength and Correlation with Imperfections and Residual Stresses

The dependency of ultimate strength on slenderness may be obtained by treating the strength
equations for each group in integrated manner. Each equation has a constant term that represents
the strength of virtual ‘perfect’ plate in terms of imperfections and a term related to the degradation
of strength due to amplitude of imperfections. Collecting such information, one may present the
relationship between strength and slenderness, as plotted on Figure 14, where some usual strength
formulations are also plotted for comparison.

 

Figure 14. Comparison of results for constraint plates considering residual stress and initial imperfections
and standard formulations.
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The curves for the influence of imperfections (Equation (9): no rs) and for effect of residual stresses
alone (‘Perfect plate: rs > 10%) are very close, which means that the effect of imperfections or residual
stresses individually are of the same order in comparison to virtual ‘perfect’ plate (‘Perfect’ plate: no rs).
Nevertheless, the corresponding ultimate shortening and the LSC for each case are completely different.

The comparison of the plates with average imperfections but no residual stresses (Equation (9):
no rs) or with residual stresses (Equation (9): rs > 10%) allows to conclude that the degradation of
strength due to residual stresses is more marked in intermediate plates in the range of slenderness
from 1.2 to 1.7. Thin plates are poorly affected by residual stresses as mentioned previously.

Curve ‘Equation (9): rs > 10%’ is representative of real welded plate and may be given by:

φu

(
β;

wi
t

= 0.1β2; rs > 10%
)
= 0.309 +

0.645
β

(19)

One aspect of concern in relation to structural codes is that all curves with exception for the
“Perfect’ plate: no rs’ curve, are well below the Faulkner and IACS formulation. This may be result of
boundary conditions of the tests that are the database for such formulations, inducing fixed conditions
or some degree of rotational restraining.

4.2. Dependency of Structural Tangent Modulus from Initial Conditions

The comparison of initial stage of LSC for different initial imperfections with the same slenderness
leads to the conclusion that plates present different structural tangent modulus in elastic range, where
structural tangent modulus is the slope of the LSC, δσ/δε. This means that the plate suffers a loose of
effectiveness in early stages of loading due to out-of-plane of initial imperfections. With the increase
in the compressive loading, the out-of-plane geometry of plate increases, generating additional loss
in effectiveness. The effectiveness depends not only on the level of imperfections but also on the
slenderness of the plate. Figure 15 plots the normalized tangent modulus of the plate for different
thicknesses, t = 15 mm at left and t = 8 mm at right, for different amplitudes of initial imperfections
and residual stresses.

  

Figure 15. Variation of tangent modulus for intermediate (left) and very slender plates (right).

The reduction in effectiveness at early stage of load is larger in slenderer plates and increases
with wi in both cases, as seen by comparison of yellow and red curves in both graphics. The presence
of residual stresses represents a further reduction on initial effectiveness measured as Et/E. The total
reduction can be very high, representing a great softening of the structural element in elastic range.

This aspect requires further investigation in future research because it may have consequences on
the response of 3-D structures, like the hull girder, under longitudinal bending.
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4.3. Effect of Residual Stresses in the LSC’s

The results obtained for imperfect plates with residual stresses confirms the hypotheses adopted
by Gordo and Guedes Soares [4] to generate predictive LSC’s for unstiffened and stiffened plates,
φpl(ε). In such work, LSC are obtained by the product of the effective width of the plate without
residual stresses at each level of loading, φe f (ε), and a modified material behavior that includes the
effect of the tensile strips in HAZ, φmat+rs(ε), reading as:

φpl(ε) = φe f (ε)·φmat+rs(ε) (20)

Figure 16 shows φmat+rs(ε) for compression and tensile loading. This response is very well
reproduced by the stocky plates presented in this study, Figure 6, where the effectiveness φe f (ε) is close
to 1. In all other groups of plates, the behavior reproduced by the red dot line is present, but curves in
the range of strain affected by residual stresses are not totally straight due to the reduction on φe f (ε).

 

Figure 16. Average stress-strain curve for an unstiffened plate with and without residual stresses.

Furthermore, φe f (ε) proposed in [4] was based on Faulkner’s formulation. For the prediction of
LSC of unstiffened plates with average imperfections in critical mode and constrained edges, curves
from Figure 14 should be used, in particular the curve ‘Equation (9): no rs’ representative of plates
with average imperfections and no residual stresses.

5. Conclusions

A methodology to evaluate the performance of welded structural element was presented and
shows to be efficient and reliable in the study of unstiffened plate elements under compression.

The parameters used in this study, slenderness, residual stresses, mode and amplitude initial
imperfections, prove to be of high importance in the prediction of the ultimate strength but also in the
response prior to collapse. The variation in ultimate strength of plates due to the change of magnitude
of one parameter alone may reach high values.

Residual stresses affect the pre-collapse behavior of the plates very much, but the ultimate strength
tends to be the same, keeping other parameters constant. The corresponding ultimate strain is much
higher than in the case of residual stresses free plate, which means that one has a softer response with
increase in residual stresses level.

Both residual stresses and initial imperfections affect the initial slope of LSC, structural tangent
modulus, and this may affect the performance of 3-D structures, so it should be considered in the future.

Future application of this methodology involves the study of the structural behavior of welded
stiffened plates and 3-D structures, considering different loading conditions.

165



J. Mar. Sci. Eng. 2020, 8, 702

Funding: This research received no external funding.

Conflicts of Interest: The author declares no conflict of interest.

References

1. Gordo, J.; Guedes Soares, C.; Faulkner, D. Approximate assessment of the ultimate longitudinal strength of
the hull girder. J. Ship Res. 1996, 40, 60–69.

2. Yao, T.; Nikolov, P. Progressive Collapse Analysis of a Ship’s Hull under Longitudinal Bending. J. Soc. Nav.
Archit. Jpn. 1991, 449–461. [CrossRef]

3. IACS UR S-Strength of Ships. Available online: http://www.iacs.org.uk/publications/unified-requirements/
ur-s/ (accessed on 1 May 2020).

4. Gordo, J.; Soares, G. Approximate load shortening curves for stiffened plates under uniaxial compression.
Integr. Offshore Struct. 5 1993, 189–211.

5. Okada, T.; Caprace, J.D.; Estefen, S.F.; Han, Y.; Josefson, L.; Kvasnytskyy, V.F.; Papazoglou, V.; Race, J.;
Roland, F.; Schipperen, I.; et al. Committee V.3-Materials and Fabrication Technology. In Proceedings of
the 17th International Ship and Offshore Structures Congress, Seoul, Korea, 16–21 August 2009; Volume 2,
pp. 137–200.

6. Leggatt, R.H. Residual stress in welded structures. Int. J. Press. Vessel. Pip. 2008, 85, 144–151. [CrossRef]
7. Lindgren, L.-E. Finite element simulation of welding Part 3: Efficiency and integration. J. Therm. Stress. 2001,

24, 305–334. [CrossRef]
8. Runesson, K.; Skyttebol, A.; Lindgren, L.-E. Nonlinear finite element analysis and applications to welded

structures. In Comprehensive Structural Integrity; Elsevier: Oxford, UK, 2003; Volume 3, pp. 255–320.
9. Dong, P. Residual stresses and distortions in welded structures: A perspective for engineering applications.

Sci. Technol. Weld. Join. 2005, 10, 389–398. [CrossRef]
10. Gordo, J.M.; Guedes Soares, C. Experimental evaluation of the ultimate bending moment of a box girder.

Mar. Syst. Ocean Technol. 2004, 1, 33–46. [CrossRef]
11. Gordo, J. Residual stresses relaxation of welded structures under alternate loading. In Developments in

Maritime Transportation and Exploitation of Sea Resources; Taylor & Francis: London, UK, 2013; pp. 321–328.
12. Tekgoz, M.; Garbatov, Y.; Soares, C. Finite element modelling of the ultimate strength of stiffened plates

with residual stresses. In Analysis and Design of Marine Structures; Romanoff, J., Ed.; CRC Press: Leiden,
The Netherlands, 2013; pp. 309–317. ISBN 978-1-138-00045-2.

13. Launert, B.; Li, Z.; Pasternak, H. Development of a new method for the direct numerical consideration of
welding effects in the component design of welded plate girders. In Proceedings of the 7th International
Conference on Structural Engineering, Mechanics and Computation (SEMC 2019), Cape Town, South Africa,
2–4 September 2019.

14. Gordo, J.M.; Teixeira, G. A simplified method to simulate residual stresses in plates. In Proceedings of the
Martech2020; Lisbon, Portugal, 16–19 November 2020.

15. Yi, M.S.; Hyun, C.M.; Paik, J.K. An empirical formulation for predicting welding-induced biaxial compressive
residual stresses on steel stiffened plate structures and its application to thermal plate buckling prevention.
Ships Offshore Struct. 2019, 14, 18–33. [CrossRef]

16. Chen, B.-Q.; Hashemzadeh, M. Numerical analysis of the effects of weld parameters on distortions and residual
stresses in butt welded steel plates. In Developments in Maritime Transportation and Exploitation of Sea Resources;
Soares, C., Peña, F., Eds.; CRC Press: Leiden, The Netherlands, 2013; pp. 309–320. ISBN 978-1-138-00124-4.

17. Pasternak, H.; Launert, B.; Kannengießer, T.; Rhode, M. Advanced Residual Stress Assessment of Plate
Girders Through Welding Simulation. Procedia Eng. 2017, 172, 23–30. [CrossRef]

18. Hashemzadeh, M.; Garbatov, Y.; Guedes Soares, C. Numerical stress-strain analysis of butt-welded plates
during the welding process. In Developments in the Collision and Grounding of Ships and Offshore Structures;
Guedes Soares, C., Ed.; CRC Press: Leiden, The Netherlands, 2019; pp. 157–162. ISBN 978-1-00-300242-0.

19. ANSYS 2019R3; Ansys, Inc.: Canonsburg, PA, USA, 2019.
20. Faulkner, D. A Review of Effective Plating for use in the Analysis of Stiffened Plating in Bending and

Compression. J. Ship Res. 1975, 19, 1–17.
21. Frankland, J.M. The Strength of Ship Plating under Edge Compression; US EMM Report: Washington, DC,

USA, 1940.

166



J. Mar. Sci. Eng. 2020, 8, 702

22. Zhang, S. A review and study on ultimate strength of steel plates and stiffened panels in axial compression.
Ships Offshore Struct. 2015, 11, 1–11. [CrossRef]

23. Guedes Soares, C. Design equation for the compressive strength of unstiffened plate elements with initial
imperfections. J. Constr. Steel Res. 1988, 9, 287–310. [CrossRef]

24. Bonello, M.A.; Chryssanthopoulos, M.K.; Dowling, P.J. Probabilistic strength modelling of unstiffened plates
under axial compression. In Proceedings of the 10th International Conference on Offshore Mechanics and
Arctic Engineering (OMAE), ASME, Stavanger, Norway, 23–28 June 1991; Volume 2, pp. 255–264.

25. Carlsen, C.A.; Czujko, J. The specification of tolerances for post welding distortion of stiffened plates in
compression. Struct. Eng. 1978, 56, 133–141.

26. Antoniou, A.C. On the maximum deflection of plating in newly built ships. J. Ship Res. 1980, 24, 31–39.
27. Antoniou, A.C.; Lavidas, M.; Karvounis, G. On the shape of post-welding deformations of plate panels in

newly built ships. J. Ship Res. 1984, 28, 1–10.
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Abstract: In this article, a layered shell element-based, elastic finite element method for predicting
welding distortion in multi-pass welding is developed. The welding distortion generated in each
pass can be predicted by employing layer-by-layer equivalent plastic strains as thermal expansion
coefficients and using the heat-affected zone (HAZ) width as the mesh size. The final distortion
can be expressed as the sum of the distortions for each pass. This study focuses on extraction of
the equivalent plastic strain and HAZ width through 3D thermal elastic plastic analysis (TEPA) for
each pass. The input variables extracted from each pass can be converted and added to simulate the
final distortion of the multi-pass welding. A 10 mm thick, multi-pass butt-welded joint, subjected to
three passes, is simulated via the proposed method. The predicted welding distortion is compared
with the 3D TEPA results and the measured experimental data. The outcome indicates that good
agreement can be obtained.

Keywords: welding distortion; inherent strain; multi-pass welding deformation prediction

1. Introduction

Welding distortion inevitably occurs in welded structures. Uneven temperature distri-
bution occurs due to welding, resulting in residual stress and permanent deformation [1,2].
This causes problems such as a decrease in dimensional accuracy and a decrease in produc-
tivity. If welding deformation can be predicted through computer simulation, production
plans, such as structural changes to reduce welding distortion, can be established [3]. The
biggest problem in implementing welding distortion analysis by computer simulation is
the fact that welding is a very complex multi-physics phenomenon [4]. Actual welding
is a multi-physical phenomenon in which thermal, mechanical, and metallurgical effects
occur, and so, the more accurately reflected these are, the longer the calculation time takes
exponentially [5–9]. Since the analysis time takes several hours for unit specimens with
a welding length of several hundred millimeters, it is practically impossible to apply 3D
TEPA to a welded structure with a length of several tens of meters [1].

Therefore, since the 1980s, to overcome this problem of high calculation cost, simplified
methods involving reduced computation time, based on inherent strain theory, have been
developed [10,11]. Inherent strain refers to the permanent deformation generated in the
heat-affected zone (HAZ) [12]. The inherent strain value can be determined by adding
the inelastic strain values in the HAZ by using numerical analysis, such as 3D TEPA, and
experimental validation [13]. The estimated inherent strain value can be assigned as an
elastic load, such as an equivalent nodal load or equivalent thermal strain load to a finite
element (FE) model [14]. With regards to the practical application of welding analysis
to large welded structures, welding distortion analysis methods based on equivalent
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thermal strain and shell elements have been proposed [15,16]. In particular, the method
developed by Ha [16], which is known as the “strain as direct boundary (SDB) method,”
uses the virtual thermal expansion coefficient and virtual temperature distribution in an
elastic FEM-based shell model to simulate the plastic deformation that occurs in the HAZ.
Unlike conventional shell element-based welding distortion analysis techniques, such as
the equivalent load method [17], the SDB method uses scalar input variables for reduced
modeling time. Chung et al. [18] also developed a layered shell-based welding distortion
analysis method, which can estimate the welding distortion of both the plate and stiffener
in fillet welds; this cannot be predicted using the conventional SDB method. Welding
distortion analysis methods, based on thermal strain and shell elements, can be effectively
used for welding distortion analysis of large welding structures because they use both
scalar input variables, to reduce the modeling time, and shell model-based FEM, which
can also reduce the computation time effectively. However, most previous research has
focused on single-pass welding only. As multi-pass welding is widely used to join thick
plates, welding distortion analysis methods based on thermal strain and shell elements
should be extended to include multi-pass welding.

In this paper, by exploiting the advantage of the layered shell element-based method,
which can provide different thermal strain values per layer, we propose a layered shell
element-based elastic FEM for predicting welding distortion in multi-pass welding. We focus
on extracting the equivalent strain and HAZ width through 3D TEPA, along with its appli-
cation to layered, shell element-based elastic FEM. A 10 mm thick, multi-pass butt-welded
joint, subjected to three passes, is simulated using the proposed method and the predicted
welding distortion is then compared with that obtained from a conventional method and
experimentally measured data.

2. SDB Method

The core principle of the SDB method is that the inherent strain can be used as the
equivalent thermal strain. In commercial FEM codes, the thermal expansion coefficient
can be used as a tool to simulate thermal strain when the temperature variances at specific
nodes are given. In the welding distortion analysis method developed by Ha [16], artificial
top and bottom temperatures at the nodes, the mesh size at the welding region, and
the thermal expansion coefficient are taken as input parameters. The shrinkage can be
estimated from the average value obtained from the artificial top and bottom temperatures,
whereas the angular deformation can be estimated from the mean difference between the
artificial top and bottom temperatures. The model mesh size is equivalent to the maximum
width of the inherent strain region [18]. This methodology is based on an experimental
case study in which the inherent strain, which was used as the thermal coefficient value,
was measured. The artificial temperature values were estimated by analyzing the HAZ
shape by conducting 3D TEPA and experimental validation. For more detailed explanations,
please refer to Ha [16] and Chung et al. [18].

For multi-pass welding analysis, Ha and Yang [19] extended the conventional SDB
method. In the case of multi-pass welding, when the welding of a specific pass is performed,
the welding deformation is determined by the thickness up to the stage accumulated in
the weld. However, in shell element-based FEM, the bending stiffness (which affects the
degree of deformation) is determined by the thickness of the adjacent plate, which is similar
to the final thickness following welding completion. Thus, shell element-based welding
distortion analysis is performed for a state with considerably higher stiffness than the actual
condition encountered in multi-pass welding. Considering these issues, Ha and Yang [19]
idealized the problem by employing the following major assumptions:

A. Each pass has the same cross-sectional area;
B. All passes are stacked in the layer direction;
C. The area of the HAZ generated by each pass is ignored, but the bead reinforcement

is considered;
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D. The deformation due to the internal residual stress caused by the temperature differ-
ences between passes is neglected.

By applying this method, it is possible to implement shell element-based welding
distortion analysis in the case of multi-pass welds of the same joint shape, in which the
deformation increases with the number of passes. According to a case study by Ha and
Yang [19], the proposed method can qualitatively predict that the total amount of angular
distortion increases as the number of passes increases, but actual experimental values show
an error of 40–50%. This suggests that a limit exists when the idealized assumptions are
actually applied, with the main problem being the difficulty in specifying the inherent
strain value, which is equal to the thermal expansion coefficient in the SDB method.
As the welding passes accumulate, the residual stress and inherent strain values are also
influenced by each pass. Ultimately, the inherent strain value generated in each pass is
different. Furthermore, it cannot be confidently assumed that the obtained value represents
the entire inherent strain region. For a more detailed explanation of this problem, please
refer to Ha and Yang [19].

3. Proposed Method

3.1. Layered Shell Element-Based Welding Distortion Analysis Method

Chung et al. [18] introduced a novel approach using layered shell element-based
FEM. The main contribution of this method is that composite shell elements can be used
for the different thermal expansion coefficients along the joint thickness in fillet welding;
hence, it is possible to represent the deformations of both members simultaneously, which
cannot be achieved using the conventional SDB method. In the shell element model,
the intersecting region at which the base plate and fillet member are attached share the
same node; thus, the temperature degree of freedom is shared at the intersection nodes.
However, in the composite shell element-based method, different thermal coefficients
are employed for each layer representing the inherent region; thus, the HAZ area can be
separately modeled for both members, and it is possible to represent the distortions of both
members simultaneously.

Reviewing Section 2, it is apparent that the conventional SDB method for multi-pass
welding involves major assumptions that may not apply to actual welding conditions,
possibly generating prediction errors. Note that assumptions (C) and (D) are critical and
may decrease prediction accuracy. First, in the case of V-groove multi-pass butt welding,
for which the number of passes is relatively small, it is common to fill in the lateral, rather
than layer, direction. This corresponds to adherence to the conventional third assumption,
which generates greater angular distortion than the actual state. Second, based on a
literature survey [20,21], the temperature difference between passes has a significant effect
on the final weld deformation. Thus, following the conventional multi-pass SDB method,
it is possible to predict the qualitative results regarding the increase in deformation with
an increased number of passes; however, it is difficult to accurately predict the angular
distortion. Moreover, in the case of multi-pass welding, it is difficult to specify the inherent
strain value (representing the final deformation) based on an experiment. As a substitute
method, multi-pass welding analysis can be performed through numerical analysis. Then,
the inherent strain value for each layer can be calculated in each pass and directly applied
to layered shell element-based welding distortion analysis. As noted above, a previous
study on fillet welding [18] focused on modeling the HAZ shapes of both members to
simulate their distortions simultaneously. However, in this study, we focus on extraction of
the layer-by-layer inherent strain values according to the 3D TEPA results for each pass
of the multi-pass welding simulations, followed by accumulation of these distortions to
predict the final distortion.

3.2. Proposed Analysis Procedure Based on 3D TEPA Results

As discussed in the previous sections, in order to perform the layered shell element-
based welding distortion analysis, definition of the input variables, i.e., the thermal coef-
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ficients and mesh size, is required. The thermal coefficients for each layer correspond to
the equivalent plastic strain, and the mesh size in the welding region is identical to the
equivalent HAZ width. The welding deformation is determined by the thickness up to the
stage accumulated in the weld; thus, the element birth and death technique [22] is used for
both heat transfer analysis and elasto-plastic mechanical analysis. In the pre-processing
stage for the 3D TEPA, the weldment for each pass is modeled following the bead shape and
excluding the reinforcement. For the heat transfer analysis, a double ellipsoidal heat source
model [23] is used and the heat source parameters are calibrated through comparison with
the experimentally measured temperatures. The elasto-plastic analysis is performed next.
The heat transfer analysis results, i.e., the time-temperature distribution data, are used
for the elasto-plastic analysis. Following each welding pass, the equivalent plastic strains
at the HAZ area are extracted. In conventional composite shell element-based welding
analysis, the HAZ shape is depicted in order to extract the inherent strain value. In this
study, however, we use the element plastic strain value obtained from the elasto-plastic
analysis directly when obtaining the equivalent strain value in the HAZ area.

The assumptions employed in the proposed method are as follows:

A. The deformation occurring in each pass is caused by the inherent strain region occur-
ring below the minimum equivalent thickness accumulated in each pass;

B. Only the plastic strain in the inherent strain region in the transverse direction
is considered;

C. Reinforcement is neglected;
D. In the 3D TEPA analysis, the strain of each pass is calculated after cooling for each

pass is complete.

The shrinkage generated by the inherent strain distributed in the elements can be
replaced by the inherent deformation introduced as the discontinuity of the nodal displace-
ments [24]. As the angular distortion is generated by the transverse shrinkage difference
in the thickness direction, we consider an inherent strain region containing nine elements
with three layers (Figure 1). Furthermore, we assume that each element has a unique
transverse-direction plastic strain following the 3D TEPA. The final deformation of each
layer in the inherent strain zone can be presented as the sum of the product of the element
size (transverse direction) and the plastic strain, such that:

δx1 = a1ε∗x1,1
+ a2ε∗x2,1

+ a3ε∗x3,1
,

δx2 = a1ε∗x1,2
+ a2ε∗x2,2

+ a3ε∗x3,2
,

δx3 = a1ε∗x1,3
+ a2ε∗x2,3

+ a3ε∗x3,3
,

(1)

where

δxi = displacement o f ith layer in inherent strain region,
ε∗xi,j = plastic strain (x direction) o f ith element o f jth layer in inherent strain region,
ai = equivalent size (transverse direction) o f ith element in each layer.

 

Figure 1. Inherent strain concept and inherent deformation due to element plastic strain.
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The 3D elasto-plastic result can be used to determine the transverse-direction displace-
ment according to the thickness in the inherent strain region. It is possible to use this result
directly in the composite shell analysis. The thermal coefficients for each layer, which are
used as input variables in the composite shell method, are obtained as follows [18]:

αi,1 =

n
∑

k=1
ε∗k,i,1,1·bk,i,1

B1
,

αi,j(j ≥ 2) =

n
∑

k=1
(ε∗k,i,j,j−ε∗k,i,j,j−1)·bk,i,1

Bj
,

(2)

where

αi,j = thermal expansion o f ith layer o f jth pass,
ε∗k,i,j,l = platic strain (transverse direction) o f kth element o f ith layer within
jth pass′s HAZ width a f ter lth pass welding,
bk,i,j = equivalent length (transverse direction) o f kth element o f ith layer within
jth pass′s HAZ width,
Bj = equivalent HAZ width o f jth pass.

One additional step added in the approach proposed in this paper is the subtraction
of the amount of plastic strain generated in the previous pass for the elements of the
overlapping inherent strain region; this additional step is performed for each pass. In this
manner, the input variables for the welding deformation induced in each pass can be
obtained separately, and the effect of the residual stress generated in each pass can be
reflected. The overall procedure for extracting the equivalent plastic strain and equivalent
HAZ width for each pass is summarized in Figure 2.

Figure 2. General procedure for extracting input variables in proposed method.

The next step is converting input variables generated by each pass. The process for
obtaining the required thermal expansion coefficient values and the HAZ widths through
3D TEPA is described above. These values are used as factors of the equivalent load to
simulate the welding deformation. The final deformation is determined from the sum of
the equivalent loads, which cause deformation in each pass. According to the FEM theory
for layered shell elements, the stress resultants can be obtained by integrating the stress
components per layer in the thickness direction, such that:

Nx =
∫ t/2
−t/2 σxdz = t

2

n
∑

i=1
σi

xΔζ i,

Mx =
∫ t/2
−t/2 σxzdz = t2

4

n
∑

i=1
σi

xζ iΔζ i,
(3)
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where
Nx = normal f orce (x direction) resultants,
z = coordinates in the thickness direction f rom the neutral axis,
σx = normal stress (x direction) resultants,
ζ i = location o f the ith layer in the natural coordinate system,
Δζ i = increment o f the ith layer in the natural coordinate system.

Figure 3 shows the layered shell model and stress distribution diagram conforming to
Equation (3). Temperature 1 is assigned to the node corresponding to the weld zone and
the stress resultant is obtained using the different thermal expansion coefficient of each
layer. The equivalent load, which is calculated from the HAZ size obtained from each pass
and the thermal expansion coefficient of each layer, can be calculated from:

Nx,j =
BjEtj

2

n
∑

i=1
αiΔζ i,

Mx,j =
BjEtj

2

4

n
∑

i=1
αiζ iΔζ i,

(4)

where
Nx,j = normal f orce (x direction) resultants o f jth pass,
Mx,j = bending moment (x direction) resultants o f jth pass,
αi = thermal expansion coe f f icient in the ith layer,
Bj = equivalent HAZ width o f jth pass,
tj = equivalent thickness o f jth pass.

Figure 3. Layered shell model and stress distribution diagram.

The final deformation is obtained from the sum of the equivalent loads of each pass.
To simulate the final deformation using composite shell-based welding analysis, it must be
possible to simulate the sum of these equivalent loads by adjusting the thermal expansion
coefficients of each layer. This can be achieved by introducing a virtual thermal expansion
coefficient value and a virtual shrinkage force. The first step is to convert the equivalent
load calculated, based on the equivalent thickness of each pass, to the final thickness
standard. As the bending stiffness of a plate is proportional to the third power of the
thickness, the calculated equivalent bending moment should be proportional to the third
power of the value obtained by dividing the final thickness by the equivalent thickness of
each pass. Further, the shrinkage force should be proportional to the value obtained by
dividing the final thickness by the equivalent thickness of each pass. The final equivalent
load can be expressed as:

Mx, f inal =
n
∑

j=1

(
t
tj

)3
Mx,j,

Nx, f inal =
n
∑

j=1

(
t
tj

)
Nx,j,

(5)
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where
Nx, f inal = f inal normal f orce (x direction) resultants,
Mx, f inal = f inal bending moment (x direction) resultants,
t = f inal thickness.

The next step is to adjust the thermal expansion coefficient to produce the equivalent
bending moment and equivalent shrinkage force. The entire process is outlined in Figure 4.

i v i nα ε= −

vε v vε α+

vα
i v vi nα ε α= − +

Figure 4. Procedure for adjusting input variables by introducing virtual thermal expansion coefficient value ((ε*)v) and
virtual shrinkage force value ((α*)v).

First, the equivalent bending moment value is adjusted by calibrating the virtual
thermal expansion coefficient value ((ε*)v). Next, by adding the same virtual shrinkage
force value ((α*)v) to the entire layer, it is possible to adjust the equivalent shrinkage force.
The equivalent bending moment value is first adjusted, considering the fact that adding
the same coefficient of thermal expansion to the entire layer does not affect the calculation
of the previously calculated moment value. Using the input variables, composite shell
element-based welding distortion analysis can be performed.

4. Verification Using Experimental Models

4.1. Experimental Procedure

For validation purposes, multi-pass welding of a butt-joint was conducted. The
objective of this experiment was to measure the distortion of the welding specimen and
compare the results with the predictions given by the proposed method. For the detailed
experiment methods please refer to Perrera [25]. A plate comprised of structural steel SS400
10 mm thick was used for the experiment. The width and length of the plate were 300 and
500 mm, respectively. Figure 5 shows the plate dimensions for the butt-joint.

Figure 5. Plate dimensions for butt-joint (mm unit).

Three passes were performed. The welding sequence and bead dimensions for the
butt-joint are shown in Figure 6. The welding was performed with a programmable
machine and at a constant welding speed.
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Figure 6. Welding sequence and bead dimensions for butt-joint (mm unit).

Table 1 lists the welding conditions. A pulsed-gas metal arc welding (P-GMAW)
machine was used for welding. A DW-300 OTC Daihan digital inverter (OTC Daihen
Inc., Tipp City, OH, USA) [26] was used as the power source. Filler wire was 1.2 mm
diameter ER70S-6 mild steel and the wire feeding speed was 6 mm/min. The torch was
held perpendicular to the workpiece and the distance from the contact tip to the workpiece
was kept at 25 mm with an average extension of 18 mm. The gas flow rate was set to
20 L/min using a composition of Ar and 20% CO2. Figure 7 shows the specimen and
equipment for the butt-joint welding.

Table 1. Welding conditions for multi-pass butt-joint.

Pass Number Current (A) Voltage (V)
Traveling Speed
(mm/s)

Interpass
Temperature (◦C)

1 220 25.2 8.3 300–350
2 240 27.2 9.0 300–350
3 240 27.2 9.0 300–350

Figure 7. Specimen and equipment for butt-joint welding.

4.2. Numerical Analysis: 3D TEPA

Sequentially coupled 3D TEPA was implemented using Abaqus 6.12 in order to an-
alyze the thermal history of the specimen as well as its welding distortion. The element
birth and death technique [19] was used for both heat transfer analysis and elasto-plastic
mechanical analysis. First, heat transfer analysis was implemented to obtain the tempera-
ture history using a 3D eight-node solid element (DC3D8). The welding heat source was
modeled as a double ellipsoidal heat source [20].
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The heat intensity distribution of the front and rear half ellipsoids can be expressed as:

q1(x, y, z) = 6
√

3( f1Q)
abc1π

√
π

exp(− 3x2

a2 − 3y2

b2 − 3z2

c1
2 )[W/m3],

q2(x, y, z) = 6
√

3( f2Q)
abc2π

√
π

exp(− 3x2

a2 − 3y2

b2 − 3z2

c2
2 )[W/m3],

(6)

where a, b, c1, and c2 are the heat flow distribution parameters, f 1 and f 2 represent the heat
input fractions for the front and rear ellipsoids, respectively, and Q is the effective heat input.
Here, Q = ηVI, where η, V, and I represent the efficiency, voltage, and current, respectively.
Note that η is usually determined empirically. In this study, the heat source parameters
were calibrated using experimental results (Table 2). Considering the characteristics of
the multi-pass welding procedure, the center of the moving heat source was modified for
each pass (Figure 8). The mechanical analysis was performed by importing the transient
temperature as a thermal load, with the C3D8R element being applied. The solid mesh
system and boundary conditions for the butt-joint are presented in Figure 9.

Table 2. Heat source parameters.

1st Pass 2nd Pass 3rd Pass

a (mm) 2.2 3.5 3.5
b (mm) 6.0 5.5 2.5
c1 (mm) 5 5 5
c2 (mm) 10 10 10
f 1 0.2 0.2 0.2
f 2 1.8 1.8 1.8

 

Figure 8. Heat source center modification for each pass (mm unit).

Figure 9. Solid mesh system and boundary conditions for butt-joint model mechanical analysis.

The arc efficiency was assumed to be 0.85. The heat losses due to radiation and
convection were considered together using the constant film coefficient. The latent heat
was assumed to be 273,790 W, with the solidus and liquidus temperatures being taken as
1427 ◦C and 1482 ◦C, respectively. The emissivity coefficient was taken to be 0.32. The other
thermal and mechanical properties [18] used in this analysis are presented in Figure 10.
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Figure 10. Temperature-dependent material properties.

5. Results and Discussion

5.1. Heat Transfer Analysis Results

The thermal analysis was validated by comparing the simulated cross-sectional profile
of each weld pass with the experimental results. In addition, the numerically predicted
HAZ was compared with the experimental data. The HAZ is an area of the base metal that
has not been melted by the high-temperature heating, but for which the chemical properties
are altered. The high temperature from the welding process and the subsequent re-cooling
causes these changes from the weld interface to the end of the sensitizing temperature
in the metal. To evaluate the width of the HAZ, the phase transformation temperature
Ac1 of SS400 was considered as the reference temperature. The isothermal contour of Ac1
temperature is 725 ◦C [12,15]. It was found that the simulated macro-section HAZ for
each weld pass agrees reasonably well with the experimentally obtained HAZ. Further, the
modeled sectional profile of the bead is in good agreement with the experimental profile.
Figure 11 shows a comparison between the simulated and experimental macro-sections
for butt-joint welding. These results establish confidence in the obtained thermal solution,
which is used as an input for the mechanical analysis.

 

Figure 11. Comparison of simulated weld profile HAZ with macro-section analysis of butt-joint.

5.2. 3D Elasto-Plastic Analysis and Thermal Expansion Values Extraction

By performing elasto-plastic analysis using the temperature distribution of the heat
transfer analysis, it is possible to extract the thermal expansion coefficient value for
each pass according to the layer in the HAZ region (Figure 12). Through application
of Equation (3), the extracted layer-by-layer thermal expansion coefficients are listed in
Table 3. Through application of Equation (4), the equivalent loads generated by the in-
herent strain in each pass are listed in Table 4. Through application of Equation (5), the
target moment and target force that generate the final distortion are obtained, as listed in
Table 5. The minus direction of the target shrinkage forces means the direction in which the
butt-joint shrinks is in the in-plane direction. The minus direction of the target moments
means the direction in which the angular distortion occurs is in the upward direction.
Next, by introducing (ε*)v and (α*)v, by following the procedure described in the Figure 4,
it is possible to extract the input variables that are used for the final distortion prediction
(Table 6).
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Figure 12. Equivalent HAZ width and equivalent thickness for each pass.

Table 3. Parameters of each pass for layered shell-element welding analysis method.

1st Pass 2nd Pass 3rd Pass

Equivalent thickness (mm) 6 7 10

Equivalent HAZ width (mm) 7.94 10.37 13.04

Thermal expansion in plate (◦C−1)

−0.0196
−0.0182
−0.0171
−0.0159
−0.0146
−0.0139

−0.0181
−0.0180
−0.0152
−0.0121
−0.0085
−0.0039
0.0010

−0.0258
−0.0239
−0.0208
−0.0187
−0.0154
−0.0127
−0.0098
−0.0065
−0.0003
−0.0007

Table 4. Equivalent load by pass.

1st Pass 2nd Pass 3rd Pass

Thickness (mm) 6 7 10

Moment (N·mm) −40,067 −191,525 −634,002

Force (N) −353,794 −154,962 −353,903

Table 5. Target equivalent loads for final distortion prediction.

Target Moment (N·mm) Target Force (N)

−1,377,878 −1,164,933
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Table 6. Converted input variables for final distortion prediction.

ε* −0.05218

α* 0.06018

Thickness (mm) 10

Equivalent HAZ width (mm) 16

Thermal expansion in plate (◦C−1)

−0.0129
−0.0181
−0.0233
−0.0286
−0.0338
−0.0390
−0.0442
−0.0494
−0.0546
−0.0599

5.3. Comparison of Various Methods

Here, the results from the various numerical and experimental analyses are presented
and compared. Figure 13 shows the deformation results from the experiment.

 

Figure 13. Experiment result of multi-pass butt-joint.

Figure 14 shows the deformation results from the proposed method. For comparison,
we also present the results of the multi-pass SDB method (Figure 15). Artificial temperature
values were calculated following the procedure of Ha and Yang [16]. The inherent strain
value used here was calculated from the equivalent plastic strain values of the elements in
the final HAZ region of the 3D TEPA result (Table 7).

 
Figure 14. Angular distortion: proposed method (mm unit).
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Figure 15. Angular distortion: multi-pass SDB method (mm unit).

Table 7. Input variables for multi-pass SDB method.

Equivalent HAZ Width Temperature Distribution Inherent Strain Value

16 mm Ttop = 1.51
Tbottom = −1.51 −0.0251

Finally, Figure 16 presents a comparison between the existing and proposed methods.
It is apparent that the proposed method for the modeling of butt-joint welding can describe
the angular deformation precisely. The proposed method is more effective than the existing
methods, as the result is closest to the experimental data.

Figure 16. Comparison of angular deformations yielded by each method with the experimental result.

5.4. Discussion

For the existing multi-pass SDB method, although the inherent strain value was
extracted from the same 3D TEPA and applied to the shell element-based method, the
multi-pass SDB method showed a relatively high difference when compared with the
experimental result. It is thought that the accuracy of the result could be improved
by supplementing the assumptions of the multi-pass SDB method (i.e., neglect of the
effect of the residual stress due to the interpass temperature difference and neglect of
the HAZ area for each pass). Nevertheless, the proposed method yielded a difference
of approximately 10% from the experiment result. However, this is a limitation of the
simplified method. The experiment result showed the difference in each deformation
degree depending on the longitudinal bending at each position. However, in the simplified
method proposed herein, constant angular distortion could be simulated because of the
employed assumptions. At present, only the plastic strain in the transverse direction was
considered; thus, the proposed method can be improved by considering a more accurate
inherent strain extraction method.
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6. Conclusions

In this paper, a layered shell element-based elastic FEM for predicting welding dis-
tortions in multi-pass welding was developed. The existing layered shell element-based
method depicts the HAZ region and extracts the layer-by-layer thermal strain values.
However, in the method proposed in this study, we extracted the layer-by-layer thermal
strain values using the element plastic strain values in the HAZ region. Through applica-
tion of this method, it was possible to consider the influence of the overlapping inherent
strain region between each pass. In addition, the influence of the bead shape could also
be considered sufficiently. For validation, a 10 mm thick, multi-pass butt-welded joint,
subjected to three passes, was simulated using the proposed method; the resultant welding
distortion predictions were compared with those given by 3D TEPA and the measured
experimental data. The results showed that good agreement can be achieved. Further,
compared with the existing method, considerable improvement in accuracy was noted.
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Abstract: In order to investigate the non-linear fatigue cumulative damage of joints in ocean structural
parts, one type of low carbon steel Q345D was employed to prepare designed T-type specimens,
and a series of fatigue experiments were carried out on the specimens under two-step repeating
variable amplitude loading condition. The chosen high cyclic loads were larger than the constant
amplitude fatigue limit (CAFL) and the chosen low cyclic loads were below the CAFL. Firstly, the
S-N curve of designed T-type specimen was obtained via different constant amplitude fatigue tests.
Then, a series of two-step repeating variable load were carried out on designed T-type specimens
with the aim of calculating the cumulative damage of specimen under the variable fatigue load.
The discussions about non-linear fatigue cumulative damage of designed T-type specimens and
the interaction effect between the high and low amplitude loadings on the fatigue life were carried
out, and some meaningful conclusions were obtained according to the series of fatigue tests. The
results show that fatigue cumulative damage of designed T-type specimens calculated based on
Miner’s rule ranges from 0.513 to 1.756. Under the same cycle ratio, the cumulative damage increases
with the increase of high cyclic stress, and at the same stress ratio, the cumulative damage increases
linearly with the increase of cycle ratio. Based on the non-linear damage evaluation method, it is
found that the load interaction effect between high and low stress loads exhibits different damage or
strengthening effects with the change of stress ratio and cycle ratio.

Keywords: variable amplitude loading; cyclic load below fatigue limit; low carbon steel; load
interaction; strengthening effect

1. Introduction

Fatigue failure is a common phenomenon in steel structures of the ships and ocean
assemblies, which are always subjected to cyclic loading during service [1,2]. Fatigue
failure always appears at the local region of mechanical parts or components. In most cases,
the cyclic loads applied on the structure of ship and ocean engineering are not constant but
variable. Prediction of the fatigue life of structures under variable cyclic loads accurately is
crucial for the engineers in the field of ocean and structural engineering, and that requires
comprehensive understanding the damage mechanism of structures under the different
types of variable fatigue load blocks.

Fatigue damage in metals is a process of irreversible accumulation, which is mani-
fested by progressive internal deterioration of material due to nucleation and growth of
micro-cracks, debonding, voids, and so on [3,4]. In general, fatigue failure contains three
stages: crack initiation, crack propagation and final catastrophic failure. The difference
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between high cycle fatigue and low cycle fatigue lies in the percentage of the total life spent
in each of three stages. As to the high cycle fatigue, much of the fatigue life is spent in
the crack initiation stage [4]. Crack initiation is a highly random event which is strongly
affected by the initial state of material properties and microstructural defects [5,6].

In order to predict the fatigue life of metallic components, it is necessary to find a
reasonable method to calculate the fatigue damage accumulation in variable amplitude
cyclic loads. For a long time, most of design engineers in industry always use Palmgren–
Miner law to estimate the fatigue lives of metallic components due to relatively accurate
and easy operation of this method. The Palmgren–Miner law is a linear damage rule (LDR).
The value of cumulative damage (D) can be calculated by the Equation (1):

D =
n

∑
i=1

ni
Ni

= ∑ ri (1)

where ni is the number of cycles at a given stress amplitude load, Ni is the cycles to failure
at the same stress amplitude load. Miner’s rule suggests that any structure with D < 1.0
during a fatigue test is safe.

The assumption in Miner’s rule is that the fatigue damage due to each of a particular
cyclic load in a fatigue test with variable amplitude (VA) loads is exactly the same as that
in the fatigue test with a constant amplitude (CA) load [7]. However, there are a large
number of previous works [8–14] indicating that VA load fatigue tests induce larger fatigue
damage than the calculated results by the Miner’s law, which leads to non-conservation of
Miner’s rule in actual VA load fatigue life predictions (i.e., fatigue failure when D < 1.0).
The main deficiencies of LDR are no consideration of the effect of load sequence, the effect
of the damage of low amplitude load below fatigue limit and the interaction effect between
the high and low amplitude loadings on the fatigue life [15]. All these factors that are
not considered may lead to the deviation of fatigue life prediction. Therefore, the fatigue
life predictions are unsafe in some cases [16]. Many researchers tried to modify the form
of Miner’s rule with the aim of predicting fatigue life precisely. Marco and Starkey [17]
proposed a non-linear load-dependent damage rule firstly as follows:

D = ∑ ri
xi (2)

where xi is a coefficient depending on the ith load. The main novelty of this rule is that the
effects of different loading sequences are taken into account in calculation. However, the
actual predicted result is usually unsatisfactory, and the experimental results showed that
the good agreement only occurred in some cases and some materials [18].

Another approach is making use of the concept of fatigue limit reduction to measure
the damage accumulation, when a multi-level load is applied and many rules based on the
S-N curve modification have been developed [19]. For all these theories, the original curve
is replaced by modified curves. Although these approaches are non-linear damage rules,
few of these approaches take into account the load interaction effect.

There are some different methods of treating variable cyclic loading spectra containing
the constant amplitude fatigue limit (CAFL) and calculating by the Miner’s law [20,21]. The
most widely used assumption is that the S-N curve extrapolated beyond the load cycles at
107 with a relatively flat slope [22–24], and the damage accumulation rule is still Miner’
rule. However, a large number of experiments [9,25–31] show that in fact the actual fatigue
damage is larger than in the assumption method. For example, it was reported [12] that
the use of a 2-slope S-N curve with the slope change at a stress range above 10.1 N/mm2

(corresponding to about 5.5 × 108 cycles) was potentially unsafe, particularly for loading
spectra containing a large number of small cyclic stresses. Moreover, this was especially
true for fatigue life of components under the tensile load.

In ship and ocean engineering, there are many joints in structural parts, such as the
intersection between longitudinal and transverse bulkhead [32–34] which is one of the
typical ship structures and is prone to fatigue failure during ship voyages. There are

186



J. Mar. Sci. Eng. 2021, 9, 107

many techniques to perform structural health monitoring to guarantee the structural parts’
safety during service. In the process of structural health monitoring, it is important to
accurately capture or predict the deformation of structures. The stresses and displacements
of the structural components in the ships can be calculated by different analytical theories
and finite element methods. The Carrera unified formulation (CUF)-based finite element
analysis (FEA) model has been validated to accurately simulate the deformation of complex
structures by laser-based experiments [35]. Nondestructive testing (NDT) are usually
employed to assess structural health and secure structure integrity. With the measurements
of laser tracker and terrestrial laser scanning, an optimized surface model can be established
as a high-accuracy NDT metrology tool [36]. To obtain accurate deformed state of a
given composite thin-walled structures, the geometric nonlinear effects of the composite
structures can be analyzed by the CUF-based FEA model [37]. Meanwhile, with the
consideration of geometrical nonlinear relations in beam and shell-like structures, the
deformed state of a given structure can be correctly captured by refined theories based on
the CUF [38]. Although the developed theoretical methods promote the structural health
monitoring of the structural parts, the fatigue experiments are still necessary to improve
the service life of structural parts.

There is a special type of ship called river-sea going ship, which repeats voyaging
between the inland river and coast sea along a special voyage line, and the loading envi-
ronment from which the ship suffers, is much like the two-step repeating load block [39].
When the ship voyages on the sea, the loading on the ship by the sea wave is different from
the river wave in the inland river. The loading on the ships can be variable whether the
ships voyage on the sea or the inland river. Usually, the high loading on the ship by the
sea wave is larger than that by the inland river. Here in the paper, the variable loading
on the river-sea going ship is approached by the model of two-step repeating variable
amplitude load with low-amplitude load below the fatigue limit. Therefore, a study on
fatigue characteristic of designed T-type specimen under the two-step repeating amplitude
loading block was carried out in this work. The loading block contained high cyclic load
and low cyclic load levels. The high cyclic load was above the CAFL and the fatigue life
produced by the high cyclic load lied in the high cycle fatigue range, and the low cyclic
load was below the CAFL. Firstly, tensile tests were conducted on the designed T-type
specimens to get the material mechanical properties. Then a series of fatigue experiments
with both the CA loading and the two-step repeating amplitude load block were conducted
on designed T-type specimens. Furthermore, as a comparison, Miner’s rule was used
to calculate the fatigue damage accumulation of designed T-type specimen, under every
two-step repeating cyclic load condition. Finally, the nonlinear damage parameter was
introduced to evaluate the load interaction effect and some conclusions were drawn.

2. Experimental Setup

All the fatigue experiments were carried out via an MTS 322 250 kN Dynamic Fatigue
Testing System at the Ship Structure Laboratory of Wuhan University of Technology
(Wuhan, China). Figure 1a shows the overall layout of the experiment. The MTS equipment
consists of a servo-hydraulic actuator (1) and controller (2). One end of the fatigue specimen
was fixed in the platform (3) and the other end was actuated via the servo-hydraulic actuator
(1). Figure 1b shows the clamping state of the specimen in fatigue tests. The fatigue test
specimen was installed between the grippers (4). All fatigue tests were conducted at room
temperature (20 ◦C).
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Figure 1. Load frame of the test (a), the installation of designed T-type specimen (b). A servo-hydraulic actuator (1), a
controller (2), the platform (3), grippers (4).

2.1. Material

The material used for the fatigue test was one type of low carbon steel, Q345D steel.
Its chemical compositions (in Wt%) were listed in Table 1. In order to obtain the mechanical
properties of Q345D steel, tensile tests were conducted on the standard specimen. Figure 2
shows the standard specimen of the tensile test. The tensile tests were conducted in
accordance with the published standard [40]. The test results of mechanical properties are
shown in Table 2.

Table 1. Chemical compositions of Q345D steel.

Q345D
Element C Mn Si S P Ni Cr Mo V Cu Fe

Wt.-% 0.15 1.39 0.28 0.003 0.015 0.01 0.05 0.007 0.004 0.04 Balance

 

Figure 2. The fractured specimen after the tensile test.
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Table 2. Mechanical properties of Q345D steel.

Ultimate tensile strength, σUTS [MPa] 539

Monotonic yield strength, σYS [MPa] 384
Young’s modulus, E [GPa] 206

Poisson’s coefficient, υ 0.26
elongation, δ [%] 30.5

2.2. Designed T-Type Specimen

Figure 3 shows the specimen and its dimensions employed in a fatigue test. The
thickness in the middle of uniform cross section was 8 mm. The specimen was prepared
with the method of wire-electrode cutting to guarantee its size precision. The specimen
had a bilateral symmetrical T-type step (labelled as “A” in Figure 3a) which caused highly
localized stress concentration. When the test specimen was subjected to cyclic loading,
failure occurred at the T-type step (“A” in Figure 3a).

 

Figure 3. (a) The specimen and its dimensions after a fatigue test; (b) the dimensions of the specimen before a fatigue test.

2.3. Strain Measurement

The strain gauges were placed along the step on the surface of uniform cross section
on both sides (shown in Figure 4) to measure the strain value variation and to monitor
the crack initiation [41]. The stress concentration factor (SCF) at the T-type step (“A” in
Figure 3a) was 1.9 according to the method proposed by Dong [42]. The value of the radius
at the crack starting zone was 0.4 mm.

 

Figure 4. The arrangement of strain gauge on the specimen.
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2.4. Fatigue Test

The test program involved both CA and VA loading tests on designed T-type spec-
imens. Figure 5 shows the fatigue experiment setup. Figure 5 is the Microscopy System
of KEYENCE which was used to observe the fatigue crack at the step (“A” in Figure 3a).
All the fatigue tests were conducted with a frequency of 20 Hz in the force control mode.
Loading of sinusoidal type was applied at room temperature. Fatigue tests stopped when
the cracks on a specimen were found. Figure 6a shows the fracture surface of designed
T-type specimen after fatigue failure. Figure 6b shows the crack initiation zone and the
path of crack propagation. As shown in Figure 6b, the crack always initiated at one side
of the specimen at the step (“A” in Figure 6b) and propagated in the Y direction on the
surface. The crack changed its propagation direction into the Z direction after the crack
reached one side of the cross section of the specimen. When the crack developed into a
certain depth of the specimen then final instantaneous fracture occurred. Compared with
the crack initiation life, the crack propagation life was very short. Therefore, the crack
initiation life can be regarded as the whole fatigue life of the specimen.

 

M 

Figure 5. Tensile tests setup-Microscopy System of KEYENCE(M).

Figure 6. The fracture surface of designed T- type specimen (a), the crack growth path (b).

2.4.1. Constant Amplitude Fatigue Tests

Thirteen different stress amplitudes were chosen as CA loading conditions. Three
repeated experiments were conducted for every stress amplitude condition. Table 3 shows
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the specific loading conditions. The stress ratio (R) of all loading conditions is 0.1. Ac-
cording to the recommendation of BS7608 [43], all the fatigue tests were stopped when the
cyclic number was larger than 107 if fatigue failure didn’t appear.

Table 3. Loading conditions of constant amplitude (CA) loading tests.

No. 1 2 3 4 5 6 7 8 9 10 11 12 13

σa 105 100 95 90 85 80 75 70 55 53 50 45 40
R 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1 0.1

2.4.2. Variable Amplitude Loading Tests

Two-step repeating amplitude fatigue load tests were carried out after CA loading
fatigue tests. Figure 7 shows an abridged general view which depicts the loading spectrum
of two-step repeating amplitude fatigue load. In the two-step repeating amplitude fatigue
load tests, the high cyclic stress and low cyclic stress levels σa1 and σa2 were set to values
above and below the CAFL, respectively. The stress ratio of each stress amplitude was
R = 0.1. n1 and n2 were the number of cycles of each stress levels σa1 and σa2 in a load block.
In the experiments, n1=20,000, and it is the same for all the experiments in this article. n2
was different for different loading cycle ratios. For example, when the loading cycle ratio
is 1:1, n2=20,000. When the loading cycle ratio is 1:2, n2=40,000. Before the failure, n1 and
n2 kept the same in each loading block for a certain loading cycle ratio. When the failure
occurred in the experiments, the failure might appear when the high or the low stress was
applied since it is cyclic loading. n1 was the instantaneous number at the failure moment
and recorded in the experiment, not 20,000 any longer, if the failure appeared with the high
stress applied. Correspondingly, n2 was the instantaneous number at the moment when
the failure was detected with the low stress applied, not the set number any longer.

 
Figure 7. The loading sequence of two-step repeating test.

3. Results and Discussion

3.1. Constant Amplitude Test Results

The fatigue lives of different CA conditions were obtained with averaging experimen-
tal data from three repeated fatigue tests. Table 4 shows the average experimental results
of every CA condition. Figure 8 shows the fitting S-N curve of experimental results. From
the experiment results, it can be seen that the experimental scatter is small and the linearity
agreement is good in the log—log scale.
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Table 4. CA loading tests of designed T-type specimens.

Specimen No. σa [MPa] R Average Cycles to Failure Three Repeated Fatigue Experiment Results

C1 105 0.1 273,187 267,358 270,591 281,612
C2 100 0.1 413,863 395,732 419,934 425,923
C3 95 0.1 706,895 575,216 719,683 825,786
C4 90 0.1 896,437 804,140 908,442 976,729
C5 85 0.1 925,700 1,035,762 898,867 842,471
C6 80 0.1 975,620 841,147 914,587 1,171,126
C7 75 0.1 1,156,460 1,400,569 1,075,784 993,027
C8 70 0.1 1,933,942 1,829,748 1,656,775 2,315,303
C9 55 0.1 107+ 107+ 107+ 107+
C10 53 0.1 107+ 107+ 107+ 107+
C11 50 0.1 107+ 107+ 107+ 107+
C12 45 0.1 107+ 107+ 107+ 107+
C13 40 0.1 107+ 107+ 107+ 107+

σ

Figure 8. Results of experimental data and fitting curve.

3.2. Variable Amplitude Fatigue Experiment Results

The loading conditions of designed T-type specimens under variable amplitude test
are mainly divided into two types, variable high cyclic stress (stress ratio) and high–low
load cycle ratio. Table 5 lists the loading conditions of the test. The load type was a two-step
repeating load block, and the low cyclic stress was 50 MPa which was below the CAFL
according to the CA fatigue experiment results. Table 6 shows the experimental results of
every load condition under a two-step repeating amplitude fatigue load block. The item
∑ ni stands for the cyclic number contributed by the corresponding cyclic stress amplitude
σai and the item ∑(n1 + n2) stands for the total fatigue life of designed T-type specimen
when fatigue failure occurs. The item Nf1 and Nf2 is the cyclic number of fatigue failure
under the cyclic stress of σa1 and σa2, respectively. Nf2 is constant and equals 16,000,000
corresponding to σa2 = 50 MPa, which is calculated by extrapolating the fitting S-N curve
in the log-log plot in Figure 8. σa1 is different in different stress ratio cases and Nf1 can
also be calculated by extrapolating the fitting S-N curve in the log-log plot in Figure 8. The
calculated values of Nf1 for different high stresses are also shown in Table 6.
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Table 5. Test loading conditions of the two-step repeating amplitude.

Stress (MPa)
σa1/σa2

Specimen No. under Different Load Block (n1/n2)

20,000/20,000
(1:1)

20,000/40,000
(1:2)

20,000/60,000
(1:3)

20,000/80,000
(1:4)

105/50 R1 R8 R13 R19
100/50 R2 R9 R14 R20
95/50 R3 R10 R15 R21
93/50 - - - R22

92.5/50 - - R16 R23
91/50 - - R17 -
90/50 R4 R11 R18 -

87.5/50 R5 R12 - -
85/50 R6 - - -
84/50 R7 - - -

Table 6. The test results of designed T-type specimens under two-step repeating amplitude loading sequence.

Specimen No.
First Step Second Step

∑n1 ∑n2 ∑(n1+n2)
Nf1 (Cycle) Nf2 (Cycle)

R1 293,018 16,000,000 147,790 145,000 292,790
R2 383,800 16,000,000 200,000 204,431 404,431
R3 509,075 16,000,000 310,000 315,434 625,434
R4 689,256 16,000,000 547,533 540,000 1,087,500
R5 804,793 16,000,000 695,000 702,573 1,397,573
R6 945,578 16,000,000 1,128,637 1,120,000 2,248,637
R7 1,007,230 16,000,000 1,544,489 1,530,000 3,174,489
R8 293,018 16,000,000 173,321 320,000 493,321
R9 383,800 16,000,000 245,315 480,000 725,315

R10 509,075 16,000,000 377,466 720,000 1,097,466
R11 689,256 16,000,000 640,000 1,276,359 1,916,359
R12 804,793 16,000,000 1,126,710 2,240,000 3,366,710
R13 293,018 16,000,000 167,548 480,000 657,548
R14 383,800 16,000,000 260,000 723,971 983,971
R15 509,075 16,000,000 400,000 1,109,637 1,509,637
R16 591,961 16,000,000 580,000 1,743,492 2,323,492
R17 647,055 16,000,000 780,000 2,326,483 3,106,483
R18 689,256 16,000,000 1,031,126 3,060,000 4,091,126
R19 293,018 16,000,000 180,000 677,563 837,563
R20 383,800 16,000,000 260,000 1,042,741 1,302,741
R21 509,075 16,000,000 460,000 1,811,567 2,271,567
R22 573,166 16,000,000 680,000 2,705,437 3,385,437
R23 591,961 16,000,000 906,292 3,600,000 4,506,292

4. Damage Accumulation of Variable Fatigue Experiment Analysis

The VA experimental results were analyzed in terms of Miner’s rule to check its
validity and to examine the effect of stress below the CAFL under the two-step repeating
load block. The calculation method is as follows:

D =
∑ n1

Nf 1
+

∑ n2

Nf 2
(3)

Figure 9 shows the damage accumulation results of designed T-type specimens under
the two-step repeating load block by the Miner’s rule. Figure 9 shows the damage accu-
mulation value of every condition with a bar graph, and the different colors represent the
fatigue damage contributed by each cyclic stress.
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Figure 9. Damage accumulation of every condition.

It can be seen that the fatigue damage caused by low cyclic stress below the CAFL is
relatively smaller than that caused by high cyclic stress above the fatigue limit. In order
to better compare the fatigue damage evolution law of designed T-type specimens under
two-step repeating VA loads, the results of the above-mentioned conditions are sorted out,
and the variation law of cumulative damage with the high stress under different load cycle
ratios is obtained.

As can be seen from Figure 10, the fatigue cumulative damage of designed T-type
specimen shows the same change rule under different load cycle ratios. With the increase
of high cyclic stress, the cumulative damage value decreases, and the rate slows down
gradually. By comparing the cumulative damage of different load cycle ratios under the
same high stress, it can be indicated that the greater the cycle ratio, the greater the fatigue
cumulative damage of designed T-type specimens. Besides, the rule of fatigue cumulative
damage varying with the cycle ratio under different high stresses is obtained. k1, k2, k3
and k4 represent the linear slope of fatigue cumulative damage with the cycle ratio under
high-low stress of 105/50, 100/50, 95/50 and 90/50 MPa, respectively.

Figure 10. Fatigue cumulative damage of designed T-type specimens under different cycle ratios.
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Under different high-low stress ratios, the fatigue cumulative damage calculated with
the change of the cycle ratio based on Miner rule changes linearly, and the slope k of
the curve is different. By fitting the relationship between the high stresses in different
loading blocks and the slopes k of these curves in Figure 11, as shown in Figure 12, it can be
found that the double logarithmic curve satisfies the data linearly. Finally, the logarithmic
relationship between the high stress and the slope k of fatigue cumulative damage varying
with the cycle ratio is obtained.

k

k

k

D

n n

k

Figure 11. Fatigue damage of designed T-type specimens under different high cyclic stresses.

Figure 12. Double logarithmic curve between the high stress and slope k.

5. Non-Linear Damage Evaluation

As the load interaction caused the non-linear damage accumulation in the fatigue
test with a two-step repeating amplitude loading block, therefore, the linear damage
accumulation did not equal one. The parameter Dnl which defined the damage value of
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load interaction effect, was introduced into the Miner’s law to evaluate the influence by the
load interaction. The value of Dnl was proposed by Kim et al. [32] and could be calculated
as the Formula (4).

Dnl = 1 − D = 1 −
n

∑
i=1

ni
Ni

(4)

When Dnl is positive, it indicates that the fatigue performance is damaged by load
interaction effect, and when Dnl is negative, it indicates that the fatigue performance is
strengthened by load interaction effect. The calculating results by the equation (4) were
shown in the Figure 13.

 

Figure 13. The calculation results of the damage value of load interaction effect Dnl.

As can be seen from Figure 13, the load interaction effect of high-low cyclic stress
above and below CAFL shows different damage or strengthening effects with the change
of cyclic ratio and high stress. Under the same cycle ratio, with the increase of high stress,
the load interaction effect gradually transforms from strengthening effect to damage effect.
Under the same stress, with the decrease of cycle ratio n1/n2, the damage effect decreases
gradually at high stress area, and with the decrease of cycle ratio n1/n2 at low stress area,
the effect of strengthening effect also increases. It can be seen that the load interaction
effects of high-low cyclic stress have different damage or strengthening effects on fatigue
performance with the change of stress ratio and cycle ratio.

The procedure for fatigue analysis also applies to other ships with variable load-
ing. The linear damage rule must also be updated by considering the nonlinear dam-
age. The form of the nonlinear damage can be developed further according to the actual
loading condition.

6. Conclusions

This paper investigated the fatigue characteristics of designed T-type specimen under
the two-step repeating load block. The designed T-type joint was common in the ship
structure and the fatigue failure always occurred at this type of joint. The two-step repeating
load block was introduced to simulate the load environment of voyage line of river-sea
going ship and this type of load block was seldom studied systematically.

CA fatigue experiments were conducted first and then VA fatigue experiments. Ev-
ery CA fatigue experiment was repeated three times. Twenty-three load conditions of
VA fatigue experiment were conducted, Miner’s rule was used to calculate the damage
accumulation, and the load interaction effect of two-step repeating load block was also
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evaluated through the formula (4). From the analysis by the Sections 4 and 5, the following
conclusions could be drawn:

(1) For the fatigue performance of designed T-type specimens under two-step VA load,
the fatigue cumulative damage values calculated by linear Miner rule are not 1.
Compared with the cumulative damage caused by high cyclic stress, the cumulative
damage caused by low stress below CAFL is relatively small. It is found that the
cumulative damage decreases with the increase of the high stress under the same
cycle ratio. While under the same high-low load stress ratio, the cumulative fatigue
damage increases with the linear increase of the cycle ratio of the low stress to the
high stress, and logarithmic curve between the slope k and high stress above CAFL
is linear.

(2) Nonlinear cumulative damage Dnl is used to evaluate the load interaction between
low and high cyclic stress. It is found that the load interaction shows different damage
or strengthening effects with the change of low-high load cycle ratio and high cyclic
stress. The area of strengthening effect occurs at high cyclic stress and low load
cycle ratio.

(3) From Figure 11, it can be seen that the linear slope of fatigue cumulative damage with
the cycle ratio n2/n1 increases with the decrease of high stress in the loading block.
The slopes k3 and k4 represent the linear slope of fatigue cumulative damage with the
cycle ratio n2/n1 under high-low stress of 95/50 and 90/50 MPa, respectively. The
reason is that the high stress in the loading block is closer to the low stress 50 MPa,
the fatigue damage caused by both the high and the low stresses is much smaller.
When the cycles of low stress take a larger percentage, i.e., a larger ratio of n2/n1,
the strengthening effects are more obvious. As shown in Figure 13, two of the three
points at the high stress of 90 MPa are in the strengthening effect area, and only one
of the four points at the high stress of 95 MPa is in the strengthening effect area. All of
the four points at the high stress of 100 MPa or 105 MPa are in the damage effect area.

The method also applies to other ship types, like the ship only voyaging on the sea
or ship only voyaging on the inland river. The ranges of the high and low loading levels
should be set according to the actual loading on the ship. For the river-sea-going ship in
this study, it mostly voyages in the inland river and then the load below the CAFL takes
the most part in the loading. That’s why the chosen high cyclic loads were larger than the
CAFL and the chosen low cyclic loads were below the CAFL. When the ranges of the high
and low loading levels in the variable cyclic loading spectra are different, the experiments
may show some different results. More investigation will be necessary.
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Abstract: Ship hatch corner is a common structure in a ship and its fatigue problem has always
been one of the focuses in ship engineering due to the long–term high–stress concentration state
during the ship’s life. For investigating the fatigue life improvement of the ship hatch corner under
different shot peening (SP) treatments, a series of fatigue tests, residual stress and surface topography
measurements were conducted for SP specimens. Furthermore, the distributions of the surface
residual stress are measured with varying numbers of cyclic loads, investigating the residual stress
relaxation during cyclic loading. The results show that no matter which SP process parameters
are used, the fatigue lives of the shot–peened ship hatch corner specimens are longer than those at
unpeened specimens. The relaxation rate of the residual stress mainly depends on the maximum
compressive residual stress (σRS

max) and the depth of the maximum compressive residual stress
(δmax). The larger the values of σRS

max and δmax, the slower the relaxation rates of the residual stress
field. The results imply that the effect of residual stress field and surface roughness should be
considered comprehensively to improve the fatigue life of the ship hatch corner with SP treatment.
The increase in peening intensity (PI) within a certain range can increase the depth of the compressive
residual stress field (CRSF), so the fatigue performance of the ship hatch corner is improved. Once
the PI exceeds a certain value, the surface damage caused by the increase in surface roughness will
not be offset by the CRSF and the fatigue life cannot be improved optimally. This research provides
an approach of fatigue performance enhancement for ship hatch corners in engineering application.

Keywords: shot peening; ship hatch corner; fatigue life; surface roughness; residual stress relaxation

1. Introduction

As a large–scale structure integrating safety, economy and practicability, the ship’s
fatigue problem is the focus of attention. The International Association of Classification
Society (IACS) Regulations for Bulk Carriers [1] and China Classification Society (CCS)’s
“Guidelines for Fatigue Strength Assessment of Hull Structures” [2] both provide relevant
regulations for ship hull structures that are prone to fatigue problems. During the service
life, the hull structure is affected by alternating stress loads such as wave–induced load,
which have a great impact on its fatigue properties. Figure 1 shows a fatigue crack in the
hatch corner of a certain ship. Guoqing et al. [3] proposed to use the equivalent wave
method to evaluate the fatigue life of hatch corners. The results of the equivalent wave
method agree well with those from the spectral fatigue analysis. Selle et al. [4] used the
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finite element method with a fatigue assessment technique developed by Germanischer
Lloyd (GL) to analyze the effect of radii of ship hatch corners on fatigue performance.
Yong et al. [5] conducted stress analysis on ship hatch corner structures based on the S–N
curve method and studied the effects of different structure details on fatigue performance
of ship hatch corners. Xu et al. [6,7] did a detailed study on the method of establishing
a finite element analysis (FEA) model by laser measurement, proposed some optimized
model generation methods, and used the CUF (Carrera unified formula) method developed
by Carrera. [8] for numerical analysis. Jiancheng et al. [9] conducted research on stress
concentration at ship hatch corners with large openings, and analyzed the effect of stress
releasing hole and strengthened plates for reducing the stress concentration. However,
researches on improving the fatigue performance of ship hatch corners has mainly been
conducted to optimize the structure to reduce the stress concentration, and there are
few analyses on improving fatigue performance of ship hatch corner directly through a
certain treatment.

Figure 1. A fatigue crack in the hatch corner of a certain ship.

Compressive residual stresses on the surface layer help to inhibit crack initiation
and expansion, which helps to improve the fatigue life and reliability of structures. For
introducing compressive residual stress in the surface layer to prolong the fatigue life of the
structure, some methods of surface treatment have been applied such as shot peening (SP),
laser shock peening [10–13], high–frequency mechanical impact treatment [14–16], and
ultrasonic impact treatment [17–20]. Among these kinds of treatments, SP is the most used
treatment for its flexibility, low cost, and dispensing with pretreatment. SP is an effective
cold working surface treatment in improving fatigue properties of structures [21,22] and is
widely used in the aerospace industry, automobile industry, and other fields. However,
there are few applications of SP in the shipbuilding industry. It can introduce compressive
residual stresses to the surface layer and enhance the surface hardness and roughness by
impacting on the surface with a mass of metallic or ceramic particles into the surface region.
The compressive residual stress layers in the surface and subsurface of the shot–peened
workpiece can partially offset the tensile stress generated by the alternating external load.
Therefore, the compressive residual stress is recognized as the main strengthening factor to
improve the fatigue performance of the specimen surface [23,24]. Gan et al. [25] studied
the effect of SP on the fatigue life of T–welded joints via fatigue tests and residual stress
measurements, proving that SP has significant benefits on specimens’ fatigue performance.
Wohlfahrt [26] studied the influence of residual stress change by different peening condi-
tions. For shot peening, it is indispensable to evaluate the residual stress field. However,
these studies only consider the effect of the initial residual stress field and ignore the
relaxation of the residual stress field during the cyclic loading process.
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Generally, SP treatment can cause an increase in the surface roughness of the peened
structure while excessive surface roughness has a negative impact on fatigue performance.
Surface roughness is one of the important parameters for evaluating the surface integrity of
materials, which has a significant effect on fatigue performance. The larger the roughness,
the easier it is to cause local stress concentration and induce fatigue crack initiation [27].
Novovic et al. [28] studied the correlation between the surface roughness (Ra) and fatigue
life, showing that when Ra is less than 0.1 μm, its effect is insignificant. If Ra is between 2 μm
and 5 μm, it will have a positive effect on the fatigue life. Ruihong et al. [29] investigated
the effect of SP on the surface roughness and fatigue properties of 300M steel by tests,
proving that the effect of SP is not proportional to the peening intensity (PI).

There are also some investigations related to the relaxation of the residual stress field
of the shot peening treatment. Residual stress relaxation in fatigue loading is one of the
main factors that affect the improvement of fatigue strength by shot peening, as well as
the surface conditions created by shot peening and the possibility of the relaxation of
compressive residual stress field (CRSF) to push the crack source beneath the surface [30].
In terms of the effect of the stability of the residual stress field on the fatigue life, the
shot–peened specimens will exhibit longer life times than the unpeened ones as long as the
CRSFs of the shot–peened specimens remain stable [31]. Dalaei et.al. [32,33] considered the
main relaxation of the residual stresses that take place during the first sub–block which is
due to the large relaxation during the first loading cycle as well as the maximum strain
amplitude present in the first sub–block. The effect of shot peening conditions on the
stability of the residual stress field is also significant, Huang et al. [34] investigated fatigue
performance improvement of different modified SP treatments, considered that CRSF
stability has a great influence on fatigue strength of shot–peened specimens and suitable
peening temperature can lead CRSF to be more stable. However, the actual structure in
practical engineering has not been paid enough attention until now. All of the objects in
related research are simple standard specimens and the locations of interest are not well
described which makes the results not suitable for complex structures and makes it difficult
to reflect the evolution law of the residual stress field on the actual structure in practical
applications. In the study of the numerical method of the relaxation of CRSF, Ruiz et al. [35]
analyzed the relaxation of high frequency mechanical impact treatment induced CRSF of a
single–sided out–of–plane gusset welded joint by numerical analysis. This analysis method
is also applicable to SP–induced CRSF.

As for engineering applications, even though applying suitable SP for a specific
structure and mastering the law of relaxation of its residual stress field will improve the
fatigue strength and life of the structure, which cannot be solved by structure design or
optimization effectively, there are still few applications of SP treatment in improving fatigue
performance of structures in ships, especially for a structure like the ship hatch corner
,where fatigue damage often occurs. For this specific structure, it is not enough to consider
the introduced initial residual compressive stress field alone because the residual stress
field will relax during cyclic fatigue loading, which leads to the decline of the SP–induced
fatigue strengthening effect. If the SP treatment is to be used in the fatigue performance
improvement of ship structures, the law of residual stress relaxation and how it is affected
by the load and SP parameters should be investigated in detail. The research on SP and
residual stress relaxation in ship hatch corners is worthy of being focused on since it can
provide an approach to improving the fatigue life of the structures in ships that suffer
from serious fatigue problems. Beyond that, a procedure of fatigue life assessment after SP
enhancement can provide some reference for researchers and designers who focus on ship
fatigue problems.

In order to provide a practical assessment of actual ship hatch corner structures
in engineering application, the effects of CRSF and surface topographies on the fatigue
performances of ship hatch corners were analyzed by experimental and numerical methods.
Experimental research based on fatigue tests, surface topography measurements, and
residual stress measurements were conducted to investigate the effect of SP on the fatigue
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life of ship hatch corner structures. Variations of residual stress fields at a specific area
on the structure was derived by measurement during cyclic loading. The variation law
of the residual stress field in ship hatch corners was analyzed. The effect of shot peening
treatment on the surface topography of the structure and the relationship between the
residual stress relaxation and fatigue life were investigated.

2. Experimental Setup

2.1. Specimen Design and Processing

The small–scale experimental specimen and the geometry of the simplified ship hatch
corner are shown in Figures 2 and 3a, respectively. In order to control the positions of crack
initiation, two arc notches with smooth transition were set on the free edges at specific
locations individually. The geometry of the arc notch is shown in Figure 3c while the corre-
sponding location of the arc origination point is demonstrated in Figure 3b. These notches
can be regarded as prefabricated defects, which could cause stress concentration. Therefore,
the initiation area of the crack can be observed conveniently as can the measurement of the
residual stress field’s variation at a specific location. The model is composed of two parts:
one is the foundation support of the T section, an opening made at the web to prevent the
web bulking during the fatigue tests, and the other is the ship hatch corner specimen which
is welded to the panel and welded with the U–shaped chuck symmetrically on both sides
of the upper end.

The material of the specimen in this test was Q235B steel. For ascertaining the related
parameters of material performance accurately, a series of static tensile tests were carried
out as well. The model of the static tensile specimen is shown in Figure 4, and the test
procedures were conducted according to GB/T 228.1(2010) [36]. The related parameters of
material properties measured in the static tensile test are listed in Table 1. All the specimens
were cut from the corresponding 6 mm thick plate by laser cutting directly.

Figure 2. The experimental ship hatch corner specimen.

Table 1. Mechanical properties of Q235B steel.

Mechanical Properties Value

Ultimate tensile stress Rm (MPa) 473
Yield stress σs (MPa) 294

Young’s modulus E (GPa) 206
Poisson’s ratio ν 0.26
Elongation δ (%) 26
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Figure 3. The geometry of the hatch corner specimen (a) and the arc notch (c) with the location of its origination point (b).

Figure 4. The static tensile specimen.

2.2. SP Treatment

SP treatments were carried out on ship hatch corner specimens by air blast SP equip-
ment. Cast steel shots S110, S230, S280, and S330 were used individually for different
specimens with the same peening pressures of 3 bar and a constant media flow rate of
25 kg/min. The mean diameters of shots (MDS) were 0.3 mm (S110), 0.6 mm (S230), 0.8 mm
(S280), and 1.0 mm (S330), respectively. The diameter of the peening nozzle was 20 mm,
while the distance from the peening nozzle to the specimen surface was about 50 mm. The
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nozzle was kept perpendicular to the surface of the specimen. The peening area included
the specific area around both the left and right arc notches on the front and back surfaces,
as shown in Figure 5. The peening time was 90 s and the peening coverage was close
to 100% in all specimens. Both the left and right peening areas on the front and back
surfaces of the specimen were treated with the same PI. Table 2 shows the different SP
parameters for hatch corner specimens. Three specimens were processed corresponding
to each SP treatment group. All five groups of specimens add up to a total of 15 speci-
mens. All the specimens were conducted with cyclic fatigue tests, and the first specimen
of each group was conducted with surface roughness measurement and residual stress
relaxation measurement.

Figure 5. Schematic diagram of shot peening (SP) treatment for a hatch corner specimen.

Table 2. The different SP parameters for T–welded joint specimens.

Specimen
Mass Flow

Rate
(kg/min)

Air Pressure
(bar)

Mean Diameter of Shots
(MDS)

d
(mm)

Coverage
Shot

Media
Material

P1 – – – – –
P2 25 3 0.3 (S110) 100% Cast steel
P3 25 3 0.6 (S230) 100% Cast steel
P4 25 3 0.8 (S280) 100% Cast steel
P5 25 3 1.0 (S330) 100% Cast steel

2.3. Surface Roughness Measurement

In order to investigate the effect of SP on specimens, surface topography measurements
were performed by using a Keyence 3D microscope. The first specimen of each group
is conducted with surface roughness measurement. Thus, the heights of fluctuations in
the horizontal and vertical directions of specimens’ surfaces could be measured. Each
direction generated a contour curve by data averaging from 30 paths, as shown in Figure 6.
Since Ra could be measured directly by the microscope, a program was written based
on ISO 4287–2010 [37], which is commonly used in the calculation of Ra. The calculation
method of Ra is briefly introduced as follows: The baseline is a line with the smallest sum
of squares of the distance from each point on the contour curve to the corresponding point
on the contour curve, which is generated by using the least square method. Ra is extracted
as follows

Ra =
∑N

1 |Yxi − mxi|
N

=
∑N

1 |Zxi|
N

(1)

where Yxi is the measured value on the contour curve, mxi is a value of the corresponding
point on the baseline, Zxi is the absolute value of the distance between Yxi and mxi, and N
is the total number of points on the contour curve.
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Figure 6. The schematic diagram of Ra measurement and calculation: (a) the measuring paths along the specimen surface,
(b) a section of surface measured by one path, (c) the contour curve and the baseline for Ra calculation.

2.4. Finite Element Method (FEM) Analysis

FEM analysis was performed in order to verify the effectiveness of the arc notch design.
The finite element model contained 973,456 elements including two element types, C3D8R
and C3D4, as shown in Figure 7a. Moreover, the gradually refined transition method was
adopted for the arc notch region, and the final element size near the arc notch was not more
than 0.5 mm, as shown in Figure 7b. The material properties of the corresponding Q235B
were ascertained by the static tensile test and shown in Table 1. It is an ideal elastoplastic
material without considering the hardening effect of the material.

The boundary conditions of the finite element analysis are as follows: MPC constraints
are used on the surface nodes of the fixed holes on both sides of the foundation support,
and the MPC control point is the geometric center of the fixed hole, as shown in Figure 7c;
the constraint condition is defined as Ux = Uy = Uz = 0, Rx = Ry = 0 (U represents the
displacement, R represents the rotation, x, y, and z represent the directions of U and R).
MPC constraints were performed on the U–shaped chuck surface nodes on both sides of
the loading end. The MPC control point was 30 mm above the centerline of the U–shaped
chuck surface, and the load is applied to the MPC control points symmetrically, as shown
in Figure 7d.

The loads were increased from 5 kN to 80 kN gradually and the stress distributions of
the hull hatch corner model were analyzed as well. Results show that the regions near the
two arc notches were always the most serious regions of stress concentration in the whole
model no matter how the tensile loads changed. Figure 8 shows the stress distribution of
the hatch corner FE model which verifies that the design of the arc notch was effective.
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Figure 7. (a) The FE model of the hatch corner, (b) the local mesh refinement around arc notch, (c) the
boundary conditions of the FE model, (d) setting of the loading side.

Figure 8. The (a) overall stress distribution and (b) local stress distribution of FE model with 70 kN loading.

2.5. Residual Stress Measurement

In order to investigate the effect of SP on surface residual stress, a portable X–ray
two–dimensional residual stress analyzer μ–X360s (Pulstec® μ–X360s, Hamamatsu–City,
Janpan) was used to measure the residual stress at every shot–peened region on each
specimen applying the measuring principle of the cosα method [38] (also referred as the
single incident angle method). This residual stress analyzer only requires one measurement
operation at a specific angle ψ0 to collect the diffraction angle transition of a certain surface,
which is used to analyze and obtain the residual stress of the specimen. The schematic
diagram of the measuring principle of u–X360s is shown in Figure 9. The angle α is the
diffraction angle and the angle η is the complementary angle of α. The optical path of the
X–ray and the obtained complete Debye ring are shown in Figure 9b,c, respectively. The
angle selected for the Debye ring is presented in Figure 9d. The definition of the parameter
a1 can be given as follows:

a1 =
1
2
[(εα − επ−α) + (ε−α − επ−α)] (2)
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where εα is the strain in the Debye ring, επ−α is the complementary strain, ε−α is the
contrary strain.

Figure 9. The schematic diagram of measuring principle of μ–X360s: (a)the camera image of μ–X360s, (b) the working
principle, (c) the detected Debye ring, (d) the changes of Debye ring, and (e) the calculated residual stress result.

With the strain εα on the Debye ring, the residual stress can be calculated by the
formula given as follows:

σ = − E
1 + ν

1
sin2ψ0

1
sin2η

(
∂a1

∂cosα
) (3)

where σ represents the residual stress, E represents the Young’s modulus, and ν denotes
the Poisson’s ratio. In this work, the Young’s modulus E and the Poisson’s ratio ν of Q235B
steel specimen were determined as 206 GPa and 0.26 according to Section 2.1, respectively.

The first specimen of each group was conducted with residual stress relaxation mea-
surement. In order to show the variation of the residual stress field near the arc notch in
detail, some measuring points were defined near the arc notch to measure the dynamic
change of the residual stress field. The location of the first measuring point was defined in
detail as schematically shown in Figure 10 and the residual stress measuring procedures
were as follows: (1) Draw the vertical line of the tangent to the deepest point of the arc
notch as the measuring path. (2) Attach a ruler sticker parallel and below at least 0.5 mm to
the vertical line to avoid any influence on measurement and align a tick mark on the ruler
with the tangent line of the arc notch. (3) Adjust the analyzer to align the green cross in its
camera image with the laser mark irradiated on the surface of the specimen to calibrate the
measurement distance. (4) Adjust the analyzer to align line1 in the middle of the first two
tick marks and overlap line2 in the camera image, the first measuring point is defined as
Point1, and then start the measuring program of the analyzer. (5) Move the analyzer 1 mm
along the measuring path to the next measuring point and repeat the measuring operation,
as shown in Figure 11.
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Figure 10. The location of Point1 and residual stress measurement setup.

Figure 11. The schematic diagram of the measuring points at one shot–peened region.

There were a total of ten measurement points, and the residual stresses in the y1
direction (the vertical line of the tangent point) was measured where x and y were the
original coordinate system axes. The measuring points were named as Point1–Point10
from the distance to the arc notch in sequence. There was another measuring point named
as PointA0 which was 1 mm below Point1 along y1 direction near the arc notch of each
specimen. In order to obtain a value of residual stresses in depth before fatigue tests,
residual stress measurements in PointA0 were also carried out by iterative electrolytic
removal of thin surface layer. Although the measurement path was not necessarily the
same as the crack propagation path, it was enough to reflect the changing law of the
residual stress field near the arc notch.

2.6. Static Loading Test and Fatigue Tests

The static loading test and fatigue tests were carried out by the MTS322 250 kN
Dynamic Fatigue Testing System at the Ship Structure Laboratory in Wuhan University of
Technology (Wuhan, China) under room temperature. Figure 12 shows the installation of
the hatch corner test model and the loading direction of tests. Both ends of the hatch corner
model were fixed on two ear seats (1) (2) by bolts, and the ear seats were fixed on the test
base (3) by bolts; the U–shaped chuck (4) at the upper end of the model was clamped by
the fixture (5) of the MTS testing system, and the loading direction is shown in Figure 12.
The maximum and minimum stresses near the arc notch were about 218 and 21 MPa with
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70 and 7 kN loading measured by strain gauges, respectively. The hot spot stresses at the
left and right arc notches are shown in Figure 13.

Figure 12. The installation of hatch corner specimen: (1), (2) the ear seats, (3) the test base, (4) the
U–shaped chuck, and (5) the fixture of the MTS testing system.

Figure 13. The relationship between tensile load and hot spot stresses at the left and the right
arc notches.

Fatigue tests were carried out after the static loading test. All the specimens were
conducted with constant amplitude cyclic loading of 31.5 kN and the stress ratio was 0.1.
The loading frequency was 5 Hz and the loading direction was the same as static loading,
as shown in Figure 13. The sinusoidal loading curve is shown in Figure 14. The criterion
for judging crack initiation was when the crack was beyond 0.1 mm, and the criterion
for judging the fatigue life was the number of fatigue cycle loading when the crack was
beyond 1 mm.
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Figure 14. The schematic diagram of the sinusoidal cyclic loading curve for fatigue tests.

3. Results and Discussion

3.1. Surface Roughness and Topography

The changes in surface roughness of specimens caused by the different diameters of
shots can be calculated by the method mentioned in Section 2.3. The calculated surface
roughness data of specimens are shown in Table 3, which show that SP treatment can
increase the surface roughness of peened specimens. The Ra value of unpeened specimen
P1 was about 0.07 μm, which was much smaller than the minimum Ra value of peened
specimen that appears in P2. The surface roughness increased with a value of MDS. The
maximum Ra value appeared in P5, which was peened by the largest shots with diameters
of 1 mm.

Table 3. The calculation results of surface roughness of specimens.

Specimen

MDS
d

(mm)

Ra (μm) Average Ra
(μm)Horizontal (x) Vertical (y)

P1 – 0.08 0.06 0.07
P2 0.3 1.41 1.26 1.34
P3 0.6 2.27 2.44 2.36
P4 0.8 3.14 3.28 3.21
P5 1.0 3.38 3.92 3.65

Figure 15 illustrates the differences in surface topography between each specimen.
Compared with the unpeened specimen P1, which had only a few tiny bumps on the
surface, all the shot–peened specimens became rough after SP. It can be concluded that the
diameter and the depth of a single dimple increase with a value of MDS. The maximum
dimple depth appeared in P5 with a value of 16.30 μm, the minimum dimple depth
appeared in P2 with a value of 12.02 μm. It was complicated to define the diameter of a
dimple due to the difficulties in finding clear boundaries, but it could be estimated based
on the color of the cloud in Figure 15. The case of P5 had the greatest diameter of dimple
caused by a single shot for SP with the largest MDS.
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Figure 15. Cont.
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Figure 15. The specimen surface graph of (a) P1, (c) P2, (e) P3, (g) P4 and (i) P5 and the processed 2D topography of (b) P1,
(d) P2, (f) P3, (h) P4 and (j) P5.

3.2. CRSF and Residual Stress Relaxation

Before residual stress measuring, the peened surface was electrically polished to avoid
test error due to an uneven surface. In order to describe the CRSF quantitatively, three
characteristic parameters including the surface residual stresses (σRS

surf), the maximum
compressive residual stresses (σRS

max), and the depth of σRS
max (δmax), were defined. The

specimens were measured for CRSF at PointA0. Figure 16 shows the residual stress depth
profiles of PointA0 in the y1 direction. The maximum value of σRS

surf appeared in P3
with a value of −376 MPa, the minimum value of σRS

surf appeared in P2 with a value of
−364 MPa, and the values of σRS

surf in the other two specimens were both around 370 MPa.
The maximum value of σRS

max appeared in P5 with a value of −463 MPa, and the values
of σRS

max in other three specimens increased with MDS from −392 MPa (d = 0.3 mm) to
−447 MPa (d = 0.8 mm). It can be seen from Figure 16 that values of δmax in all specimens
also increased with MDS from 0.063 mm (d = 0.3 mm) to 0.144 mm (d = 1.0 mm). This
phenomenon shows that the values of σRS

surf will not increase with the values of MDS
remarkably. Addtionally, the values of σRS

max and δmax in all specimens increased greatly
with the values of MDS, which means an increase of PI.
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Figure 16. The compressive residual stress field in depth at PointA0 of different specimens.

In the process of fatigue loading, the residual stresses were measured at 10 measuring
points every 50,000 times of fatigue loading until crack initiation. Figure 17 shows the
variety of residual stresses with fatigue loading of five ship hatch corner specimens. For
the unpeened specimen P1, it can be seen from Figure 17a that the residual stress at each
point on the surface was not uniform compared with other specimens. The residual stress
fields began to relax just after the fatigue loading began.

It can be seen from Figure 17 that relaxation rates of the residual stress field were very
fast at the first 50,000 cycles of fatigue loading, and then they were reduced to varying
degrees. The relaxation rates of the residual stress field gradually decreased from the
measuring point from the arc notch. The closer the measuring point to arc notch was, the
greater was the relaxation of the residual stress field at this measuring point. During the
fatigue loading process, the relaxation rate of the residual stress field decreased gradually.

Figure 17. Cont.
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Figure 17. Cont.
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Figure 17. The variety of residual stresses with fatigue loading at each measuring point of (a) P1, (b) P2, (c) P3, (d) P4 and
(e) P5.

Although all the specimens were observed to relax the residual stress field, their
relaxation rates were not the same under the same fatigue load, which can be reflected by
the curve distance in Figure 17. As seen in Figure 17a, the compressive residual stresses of
the unpeened specimen P1 reduced by 78.7% (−89 MPa to −19 MPa) after the 1st 50,000
fatigue cycles at Point1 and turns to tensile residual stresses with a value of 15 MPa after
crack initiation. As for Figure 17b, the compressive residual stresses of P2 reduced by 19.9%
(−371 MPa to −297 MPa) after the first 50,000 fatigue cycles and by 64% (−371 MPa to
−133 MPa) at Point1 after the crack initiation. As for Figure 17c, the compressive residual
stresses of P3 reduced by 20.9% (−367 MPa to −290 MPa) after the first 50,000 fatigue
cycles and by 52.3% (−367 MPa to −175 MPa) at Point1 after the crack initiation. As
for Figure 17d, the compressive residual stresses of P4 reduced by 13.8% (−384 MPa to
−331 MPa) after the first 50,000 fatigue cycles and by 42.7% (−384 MPa to −220 MPa)
at Point1 after the crack initiation. In Figure 17e, the compressive residual stresses of P5
reduced by 11.2% (−375 MPa to −333 MPa) after the first 50,000 fatigue cycles and by
37.6% (−375 MPa to −234 MPa) at Point1 after the crack initiation. After 50,000 fatigue
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loadings, the residual stress relaxation rate at each point also decreased, but the trend was
still similar to before.

Combined with Figures 16 and 17, it can be found that the specimens with greater
values of σRS

max and δmax had lower residual stress relaxation rates. Although their surface
residual stresses were similar before fatigue loading, they show different “retention capa-
bilities” of residual stress or stability of CRSF during fatigue loading. P5 had the greatest
value of σRS

max and δmax, and the remaining residual stresses were the greatest when the
crack was initiated and the remaining residual stresses of other specimens decrease with
the decrease of MDS. In other words, the specimen with deeper CRSF had better retention
capability of surface residual stress.

Figure 18 shows the local stress distribution of numerical analysis results at 70 kN
loading and the Von Mises stress of each measuring point. The Von Mises stresses could be
alternatively regarded as the amplitude stresses in fatigue loading here. Combined with
the residual stress data obtained in X–ray diffraction measurement, the relaxation ratio
of the residual stress at each measuring point of shot–peened specimens P2 to P5 could
be compared. Comparing the residual stress after every 50,000 fatigue cycles with that
before fatigue cycles, the results shown in Figure 19 are the calculated relaxation ratios
of the residual stress per 50,000 fatigue cycles. It can be seen that for all the shot–peened
specimens, the relaxation of the compressive residual stress was also greater where the
stress is greater. As the stress decreased linearly, the relaxation of the compressive residual
stress also decreased, but it was nonlinear. Although the specimens P2 to P5 were processed
by SP with different MDS, they all showed insensitivity to residual stress relaxation when
the stress was below 174 MPa (Point6 and subsequent measurement points). It can be
noticed that there was a threshold value of the stress amplitude that allowed the residual
stress to relax. When the stress amplitude was lower than the threshold value, regardless
of the size of the MDS as well as the number of fatigue cycles, the compressive residual
stress barely changed. Combining the experimental data and the FEA results, the threshold
value of the stress amplitude should be between 171 MPa and 174 MPa.

Figure 18. The finite element analysis (FEA) stress distribution near the arc notch and the stresses at measuring points.

The residual stress relaxation ratio of each specimen at each fatigue loading stage were
also different. For example, P2 and P3 had large residual stress relaxation ratios in the first
and second 50,000 fatigue cycles; the relaxation ratios of P2 after the first and second 50,000
fatigue cycles were about 20% and 22% at Poin1, 12% and 18% at Point2, and 9% and 14%
at Point3, respectively; the relaxation ratios of P3 after the first and second 50,000 fatigue
cycles were about 21% and 12% at Poin1, 13% and 14% at Point2, and 13% and 9% at Point3
respectively. These two specimens had a great stress relaxation in the early stage (100,000
fatigue cycles) of fatigue loading. By contrast, the relaxation ratios of P4 after the first and
second 50,000 fatigue cycles were about 14% and 6% at Poin1, 9% and 6% at Point2, 5%
and 7% at Point3, respectively; the relaxation ratios of P5 after the first and second 50,000
fatigue cycles are about 11% and 9% at Poin1, 8% and 8% at Point2, and 3% and 7% at
Point3 respectively. Compared with P2 and P3, P4 and P5, which had deeper CRSFs, had
better performances in resisting compressive residual stress relaxation. It also can be seen
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from Figure 19 that nearly all the residual stress relaxation ratios of P4 and P5 were below
10% at all measuring points in every fatigue loading stage.

For the actual design and construction of River–Sea–Going ships, the stress concen-
tration at the corners of the hatch is difficult to avoid, but the stress amplitude should be
controlled. It can be found that if the fatigue performances of the hatch corners are expected
to be improved by SP treatments, the residual stress relaxation should be considered when
local stress is beyond the threshold value. If the stress amplitude at the hatch corner is
lower than the stress threshold value of residual stress relaxation, the residual stress field
will barely change. It is also a feasible method to change the parameters of SP treatment
to introduce a deeper residual stress field into the surface of the hatch corner structure to
reduce the residual stress relaxation ratio and keep the CRSF more stable in fatigue loading.

Figure 19. Cont.
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Figure 19. The residual stress relaxation ratio of (a) P2, (b) P3, (c) P4, and (d) P5.

3.3. Fatigue Life

Table 4 shows the fatigue life and other characteristic parameters of all specimens,
including not only the specimens for residual stress relaxation research but also the other
two specimens in the same SP treatment group that were conducted with fatigue tests.
In Table 4, Nin represents the crack initiation life (crack from 0.0 mm to 0.1 mm), ΔNin
represents the ratio of crack initiation life increment, Npr represents the crack propagation
life (0.1 mm to 1 mm), ΔNpr represents the ratio of crack propagation life increment, Nf
represents fatigue life (crack from 0.0 mm to 1 mm), and ΔNf represents the ratio of fatigue
life increment, where all the increments are based on the comparison with P1. It can be
seen that the fatigue life of P1 without SP was about 214,550 in the first fatigue test. The
increment comparisons of subsequent data were based on the first fatigue test data of the
P1 specimen. The maximum fatigue life appeared at the P4 specimen in the third fatigue
test with a value of 347,710 when MDS was 0.8 mm. It can be concluded through Table 4
that all the SP treatments can improve fatigue lives of ship hatch corner specimens greatly.
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Table 4. Fatigue lives of ship hatch corner specimens.

Specimen
Number
of Test

MDS
d

(mm)

Ra
(μm)

Nin
(Cyclic

Number)
ΔNin

Npr
(Cyclic

Number)
ΔNpr

Nf
(Cyclic

Number)
ΔNf

P1 1st / 0.07 197,110 / 17,440 / 214,550 /
2nd / / 173,530 −12.0% 17,210 –1.3% 190,740 −11.1%
3rd / / 186,220 −5.5% 21,460 23.1% 207,680 −3.2%

P2 1st 0.3 1.34 226,740 15.0% 20,420 17.1% 247,160 15.2%
2nd 0.3 / 237,270 20.4% 19,850 13.8% 257,120 19.8%
3rd 0.3 / 206,160 4.6% 21,584 23.8% 227,744 6.1%

P3 1st 0.6 2.36 262,380 33.1% 25,160 44.3% 287,540 34.0%
2nd 0.6 / 248,220 25.9% 21,240 21.8% 269,460 25.6%
3rd 0.6 / 278,600 41.3% 24,770 42.0% 303,370 41.4%

P4 1st 0.8 3.21 294,650 49.5% 27,610 58.3% 322,260 50.2%
2nd 0.8 / 315,510 60.1% 28,120 61.2% 343,630 60.2%
3rd 0.8 / 319,380 62.0% 28,330 62.4% 347,710 62.1%

P5 1st 1.0 3.65 281,510 42.8% 27,120 55.5% 308,630 43.8%
2nd 1.0 / 291,940 48.1% 26,430 51.5% 318,370 48.4%
3rd 1.0 / 303,770 54.1% 28,020 60.7% 331,790 54.6%

Specifically, the average of ΔNins within each group were 13.3% (P2), 33.5% (P3), 57.2%
(P4), and 48.3% (P5); the averages of ΔNprs within each group were 18.2% (P2), 36.0% (P3),
60.7% (P4), and 55.9% (P5); the average of ΔNfs within each group were 13.7% (P2), 33.7%
(P3), 57.5% (P4), and 48.9% (P5). Although the fatigue life extension of each group showed
differences for a single specimen, it can be found through the comparison between the
groups that when the PI increased, the differences in the ΔNfs within each group were
gradually reduced. It can be analyzed by the comparison of ΔNin of each group that in
the crack initiation stage, shot peening had a very good effect on the suppression of the
crack initiation. SP also suppressed the crack growth rate in the crack propagation stage,
which can be analyzed by the comparison of ΔNpr of each group. ΔNin, ΔNpr, and ΔNf all
increased initially with the increase of MDS (when d= 0.3 mm, 0.6 mm and 0.8 mm), but
when d = 1.0 mm, the increments of ΔNin, ΔNpr, and ΔNf were not obvious compared with
those when d = 0.8 mm, and some of the data even decreased. This means that prolonging
the fatigue life of the hatch corner by only increasing the MDS has a limited effect. This
can be caused by the excessive surface roughness caused by the increase in MDS. P4 and
P5 both had better residual stress stability, and thus they had larger ΔNin values than P2
and P3. With the increase of MDS, the crack initiation life and fatigue life both showed
an increasing trend. It can be seen from this that the fatigue lives of P2, P3, and P4 all
increased with the increase of σRS

max and δmax values. At the same time, the effective
residual stress at the arc notch at the crack initiation time also increased with the increase
of σRS

max and δmax values. On the other hand, P5 had larger σRS
max and δmax values than

P4 and its remaining effective residual stress when the crack initiated was also greater, but
its fatigue life was not improved; however, it was reduced. The reason for this may be
that P5 has a larger Ra than P4. Although the remaining effective residual stress on the
surface is slightly larger than that of P4, it is not enough to offset the effect of surface defects
caused by the larger Ra value, so the fatigue life of P5 is slightly smaller than that of P4. For
P5, which has larger σRS

max and δmax, the influence of surface roughness was even more
severe. When increasing the PI of SP treatments, a value of Ra would also increase. If Ra is
beyond a certain value, the limited improvement of CRSF cannot offset the negative effect
of increased surface roughness on surface integrity. This is manifested in the local defects
caused by the increase of surface micro–damage, and the micro–stress concentration, which
makes it easier for cracks to initiate and propagate at the defects.

It is generally believed that the surface compressive residual stress has an important
influence on the fatigue performance of the structure. In fact, the surface residual stress
changes during the fatigue load, especially in the initial stage of the fatigue loading, it has a
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large relaxation rate. Under the fatigue loading, the relaxation performance of the residual
stress field of different specimens was different and closely related to the characteristic
parameters of CRSF. The surface residual stress relaxation rate of the specimen with deeper
CRSF was slower, and the surface compressive residual stress before the crack initiation
was larger, the crack initiation suppression effect was better, and the crack growth rate
could also be slowed down.

In the aim of improving fatigue lives of hatch corners in the River–Sea–Going ship by
SP treatment, both residual stress relaxation and surface roughness should be considered.
It can be concluded that when the parameters of SP treatment are correctly chosen, the
fatigue life of the hatch corner can be improved greatly. In terms of optimizing shot peening
parameters, the approach to reduce the increase in roughness induced by shot peening
intensity should be investigated. On the other hand, the assessment of the residual stress
stability of the hatch corners should be combined with the actual load of the River–Sea–
Going ship.

4. Conclusions

Given the fact that there is almost no application of fatigue improvement by SP
treatment in the ship engineering field, this paper illustrates the relationship between
the stress relaxation and fatigue life of the actual ship hatch corner structure in the shot–
peened region under a constant amplitude fatigue load, and shows the sensitivity of the
residual stress relaxation at different positions during the cyclic fatigue loading. Moreover,
it provides an approach to improve the fatigue strength and life of ship hatch corner
structures by SP treatment and a procedure for evaluating the fatigue life of the actual
ship hatch corner structure after SP. The effect of SP on the fatigue life of ship hatch corner
specimens made of Q235B steel was investigated at a stress ratio of 0.1 and cyclic loading
amplitude of 31.5 kN. SP intensity was changed by changing the mean diameter of shots
of SP. The surface roughness, residual stress, and fatigue life tests were carried out on
ship hatch corner specimens. The surface residual stresses were measured with the aim of
analyzing the residual stress variation at different locations in each specimen during cyclic
loading. The residual stress relaxation ratios of different specimens at different locations
were compared and analyzed. The following conclusions have been reached:

1. Introducing compressive residual stress into the surface layer by SP is an effective
method to prolong the fatigue life of the ship hatch corner. The larger the values of
σRS

max and δmax, the slower the residual stress field relaxation rates are under cyclic
loading.

2. It was found that the compressive residual stress near surface layer is beneficial to
both the initiation life and the propagation life of fatigue crack. Compared with the
unpeened specimen, the increments of crack initiation life are about 13.3%, 33.5%,
57.2%, and 48.3% on average, and the increments of crack propagation lives, are about
18.2%, 36.0%, 60.7%, and 55.9% with MDS of 0.3 mm, 0.6 mm, 0.8 mm, and 1.0 mm,
respectively.

3. The magnitude of residual stress relaxation does not decrease linearly with the linear
decrease of stress under the same number of cyclic loading. When the stress is less
than the threshold value for the relaxation of the residual stress, the residual stress on
the surface of the structure will not relax. Specimens P4 and P5 with deeper CRSFs
have better residual stress stabilities and better fatigue performances compared to P2
and P3.

4. In practical engineering applications, increasing SP intensity can increase the values of
σRS

max and δmax in the compressive residual stress field, as well as the residual stress
stability. Moreover, it also increases the surface roughness, which has adverse effects
on the fatigue life of the hatch corner specimen. Therefore, the effect of residual stress
field and surface roughness should be considered comprehensively in the SP process.

Results of this research prove that shot peening is feasible in improving the fatigue
performance of ship hatch corner structures. In order to achieve better fatigue property
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improvement, residual stress relaxation and surface roughness should be taken into con-
sideration comprehensively. Residual stress relaxation is highly concerned with the depth
of CRSF and the stress amplitude. Increasing the depth and value of CRSF via increasing
peening intensity can reduce the residual stress relaxation at the same stress amplitude in
practical application.
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Abbreviations

SP Shot peening
MDS Mean diameter of shots
d Value of MDS
PI Peening intensity
CRSF Compressive residual stress field
FEM Finite element method
FEA Finite element analysis
Ux Displacement in the x direction
Uy Displacement in the y direction
Uz Displacement in the z direction
Rx Rotation in the x direction
Ry Rotation in the y direction
σRS

max Maximum residual stress in depth
σRS

surf Surface residual stress
δmax Depth of σRS

max
Ra Surface roughness
N Numbers of points on the contour curve
Yxi Value of contour curve
mxi Value of baseline
Zxi The absolute value of the distance between Yxi and mxi
E Young’s modulus
Rm Ultimate tensile stress
σs Yield stress
ν Poisson’s ratio
δ Elongation
α Diffraction angle
η The complementary angle of α

a1 Intermediate parameters
εα Strain in the Debye ring
επ−α Complementary strain
ε−α Contrary strain
ψ0 Operating angle of the X–ray analyzer
Nin Crack initiation life
ΔNin The ratio of crack initiation life increment
Npr Crack propagation life
ΔNpr The ratio of crack propagation life increment
Nf Fatigue life
ΔNf The ratio of fatigue life increment
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Abstract: The limit state function is important for the assessment of the longitudinal strength of
damaged ships under combined bending moments in severe waves. As the limit state function cannot
be obtained directly, the common approach is to calculate the results for the residual strength and
approximate the limit state function by fitting, for which various methods have been proposed. In
this study, four commonly used fitting methods are investigated: namely, the least-squares method,
the moving least-squares method, the radial basis function neural network method, and the weighted
piecewise fitting method. These fitting methods are adopted to fit the limit state functions of four
typically sample distribution models as well as a damaged tanker and damaged bulk carrier. The
residual strength of a damaged ship is obtained by an improved Smith method that accounts for the
rotation of the neutral axis. Analysis of the results shows the accuracy of the linear least-squares
method and nonlinear least-squares method, which are most commonly used by researchers, is
relatively poor, while the weighted piecewise fitting method is the better choice for all investigated
combined-bending conditions.

Keywords: limit state function; longitudinal strength; least-squares method; moving least-squares
method; radial basis function neural network method; weighted piecewise fitting method

1. Introduction

Ship safety is a major concern to researchers, and the number of damaged ships in
accidents has been decreasing with advances in technology. According to the statistics
of the International Association of Dry Cargo Shipowners, the loss of bulk carriers over
10,000 DWT has decreased from more than 500 in 1994–2003 to 202 in 2008–2017, and the
number of casualties has also decreased from more than 200 to 53. In order to further
reduce the casualties and property losses, researchers have continued their effort on the
improvement of ship safety. When the ship is subjected to collision and grounding, which
are the major types of accidents [1], the longitudinal strength will decrease and the wave
load will change as well. Owing to the damage-induced change in floating state of the dam-
aged ship, the wave load behavior is more complicated than the intact ship. Chen et al. [2]
investigated the wave load of a damaged RO-RO ship and found the horizontal load is as
large as 1.73 times the vertical load in the oblique wave. The ultimate-strength assessment
method is well established for the vertical load on intact ships [3] but not for damaged
ships. Therefore, it is necessary to devise a method for the damaged ship under combined
bending moments. For this purpose, the limit state function is key to the method.

The longitudinal-strength assessment method for intact ships can be calculated directly
by the Smith method and the Finite Element Method (FEM). There are more studies about
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the ultimate strength based on these methods [4–8]. However, it is difficult to directly
obtain the longitudinal strength of the ship under combined bending moments, and one has
to rely on the limit state function for the assessment of ship safety. The accuracy of the limit
state function depends on the ultimate-strength calculation method and the fitting method.
To obtain accurate samples for the fitting of the limit state function, a variety of methods
have been proposed. Yao et al. [9] applied a simplified progressive collapse method
to study the longitudinal strength of the bulk carrier under bi-axis bending moments.
Parunov et al. [10] investigated the longitudinal strength of a damaged tanker under
combined bending moments with the FEM, and the relationship between the damage size
and the longitudinal strength was discussed. Paik et al. [11,12] compared the longitudinal
strength of unstiffened and stiffened plates under combined loads. Dow et al. [13] explored
the longitudinal strength of a stiffened box girder under combined bending moments with
the Smith method and the FEM. Paik et al. [14] studied corroded stiffened plates under
combined compression loads with the FEM. Fujikubo et al. [15] investigated the longitudinal
strength of the stiffened plate under the combined shear and thrust force with the FEM.
Dow et al. [16] studied the longitudinal strength of an alloy plate under combined shear and
compression/tension with the FEM. Among the methods widely used in the community,
the FEM can account for the initial implication, the material nonlinearity and the geometric
nonlinearity. The finite element models provide more details about the structures, and the
relationship between adjacent parts is taken into account. However, the method costs much
more time for modeling and computation. The Smith method only needs to discretize a
cross section into stiffened plate elements, plate elements, and hard-corner elements. As
the curvature increases, the stress and the bending moment of each element are calculated
according to the strain–stress relationship curves of different element types, and the sum
of the element bending moment is the bending moment of the cross section. This method
is much more efficient, but the accuracy is poor when applied to ships with asymmetric
cross sections. To improve the accuracy of the method in nonsymmetric applications,
improved Smith methods were devised by Fujikubo et al. [17] and Joonmo et al. [18].
Fujikubo et al. [17] applied an improved Smith method to damaged ships, and proposed
an equation to describe the relationship between the increments of vertical and horizontal
bending moments and the increments of the curvatures. Joonmo et al. [19] proposed the
force vector equilibrium criterion to track the rotation of the neutral axis so as to obtain the
bending moments of the asymmetric cross section.

Once samples of longitudinal strength are obtained, the limit state function can be
approximated by means of fitting. Gordo et al. [19,20] applied a nonlinear fitting method
to obtain the limit state function of the longitudinal strength of a tanker under combined
bending moments. Monsour et al. [21] applied a nonlinear fitting method to obtain the limit
state functions of different ships. Luis et al. [22] adopted a nonlinear fitting method to fit the
limit state functions of two damaged tankers. Khan et al. [23] also used a nonlinear fitting
method to fit the limit state functions and explored the reliabilities of a damaged tanker
and a bulk carrier. Shahid [24] used the response surface method and the artificial neural
network to fit the limit state function. Zhu et al. [25] proposed the weighted piecewise
fitting method for the limit state function. Paik et al. [26] investigated the longitudinal
strength of the as-built ultra-large containership under combined vertical bending and
torsion, then fitted the limit state function with a nonlinear method and obtained the
design load area. Kim et al. [27] studied the longitudinal strength of the hull girder under
combined bending and torsion and obtained a 1

4 circular form of the limit state function by
fitting. Shi et al. [28] compared the longitudinal strength of open box girders with cracked
damage under pure vertical bending load and combined loads, and a circular form of the
limit state function was also obtained by fitting. Hu et al. [29] studied the longitudinal
strength of a large opening box girder with a crack under torsion and bending loads and
presented the interaction between the two loads in a circular form. The same form of
the limit state function was also used by Li et al. [30], who investigated the pipe under
combined bending and torsion moment. Though the fitting methods are used in many
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research studies, the accuracy and the applicability of the fitting methods remain unclear
and need to be studied.

As the ship structure and damage condition can be different from one another, the
limit state curves may also be different from one another, but all of them are closed curves
in the coordinate system. In the existing studies, four typical closed curves are adopted to
approximate the curve: (1) circle, (2) transverse ellipse, (3) vertical ellipse, and (4) oblique
ellipse. Four fitting methods are proposed and investigated in this study: namely, (1) the
least-squares method, (2) the moving least-squares method (MLS), (3) the radial basis
artificial neural network method (RBFNN), and (4) the weighted piecewise fitting method
(WP). Finally, samples of longitudinal strength for a damaged tanker and damaged bulk
carrier calculated by Fujikubo et al. [12] were obtained for the fitting method study.

2. Fitting Methods for the Limit State Function

2.1. The Least-Squares Method

The least-squares method adopts the linear or nonlinear regression to establish a
polynomial function. The general form of the linear polynomial function is a + b = c:

Y = C0 +
n

∑
i=1

CiXi +
n

∑
i=1

n

∑
j=1

CijXiXj + ε, (1)

where Y is the regression result of the fitting function for the n random variables Xi,
C is the regression coefficient, and ε is the error between the regression result and the
actual response.

Quadratic functions and cubic functions are commonly used linear least-squares fitting
functions. They take the following forms, respectively:

y = a + bx + cx2, (2)

y = a + bx + cx2 + dx3 (3)

where x = MH/MUH and y = MV/MUV ; where MV and MH are the vertical and horizon-
tal bending moment, respectively, and MUV and MUH are the ultimate bending moments
resulted from pure vertical and horizontal bending, respectively. In the case of multiple-
valued functions, the following functions are used instead:

x = a + by + cy2, (4)

x = a + by + cy2 + dy3, (5)

Nonlinear functions are also widely used in least-squares fitting, where an often-used
form is

xα1 + yα2 = 1, (6)

2.2. The Moving Least-Squares Method

Different from the classic polynomial function, the coefficient vectors of the moving
least-squares-based fitting function and the basis functions are determined by the fitting
results. The function usually takes the form

y =
m

∑
i=1

αi(x)pi(x) = pT(x)α(x), (7)

where pT(x) is the basis function, α(x) is the coefficient vector, m is the number of
terms, and

pT(x)= [p1(x), p2(x), · · · , pm(x)], (8)

αT(x)= [α1(x), α2(x), · · · , αm(x)], (9)
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To extend the fitting range, the samples are described in polar coordinates, and the
fitting function is

r = pT(θ)α(θ), (10)

where r is the distance between the sample and the origin and θ is the angle between the
point and the positive direction of the x-axis at the origin.

2.3. The Radial Basis Function Neural Network Method

The radial basis function is a function that relies only on the distance between the
point x and the origin (or the calculation point c), which takes the form

Φ(x) = Φ(‖x‖), (11)

or
Φ(x, c) = Φ(‖x − c‖), (12)

where ‖x − c‖ is the Euclidean distance between point x and point c.
The radial basis function neural network (RBFNN) is a neural network comprised of

three layers: the input layer, the hidden layer, and the output layer, as shown in Figure 1.
The RBF is the basis of the hidden layer. The transformation between the input layer and
the hidden layer is nonlinear, while the transformation between the hidden and output
layers is linear.

Figure 1. Typical form of the RBFNN.

The activation function is

ϕ(xk − ci) = exp(− 1
2σ2 ‖xk − ci‖2) (k = 1, 2, . . . , l; i = 1, 2, . . . , m

)
, (13)

where xk is the k-th input data, ci is the center of the i-th neuron, and σ is the standard deviation

σ =
cmax√

2h
, (14)

where h is the number of the centers that determines the K-means clustering and cmax is
the maximum distance among the chosen centers.

The output of the neural network is

yi =
h
∑

i=1
wij exp(− 1

2σ2 ‖xk − ci‖2) (j = 1, 2, . . . , n ), (15)
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where wij is the weight of the i-th neuron for the output

w = exp
(

h
c2

max
‖xk − ci‖2

)
(j = 1, 2, . . . , n), (16)

Once the RBFNN-based calculation is carried out, the input vector Xp×1 can be trans-
formed into the output vector Yn×1.

When the method is used to fit the samples in the polar coordinate system, the output
of the neural network takes the form

ri =
h
∑

i=1
wij exp(− 1

2σ2 ‖θk − ci‖2) (j = 1, 2, . . . , n ), (17)

2.4. The Weighted Piecewise Fitting Method

The weighted piecewise fitting method provides a series of functions to describe the
response relationship [20]. It adopts a piecewise regression method to fit the Function (3),
and the weights matrix w is introduced to improve the accuracy. With the sample matrix X

and Y, the coefficient matrix N is

N =
(

XTwX
)−1

XTwY, (18)

where
N = {a, b, c, d}T , (19)

X =

⎡
⎢⎢⎢⎣

1 x1 x1
2 x1

3

1 x2 x2
2 x2

3

...
...

...
...

1 xm xm
2 xm

3

⎤
⎥⎥⎥⎦, (20)

Y = {y1, y2, . . . , ym}T , (21)

where a, b, c, and d are the coefficients of the function. xi and yi is the i-th sample for
the fitting.

Once the fitting functions for all samples are obtained, the values at both ends of each
piece, yi1 and yi2, and the slopes y′ i1 and y′ i2 can be found. As the two adjacent piece
functions must be smooth at the joint, the following boundary conditions are applied:

yi2 = y(i+1)1 = yi, (22)

{
y′ i1 = (y′(i−1)2 + y′ i1)/2
y′ i2 = (y′ i2 + y′(i+1)1)/2

, (23)

In order to obtain a closed curve, the following boundary conditions are used:{
y(n+1)1 = y1
y′(n+1)1 = y′11

, (24)

The coefficients of the fitting function of each piece need be recalculated with y and y′
at the curve ends as follows:⎧⎪⎪⎨

⎪⎪⎩
yi1 = ai + bixi1 + cix2

i1 + dix3
i1

y′ i1 = bi + 2cixi1 + 3dix2
i1

yi2 = ai + bixi2 + cix2
i2 + dix3

i2
y′ i2 = bi + 2cixi2 + 3dix2

i2

, (25)

231



J. Mar. Sci. Eng. 2022, 10, 102

3. Calculation and Analysis of Typical Fitting Sample Distributions

In order to compare the difference between the fitting methods, six fitting methods
are adopted to fit the function using typical fitting sample distributions: namely, the least-
squares method with the quadratic function (LS-Q), the cubic function (LS-C), and the
nonlinear function (LS-N); the moving least-squares method; the radial basis function
neural network method; and the weighted piecewise fitting method.

3.1. Typical Fitting Sample Distribution

The distribution pattern of the sample of the longitudinal strength of the ship structures
under combined bending moments is usually a closed curve, and the shape depends on
the type and the damage of the structures. To present the representative conclusion, four
typical distributions (TD1–TD4) are obtained for research after comparing the fitting sample
distributions in the literature [15–24], as shown in Figure 2, where x and y represent the
input data and output data of the fitting sample.

 
 

(a) (b) 

 

 

(c) (d) 

Figure 2. Fitting sample distributions for (a) TD1, (b) TD2, (c) TD3, and (d) TD4.

3.2. Fitting and Analysis of the Typical Distribution

The results obtained with the fitting methods for the typical distributions are shown
in Figure 3.
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(a) (b) 

  
(c) (d) 

Figure 3. Fitting results for (a) TD1, (b) TD2, (c) TD3, and (d) TD4.

In order to compare the accuracy of the fitting methods, the y of the sample and the
fitting results y f itting are shown in Figure 3, where the abscissa represents the y of the
sample and the ordinate denotes the fitted results y f itting. The vertical distance between
the fitting results for y and the line y f itting = y is the error of the fitting, and when the point
is located on the line y f itting = y, it means that the fitting result is accurate. Two types of
fitting are performed: (1) Case 1, fitting for the sample data and (2) Case 2, fitting for the
removed-sample data.

The maximum error and the mean square errors (MSE) of the fitting results of
the sample data and the sample-removed data are calculated. The errors are shown in
Tables 1–4, and the MSE is

MSE =

n
∑

i=1

(
y f itting − y

)2

n
, (26)
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As shown in Figure 3, some fitting curves are not coincident with the sample curves,
and the reason is that the shape and accuracy of the fitting curves depend on the sample
distribution and the fitting method used. In Figure 4, it is found that the results calculated
by the least-squares method have larger errors than others. The errors of LS-Q are larger
than LS-C and LS-N when the sample distributions are TD1 and TD4. The errors of LS-N
are larger than LS-Q and LS-C in TD2 and TD3. It is also observed in Tables 1–4 that the
maximum errors and MSE of LS-Q, LS-C, and LS-N are larger than that of MLS, RBFNN,
and WP, and the error comparison between LS-Q, LS-C, and LS-N is the same as shown in
Figure 4. The comparison between LS-Q and LS-C shows that increasing of the function
order barely improves the fitting accuracy. The comparison of results obtained with LS-N
shows the errors are larger when the sample is not −1 or 1 on the coordinate axis. It
is also shown in Tables 1–4 that the errors of LS-Q, LS-C, and LS-N in Case 1 are larger
than in Case 2. The reason is that the least-squares method requires all data to obtain the
minimum sum-of-squares errors. Therefore, the new sample for the fitting may change
the fitting function and increase the fitting error. MLS, RBFNN, and WP need the sample
near the fitting points, and the reduction of the sample may have a large influence on the
fitting accuracy.

Table 1. Maximum error and MSE for TD1.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.1427 0.0930 <1 × 10−4 <1 × 10−4 <1 × 10−4 0
Case 2 0.0996 0.0823 <1 × 10−4 <1 × 10−4 <1 × 10−4 0.0081

MSE
Case 1 0.0043 0.0019 <1 × 10−8 <1 × 10−8 <1 × 10−8 0
Case 2 0.0041 0.0024 <1 × 10−8 <1 × 10−8 <1 × 10−8 1.09 × 10−5

Table 2. Maximum error and MSE for TD2.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.1142 0.0744 0.2000 0.0008 <1 × 10−4 0
Case 2 0.0796 0.0658 0.1582 0.0108 <1 × 10−4 0.0073

MSE
Case 1 0.0028 0.0012 0.0105 2.80 × 10−7 <1 × 10−8 0
Case 2 0.0026 0.0016 0.0134 1.20 × 10−5 <1 × 10−8 7.71 × 10−6

  
(a) (b) 

Figure 4. Cont.
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(c) (d) 

  
(e) (f) 

  
(g) (h) 

Figure 4. Accuracy comparison of fitting results for (a) TD1 in Case 1, (b) TD1 in Case 2, (c) TD2 in
Case 1, (d) TD2 in Case 2, (e) TD3 in Case 1, (f) TD3 in Case 2, (g) TD4 in Case 1, and (h) TD4 in Case 2.
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Table 3. Maximum error and MSE for TD3.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.1427 0.0930 0.3566 0.0024 <1 × 10−4 01
Case 2 0.0996 0.0823 0.2511 0.0097 0.0003 0.00181

MSE
Case 1 0.0043 0.0019 0.0197 1.23 × 10−6 <1 × 10−8 0
Case 2 0.0041 0.0024 0.0161 1.34 × 10−5 <1 × 10−8 1.02 × 10−5

Table 4. Maximum error and MSE for TD4.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.2071 0.1732 0.1891 0.0016 <1 × 10−4 0
Case 2 0.1389 0.1386 0.1330 0.0593 0.0611 0.0334

MSE
Case 1 0.0046 0.0028 0.0076 6.84 × 10−7 <1 × 10−8 0
Case 2 0.0040 0.0029 0.0063 0.0002 0.0003 3.78 × 10−5

4. Calculation and Fitting for the Sample of the Damaged Ships

4.1. The Improved Smith Method

In the improved Smith method [17], the rotation of the neutral axis can be taken into
account, which makes it applicable to asymmetric hull girder, for instance, damaged hull
like the cross-section in Figure 5 under combined bending moments.

 

Figure 5. Cross section of a damaged ship.

The process for calculating the residual strength consists of 10 steps [3]:

(1) The cross section of concern is divided into different types of stiffened plate units,
plating units, and hard-corner units;

(2) For a given curvature, the stress–strain relationships for all types of units are defined
as shown in Figure 6. Then, the strain of the i-th unit is

εi(yi, zi) = ε0 + yiΦH + ziΦV , (27)

where ε0 is the strain at the origin O and ΦH and ΦV are the horizontal curvature and
vertical curvature, respectively. Then, the tangential stiffness Di can be calculated as

Di =
d fi(σ)

dε
=

Δσi
Δε

, (28)
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Figure 6. Stress–strain curve.

(3) The axial force P should satisfy

P =
N

∑
i=1

σi Ai ≡ 0, (29)

The vertical bending moment MV and the horizontal bending moment MH can be
calculated as ⎧⎪⎪⎨

⎪⎪⎩
MH =

N
∑

i=1
σiyi Ai

MV =
N
∑

i=1
σizi Ai

, (30)

where Ai is the cross-sectional area of the i-th unit;

(4) The position of point G is shown in Figure 7 and can be obtained by

⎧⎪⎪⎨
⎪⎪⎩

yG =

(
n
∑

i=1
yiDi Ai

)
/
(

n
∑

i=1
Di Ai

)

zG =

(
n
∑

i=1
ziDi Ai

)
/
(

n
∑

i=1
Di Ai

) , (31)

Figure 7. Schemes follow the same formatting.

(5) The flexural stiffness should satisfy the function

{
ΔMH
ΔMV

}
=

[
DHH DHV
DVH DVV

]{
ΔΦH
ΔΦV

}
, (32)

237



J. Mar. Sci. Eng. 2022, 10, 102

where ⎧⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎩

DHH =
N
∑

i=1
Di(yi − yG)

2 Ai

DVV =
N
∑

i=1
Di(zi − zG)

2 Ai

DHV = DVH =
N
∑

i=1
Di(yi − yG)(zi − zG)Ai

, (33)

(6) The increments of the next curvature and/or bending moment can be calculated by{
αΔMH
ΔMV

}
=

[
DHH DHV
DVH DVV

]{
ΔΦH
ΔΦ0

V

}
, (34)

(7) Increase the curvature, calculate the increment in strain and stress according to the
stress–strain curve, and then the cumulative results of bending moment, strain, and
stress of each unit can be obtained;

(8) The position of the neutral axis can be calculated with the stress and strain

ε0 + yΦH + zΦV = 0 (35)

(9) When the ultimate strength is reached, the calculation is stopped.

4.2. Distribution of the Sample of Damaged Ships

In order to compare the accuracy of these fitting methods when applied to the limit
state function, the sample of the longitudinal strength of a damaged single-hull bulk carrier
(DB) and a damaged double-hull oil tanker (DT) calculated by Fujikubo et al. [17] are
adopted. The main dimensions of the ships are shown in Table 5. The diagrammatic sketch
of the cross sections and the damage conditions are shown in Figure 8.

Table 5. The main dimensions of the ships.

Ship Parameter DB DT

L (mm) 217,000 219,000

B (mm) 32,236 32,240

D (mm) 18,300 19,900

  
(a) (b) 

Figure 8. Cross sections of (a) DB and (b) DT.

The distribution of the results for the residual strength of DB and DT are shown in
Figure 9.
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(a) (b) 

Figure 9. Distribution of sample for (a) DB and (b) DT.

4.3. Residual Strength Fitting Results for the Damaged Ships

The envelopes of bending moments of different ships or damaged cases are not
different. In order to facilitate the comparison, the vertical bending moments and horizontal
bending moments are nondimensionalized separately by the maximum vertical bending
moment and the maximum vertical bending moment, respectively. The fitting results are
shown in Figure 10. The fitting results of Case 1 and Case 2 are shown in Figure 11. The
maximum errors and MSEs are shown in Tables 6 and 7.

 
 

(a) (b) 

Figure 10. Fitting results for (a) DB and (b) DT.
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Table 6. Maximum error and MSE for TD1.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.3121 0.2944 0.4264 0.0129 0.0087 0.0000
Case 2 0.3267 0.3640 0.2209 0.0471 0.0650 0.0404

MSE
Case 1 0.0046 0.0043 0.0138 8.53 × 10−6 8.21 × 10−6 0.0000
Case 2 0.0054 0.0075 0.0072 0.0001 0.0005 0.0001

Table 7. Maximum error and MSE for TD2.

Project Case LS-Q LS-C LS-N MLS RBFNN WP

maximum error
Case 1 0.1326 0.0740 0.4658 0.0024 0.0008 0.0000
Case 2 0.1069 0.2451 0.4682 0.0700 0.0378 0.0750

MSE
Case 1 0.0026 0.0008 0.0419 1.30 × 10−6 1.66 × 10−7 0.0000
Case 2 0.0035 0.0047 0.0576 0.0008 0.0001 0.0003

It is shown in Figure 10 that the deviation between fitting curves of LS-Q, LS-C, and
LS-N and sample curves is larger than the curves of MLS, RBFNN, and WP. The fitting
accuracy of LS-Q and LS-C is poor when the sample curves have more than one inflection
point in a single quadrant, such as the curve in the second quadrant in Figure 10a, of which
y increases and then decreases near x = 0 and of which x decreases and then increases
near x = −1. The fitting accuracy of LS-N is poor when the sample curves do not pass the
points (1,0), (0,1), (−1,0), and (0,−1), such as the curve in the fourth quadrant in Figure 10b,
which is flat, vertical, and then flat with decreasing x. It depends on the function of LS-N,
and influences the curve shape and accuracy. The fitting curves of MLS, RBFNN, and WP
are near the sample curves. In Figure 11, it can be found that when y is near −1, 0 and
1, y f itting of LS-Q, LS-C, and LS-N is usually far away from the reference line, which is
disadvantageous for the assessment of the ship-hull girder residual strength under vertical
bending moments. Comparison of Case 1 and Case 2 shows that the fitting accuracy of
LS-Q, LS-C, and LS-N is also poor for the nonsample, and the fitting errors obviously
increment or reduce. Comparing Case 1 of MLS for DT, the fitting errors of Case 2 increase
when y is near 1 or −1, and the reason is that the lack of inflection point decreases the
accuracy. The fitting accuracy of RBFNN and WP is high. In Tables 6 and 7, it is shown
that the maximum error and MSE of Case 1 and Case 2 of LS-Q, LS-C, and LS-N are large
and close, but the maximum error and MSE of Case 2 of MLS, RBFNN, and WP are larger
than in Case 1. The fitting results also show that LS-Q, LS-C, and LS-N can provide the
explicit fitting functions in a single quadrant, and the fitting curves of LS-Q and LS-C are
not continuous as well as LS-N not being smooth. The fitting curves of MLS, RBFNN, and
WP are continuous and smooth, and a series of explicit fitting functions is obtained with
WP, while the implicit fitting functions are obtained with MLS and RBFNN.
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(a) (b) 

  
(c) (d) 

Figure 11. Accuracy comparison of fitting results for (a) DB in Case 1, (b) DB in Case 2, (c) DT in
Case 1, and (d) DT in Case 2.

5. Conclusions

In this study, four fitting methods and six fitting functions are applied to calculate
the fitting curves of four typical sample distributions and the longitudinal strength of two
damaged ships under combined bending moments. Based on analysis of the results, the
following conclusions are drawn:

(1) The distribution of the sample influences the fitting accuracy. When the sample curves
have multiple inflection points in a single quadrant and the curves do not pass the
points (1,0), (0,1), (−1,0), and (0,−1), the difference between the fitting curves and the
sample curves is large.

(2) The least-squares method can fit the curves with different fitting functions and all the
functions are explicit, but the fitting accuracies of the quadratic function, the cubic
function, and the nonlinear function are not satisfactory. The fitting curves of the
linear functions are not continuous, and the nonlinear functions are not smooth. The
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fitting results also show that the increase in the sample and the order of the function
has little contribution to the fitting accuracy.

(3) Application of MLS, RBFNN, and WP are more complex than the least-squares
method, but the fitting accuracy is much better. All the fitting curves are continuous
and smooth in the four quadrants, and they are able to improve the assessment
accuracy of the residual strength under pure or combined bending moments. It
can also be found that the increment of the sample has little contribution to the
fitting accuracy.

(4) The implicit fitting function can be obtained with MLS and RBFNN, and a series of
explicit fitting functions can be obtained with WP.
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Abstract: Specialized procedures to help in the emergency response situations following ship acci-
dents have been under development by the Classification Societies. Such procedures consider the
hull-girder collapse as the most important failure mode, without the possibility of crack propagation
caused by fluctuating wave loads. In the present study, the fatigue crack propagation in the main
deck of the oil tanker damaged in collision during salvage is investigated. The shape and size of
the damage are modelled using the realistic bow shape of the striking ship and historical data of
ship accidents. The stress intensity factor (SIF) across the main deck of the struck ship is calculated
numerically and by the method based on the available experimental results of the crack propagation
in the stiffened panel. Fluctuating wave–induced stresses in short-term sea conditions during salvage
are obtained by Monte Carlo simulation (MC) based on Rayleigh distribution. Cycle-by-cycle crack
propagation is calculated using Paris law. Many salvage simulations are performed to cover different
possible time-histories of the fatigue loading. Results of the analysis are presented as histogram of
the crack increase during salvage. Parametric analysis is performed to investigate the influence of
the sea state severity, initial crack size, and towing duration on the final crack size. The proposed
procedure can be considered as a part of a software tool for emergency response action during salvage
of damaged ship.

Keywords: oil tanker; collision; salvage; crack propagation; Monte Carlo simulation

1. Introduction

Research on accidental loads and the hull girder strength after collision and grounding
is nowadays one of the priorities in the field of marine structures [1]. This is particularly
the case for an oil tanker, as an accident involving this type of vessel can have disastrous
economic and environmental repercussions. To limit the escalation of accident scenarios,
the accidental limit state (ALS) is incorporated in the Harmonized Common Structural
Rules [2]. Also, specialized software to help in the emergency response actions following
marine accidents has been developing by the Classification Societies [3].

The main hypothesis of these developments has been that hull girder collapse would
occur if the hull’s maximum residual load-carrying capacity is insufficient to sustain
the maximum hull girder loads applied [4]. Dominating hull girder loads are, usually
considered, still-water bending moments that may increase as a consequence of flooding
and wave bending moments that depend on the sea states in the time of the accident and
exposure time to the sea waves [5]. Residual ultimate strength is assumed to be constant
during a rescue. A possibility of crack appearance and propagation in damaged ship
structure and consequent hull-girder failure because of the fluctuating wave loads are
rarely studied. The number of cycles relevant for fatigue failure is the number of wave
cycles encountered during the rescue of one week that could be around 60,000–80,000.
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Therefore, the fatigue failure mode of the hull-girder needs to be investigated to clarify the
relevance of the cyclic wave loading on the safety of a damaged ship structure.

Recently, the low-cycle fatigue (LCF) failure mode of a ship damaged in a collision
has been investigated [6]. The LCF corresponds to the scenario where a ship encounters
large wave amplitudes during the salvage, causing cyclic plasticity in some parts of the
damaged hull structure. The obtained results indicated that LCF is not likely failure mode
for damaged oil tankers, even for the most severe damage cases.

The crack propagation in a damaged ship caused by fluctuating stresses during rescue
is studied at the conceptual level only [7–9]. In these studies, rather simple computational
models were used that did not allow reaching a firm conclusion regarding the importance
of fatigue crack propagation. The criterion for structural failure was the residual ultimate
bending moment capacity that may be affected only by large fatigue crack. It has never
been shown by credible computations that such large crack growth during the rescue
period is feasible.

The aim of the present study is to propose the method for the fatigue crack propaga-
tion in ship damaged in collision during salvage. The present study is built upon previous
research, where damage shape and size are modelled nearly realistic, taking bow shape
and penetration depth of the striking ship into account [5,6]. Stress intensity factor (SIF)
across the main deck of the struck ship, the most important parameter in crack propagation
analysis, is determined numerically using Displacement Method and by using an expres-
sion based on the experiments of crack propagation in the stiffened panel [10]. Fluctuating
wave–induced vertical wave bending moments (VWBM) of damaged ship are calculated
by the seakeeping analysis, assuming stationary short-term sea conditions during salvage.
Crack propagation is determined by the linear elastic fracture mechanics (LEFM), using
Paris law, following recommendations of the Classification Societies for such kind of anal-
ysis [11]. Individual stress amplitudes for cycle-by-cycle crack propagation analysis are
obtained by Monte Carlo (MC) simulation. The total crack increase during the salvage
period is presented in the form of a histogram. Parametric analysis is then performed to
investigate the influence of initial crack size and towing duration on crack propagation.

The outline of the paper is as follows: the basic theoretical background of crack
propagation analysis is described firstly. The FE model of a damaged Aframax oil tanker,
loading applied, and associated boundary conditions are described in Section 2, followed
by a review of calculation methods for SIF and the procedure for cycle-by-cycle crack
propagation. In Section 3, results are presented, and parametric analysis is performed with
a modification of pertinent parameters to investigate their influence on crack propagation.
A discussion regarding some of the assumptions made in this research and suggestions for
practical implementation of the developed procedure are provided at the end of the paper.

2. Methodology

2.1. Fatigue Crack Propagation in a Damaged Ship

Fatigue crack propagation and failure assessment are based on the procedure and
expressions provided in [11]. Fatigue life calculated from the crack propagation depends
on the initial crack size, which for a ship in service can be measured during inspection
or assumed. In any case, the initial surface crack size should not be less than 1 mm [11].
Normally, small surface cracks grow with a semi-elliptical shape into the material. After
penetrating through the plate thickness, the ‘through-thickness crack’ propagates further
in the transverse direction. The length of through-thickness crack is usually more than
twice plate thickness. For a damaged ship, initial through-thickness crack size at the
irregular boundary of damage in the ship hull may only be roughly assumed. In this
study, a through-thickness crack size of 35 mm is assumed, representing the minimum
possible through-thickness crack at the damage boundary. In the parametric study, a crack
size of 70 mm is also assumed, representing a case when a larger crack appears after the
sudden damage.
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The main parameter governing the crack propagation calculation is the stress intensity
factor (SIF), K. Based on the opening displacement of the crack lips, there are three principle
crack opening modes: Mode I (tension), Mode II (shear), and Mode III (torsion) [11]. Mode
I is the most common opening mode in practice [12]. The other two modes do not occur
individually, but they may occur in combination with mode I, i.e., I-II, I-III or I-II-III.
However, the majority of apparent combined mode cases are reduced to mode I by nature
itself. This study is therefore based on Mode I only, and only SIF KI is determined herein.

The SIF range (SIFR) is a parameter related to the dynamic stress range, and it is
calculated by the following expression [13]:

ΔK = Y·Δσ
√

π·a, (1)

where Y is a geometry function, Δσ is a tensile stress range, and a is a crack size. In case
when ΔK ≥ ΔKth, the crack propagation is calculated by Paris’s law:

da
dN

= C·ΔKm, (2)

where ΔKth is a threshold of ΔK, C and m are crack propagation law parameters; constants
that depend on the material, load conditions, and corrosive environmental characteristics.

The crack growth is calculated cycle-by-cycle using the time history of stress cycles,
where stress amplitudes are generated by MC simulation. The procedure is described in
more detail in Sections 2.2 and 2.3. In addition, many such simulations are performed to
cover different order of stress application, which generally leads to different extents of
crack propagation.

2.2. Modelling of Damaged Ship Structure

The example ship used in the present study is an Aframax-class double-hull oil tanker.
The main ship particulars are presented in Table 1. The ship structure is made of mild
steel (ReH = 235 N/mm2), except for longitudinally effective deck and bottom structural
elements, which are made of high-tensile steel (ReH = 315 N/mm2).

Table 1. Main particulars of Aframax-class double hull tanker.

Dimensions Symbol Value

Length between perp. Lpp [m] 234
Breadth B [m] 40
Depth D [m] 21

Draught T [m] 14
Deadweight DWT [t] 105,000

Damage scenarios used for modelling damage shapes are described in [5,6]. Damage
scenarios are based on the historical database of ship damages and accidents. Each collision
scenario is described by non-dimensional vertical impact location (Xv/D), non-dimensional
damage penetration depth (Xb/B), striking ship length, striking ship depth, and the bow
shape of the striking ship. The FE ship model with collision damage is obtained from
the intact ship model by removing damaged finite elements [5,6]. Collision scenarios are
observed from the first contact between two ships until maximum penetration depth is
reached. If damaged during penetration, finite elements are removed. Element elimination
is done automatically by implementing the parametric striking ship model [14]. Removal of
the elements is based upon overlap between geometry of striking and struck ship. If there
is overlapping between geometry, elements (on struck model) are completely removed
regardless if they are only deformed or totally damaged. Such modelling of damage shape
is called “near realistic” and it is elaborated in detail in ref. [5,6]. More realistic approach
would be to model damage by collision simulation and then to refine deformed elements
on damage boundary for crack propagation analysis [15]. This approach is still considered
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as too complicated, especially as one of the goals of this research is to make fast calculation
of crack propagation with available tools, mainly using linear elastic fracture mechanics.
Problem of further crack initiation and bifurcation on deformed elements requires a plastic
fracture mechanics and would require extensive calculations, beyond the scope of the
present study.

A total of 50 random damage scenarios are defined in [5,6], while only one character-
istic damage case, with parameters defined in Table 2, is used in the present study.

Table 2. Parameters of the characteristic collision scenario.

Vertical
Impact Location

(XD/D)

Damage
Penetration

(XB/B)

Striking Ship
Length
(L) [m]

Striking Ship
Depth
(D) [m]

Striking Ship
Breadth
(B) [m]

0.055 0.131 258.8 22.9 41.6

A detailed description of all damage scenarios and illustrative figures are given in [6]
and therefore is not reproduced herein. The damage case described in Table 2 is considered
representative of a major collision accident as there is a rupture of the main deck, side shell,
and inner hull of the ship.

2.3. Computational Methods for Stress Intensity Factor (SIF)

FE analysis is carried out using FEMAP with NX Nastran software. During the
collision, the forecastle of the striking ship penetrates through the deck of the struck ship.
FE model of damaged struck oil tanker is shown in Figure 1.

 
Figure 1. Damaged ship; (a) top view of assumed crack location; (b) bottom view of crack propagation path between
two stiffeners.

As the concern of the present study is hull girder fatigue strength and fluctuating
stresses due to vertical wave bending moments, the main attention is given to the deck
structural area. Crack is assumed to originate at the farthest damage penetration point,
across the main deck of the struck ship, as shown in Figure 1a. Crack is pre-determined
according to the Mode I crack opening due to the symmetric boundary conditions and
loading and because this crack path has the greatest contribution on overall structural
integrity when considering vertical bending moment. For better visualization and under-
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standing Figure 1b shows detailed crack path from origin point to second stiffener. The
damaged deck section is rotated 90 degrees counterclockwise with stiffeners represented
as transparent.

The analysis of SIF is performed with refined elements along the predicted crack
propagation path, which is assumed to be in a direction perpendicular to the maximum
principal stresses. Elements around the crack tip are refined in a box-like shape. With
crack length increase, this “box” is shifted along the assumed crack path (Figures 2 and 3).
The crack opening is simulated by the unzip feature in FEMAP, removing all connections
between elements along the crack.

 

Figure 2. Crack till first stiffener.

 

Figure 3. Crack till second stiffener.
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Mesh element size in the refined model is approximately equal to the plate thickness, t,
which is the standard element size in the fatigue analysis of ship structural details. CQUAD
parabolic plate elements with four corner nodes and four mid nodes are employed for the
refinement, except around the crack tip where TRIANGLE parabolic plate elements with
three corner nodes and three mid nodes are used.

SIF calculation in a stiffened panel is generally possible through the application of
analytical, numerical, and experimental methods. All methods for calculation of SIF
attempt to somehow relate the SIF to certain physical quantities around the crack tip, such
as displacement, nodal forces, or energy release. Using FE method, SIF calculation can be
done with: (1) Displacement Method along crack face [16], (2)Weight Function Method
where SIF equals integral of the product of weight function and the distribution of stress
along assumed crack line [17], (3) Force Method which calculates forces on nodes along
a ligament at a certain distance from the crack tip [18] and (4) Griffith Energy Method or
J-integral method based on potential energy released when a crack propagates [19]. In
the present study, the analysis is carried out using FEMAP with NX Nastran software by
Displacement Method.

From the FE analysis, using the Displacement Method ΔKI is calculated according
to [16,20]:

ΔKI =
E Δyqpn

4

√
2π

r
. (3)

where E is the Young modulus, Δyqpn is the displacement of the quarter-point node in
the direction normal to the crack plane, and r is the distance from the crack tip to this
quarter-point node. Based on ΔKI from FE analysis, geometry function Y can be determined
from Equation (1) as follows:

Y =
ΔKI

Δσn·
√

πa
. (4)

Vertical bending moment is applied to the FE model (Figure 1) using the standard
assumption of linearly distributed strain along the cross-section in the vertical direction.
Bending moment is imposed on the model boundary as enforced rotation around the control
point, located at the neutral axis. The magnitude of the rotation is such that the nominal
stress across the main deck in the intact condition reads 100 MPa. Based on such defined
nominal stress range, SIFR is calculated by the described procedure using Displacement
Method and Equation (3). Then, by employing Equation (4), geometry function Y is
calculated along the crack path. The red line in Figure 4 shows the geometry function
distribution along the crack propagation path. Results for geometry function are compared
to other studies dealing with crack propagation in stiffened panels, e.g., [10,21,22], showing
the same general trend of geometry function The sharp increase of Y when the crack passes
the first stiffener is the consequence of the unrealistic assumption that the stiffener is
immediately broken at this point. The experimental investigation has been performed,
showing a smooth transition due to the partly intact stiffener over a certain time [10]. It was
proposed in [10] that crack propagation through a stiffened panel may be approximated by
crack propagation through the unstiffened plate, with a simple correction factor accounting
for the effect of stiffeners.

SIFR for crack propagation through damaged main deck may therefore be approxi-
mated as propagation through a semi-infinite plate with stiffener correction factor:

ΔKI =
2·bs·t + As

2·bs·t ·1.122 Δσn
√

π·a, (5)

where the first term represents stiffener correction factor, while 1.122 Δσn
√

π·a represents
SIFR for edge crack in semi-infinite plate [23]; bs is the distance between stiffeners; t is
plate thickness while As is a cross-sectional area of one stiffener. Stiffener dimensions are
provided in Table 3. The geometry function calculated according to Equation (5) reads 1.25.
Compared with results obtained by the Displacement Method, it is found that this value
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represents approximately a mean value of the numerically obtained geometry function,
and it is plotted as a blue line in Figure 4. This value of the geometry function is used in
the further analysis of crack propagation as it is simpler and more realistic compared to the
Y calculated by the Displacement Method.

Figure 4. Geometry function Y.

Table 3. Characteristics of the plate and T-shaped stiffener 360 × 12/140 × 22.

Parameter Value

As [m2] 0.0074
t [m] 0.0175
bs [m] 0.85

2.4. Monte-Carlo Simulation of Wave-Induced Vertical Bending Moment (VWBM)

After a collision accident, the ship is subjected to some specific constant sea states
until the salvage and rescue operation is completed. The salvage period during which the
ship is towed to a safe port may vary from a few hours to few days, depending primarily
on the location of the ship collision and weather conditions. According to Lee et al. [24],
the design requirement for the damaged ship hull is to survive for four days in mean sea
conditions. To apply the developed procedure on a ship subjected to such constant wave
conditions, a careful definition of the sea states is necessary, in terms of significant wave
height, zero crossing wave period, and wave angle. For this analysis, five different realistic
wave scenarios are selected based on the wave scatter diagram of Sea Area 16 in the North
Atlantic and Douglas sea scale [25,26]. Credible sea states for the analysis of the damaged
ship are specified in Table 4, while only head waves are considered. Standard deviation s,
for specific short-term condition, is obtained by the standard response prediction procedure
by assuming the Pierson-Moskowitz wave spectrum. Crack propagation is assumed to be
induced only by fluctuating global VWBM, while response amplitude operators (RAOs) of
VWBM are calculated by closed-form expressions developed by Jensen and Mansour [24].

251



J. Mar. Sci. Eng. 2021, 9, 737

Table 4. The significant wave height (Hs) of each sea state and its corresponding zero crossing period
(Tz) in Sea Area 16 for 4 days salvage period.

Sea State Hs [m] Tz [m] nc [cycles] s [MNm]

3 1.25 7.5 46,080 43.9
4 2.5 8 43,200 113.1
5 4 8.5 40,659 199.3
6 6 9 38,400 319.3
7 9 10 34,560 512.2

The number of wave cycles nc presented in Table 4 depends on the mean wave zero
crossing period Tz and salvage period Ts as:

nc =
Ts

Tz
. (6)

The individual amplitudes of VWBM in each load cycle are obtained by using the MC
simulation [27]. A random amplitude of VWBM in each wave cycle is simulated using the
following expression obtained from Raleigh distribution:

MVBM = s·(−2lnc)
1
2 , (7)

where c is the random number with uniform distribution in the interval [0, 1].

2.5. Analysis of Crack Propagation during a Salvage

As the results of crack propagation depend on the order of stress application, 5000
different simulations of wave cycles during the salvage period are performed. Each of the
simulations (ns) starts with the initial crack size a0. The individual amplitudes of VWBM
for each wave cycle are generated by MC simulation, as described in the previous Section,
with parameters specified in Table 4.

The nominal applied stress amplitude σnom is calculated as the ratio of VWBM gener-
ated by MC simulation and section modulus W of the ship:

σnom =
MVBM

W
, (8)

where section modulus W reads 32 m3.
Nominal stress range Δσnom is given as:

Δσnom = 2·σnom. (9)

Using Equation (2) and corresponding parameters C, m, and a0, crack propagation in
one load cycle is calculated with the following expression:

Δai
ΔNi

= C·(Yi−1·Δσnom,i·√π·ai−1)
m. (10)

For small increments during one load cycle, ΔN = 1, then crack growth Δai after one
cycle, and new crack size ai read:

Δai = C·(Yi−1·Δσnom,i·√π·ai−1)
m, (11)

ai = ai−1 + Δai. (12)

A crack will propagate with each new cycle. When a total number of VWBM cycles in
the salvage period is reached, the final crack size af is achieved. A procedure for calculation
of the crack propagation during the salvage period is implemented using the MATLAB
R2020b [28] programming language.

252



J. Mar. Sci. Eng. 2021, 9, 737

3. Results

The analysis is firstly performed for the “base case” combination of input parameters
given in Table 5.

Table 5. Parameters for the “base case”.

Parameter Value

Salvage period [days] 4
C [MPa, m] 7.27·10−11 [11]

m 3
a0 [m] 0.035

The analysis is performed for sea states from Table 4 and “base case” parameters given
in Table 5. Ship towing in head waves is assumed. Results of MC simulations for crack
propagation rate at the end of each simulation are presented as histograms in Table 5.

Figure 5 shows that the crack increase Δa for 4 days towing period is negligible except
for SS7 when Δa reads between 0.073 and 0.083 m. For all Sea states, almost symmetrical
bell-shaped histograms remained consistent. The average value and standard deviations
of crack increase Δa during towing in different sea states are provided in Table 6.

Figure 5. Cont.
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Figure 5. Histogram of 5000 simulations for each Sea state

Table 6. Mean value and standard deviation of Δa for 4 days towing period.

Sea State Mean [m] Standard Deviation [m]

3 3.7·10−5 2.7·10−7

4 4.22·10−4 3.13·10−6

5 2.26·10−3 1.82·10−5

6 1.0·10−2 9.78·10−5

7 7.8·10−2 1.53·10−3

Parametric Analysis

Parametric analysis of fatigue crack propagation by variation of salvage period and
initial crack size a0 is performed. Variation of parameters with respect to the “base case” is
given in Table 7.

Table 7. Values of parameters for parametric analysis.

Parameter Value

Salvage period [days] 7
a0 [m] 0.07

As previously mentioned, the number of cycles is dependent on salvage period Ts and
calculated by Equation (6). This is presented in Table 8.

Table 8. Number of cycles for each Sea state in Sea Area 16 for salvage period of 7 days.

Sea State nc [cycles]

3 80,640
4 75,600
5 71,153
6 67,200
7 60,480

Variation of parameters C and m have not been considered in the parametric analysis
because the literature overview showed that credible values of these parameters were lower
than the value set for the “base case”. Variation using a lower value of these parameters
would therefore result in smaller final crack lengths.
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Results of the parametric analysis are presented in Figures 6 and 7 as crack propagation
rate with the probability of exceedance of 1%, Δa (1%), for towing periods of 4 and 7 days,
respectively. The crack propagation rate corresponding to 1% probability is calculated from
the histogram. For the towing period of 4 days, there is almost no difference between crack
increase for SS 3, 4, and 5, while it is very small for SS 6. However, for SS 7, this difference
is observable, especially for a larger initial crack size of 70 mm. For the towing period of 7
days, as presented in Figure 7, crack propagation for a0 = 70 mm becomes unstable and
leads to infinity.

Figure 6. Crack propagation rate with the probability of exceedance of 1%, (Δa (1%)) for different SS
and 4 days towing period.

Figure 7. Crack propagation rate with the probability of exceedance of 1%, (Δa (1%)) for different SS
and 7 days towing period.

4. Discussion

The procedure developed in this study may be used for the rapid calculation of crack
propagation for other types of damaged ships and different damage shapes. If the FE model
of the struck ship is available in practice, a pre-defined damage scenario can be employed
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in a similar way as described in the paper. Analysis of SIF by FE method requires fine
meshing, but simplified expressions given by Equation (5) may be used as an alternative.

However, in practical application FE model may not be available, or it may be im-
practical to use in emergency response procedure, when computational and modelling
time may be the limiting factor. In that case, a 2D sectional model may be used, as, for
example, obtained by MARS software [29]. Such models are often available or can be
quickly generated. The 2D sectional model with simplified collision damage is shown in
Figure 8. A 2D sectional model enables the determination of the stress distribution in the
main deck and the assessment of the crack propagation using the procedure described in
Sections 2.2 and 2.3, where SIF, given by Equation (5), may be used.

Figure 8. 2D sectional model with simplified collision damage.

The residual ultimate strength of the ship hull damaged in a collision is usually
performed within emergency response procedure using progressive collapse analysis [3].
It is quite straightforward to extend such computation for the presence of fatigue crack
if the crack propagation analysis shows that considerable crack during salvage may be
developed. The effect of the crack on the residual strength may be simulated by deleting
cracked elements, as shown in Figure 8.

Except for residual ultimate strength, the interaction between unstable fracture and
collapse due to plastification needs to be considered using the Failure Assessment Diagram
(FAD) [11]. This global failure mode could occur before the hull girder collapse.

Crack propagation, ultimate strength, and FAD depend not only on the dynamic
(fluctuating) stress components but also on the still water stresses in a damaged condition.
If the watertight integrity is compromised, effects of flooding of both cargo and void spaces
and the corresponding oil outflow are to be considered [30]. The still water bending moment
(SWBM) is the most important still water load component that can be significantly increased
following a ship accident. In case of flooding of the cargo holds in the midship region, the
tendency is to increase sagging SWBM at midship, as the weight is added in the mid-span
of the ship hull girder. Such situation may decrease crack propagation in the main deck as
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compressive stresses would cause crack closure effect. On the contrary, tensile stresses in
the bottom shell plating may increase and consequently enhance crack propagation. This
indicates that the crack propagation in the bottom plating of a ship damaged in grounding
may be dangerous. Practical methods for modelling bottom damage are described in [31].

For the considered crack location on the main deck at side, a combination of vertical
and horizontal wave bending moment (HBM) may be considered as the critical load
situation. If a damaged ship is found in quartering seas, the ratio of HBM to VWBM
could be as large as 1.73 [32]. Even if the wave loading is only in the vertical plane, the
presence of collision damage makes the ship hull structure asymmetrical and introduces
asymmetrical bending loads. The neutral axis rotates and moves away from the damaged
area [33]. These effects of the increase of stresses caused by combined bending moments
are not considered herein.

The act of collision is complex, generating excessive deformation and residual stresses
in the damaged area of the ship hull. Large plastification and bent plates are observed in
the structures damaged by collision. This affects the initiation and propagation of cracks
in a way that the prediction of cracks emanating from the damaged area is extremely
difficult and uncertain. Experimental work and development of the numerical simulation
of crashworthiness could help to resolve this issue in the future [15]. In the present study,
however, the effect of large deformations around the damage opening is not considered. It
should be mentioned that linear elastic fracture mechanics (LEFM) is used in the study, and
plasticity zones resulting from the overload effect around crack tip are neglected, although
according to [11], it plays a large role in the determination of the SIF. A closure effect from
the plastic zone can reduce the SIF. The crack propagation rate decrease due to overloads
is a very complex issue, and though it can provide somewhat safer results regarding the
crack propagation analysis, it is typically not considered.

Only crack propagation in Mode I is considered herein that also deserves discussion.
There are few reasons to consider only crack propagation in Mode I when calculating SIF.
Firstly, shear stress in this specific case are rather small since the structural damage and
fatigue loading are assumed as a symmetrical. This is a consequence of the assumption that
the collision is perpendicular, i.e., that the striking and struck ship are at the right angle
during the accident. Secondly, the analysis is in the first place intended for the analysis
of the ultimate residual strength of damaged ship. For such an analysis, perpendicular
crack, progressing in Mode I represent the “worst case” scenario. Finally, considering crack
deflection because of Mode II and Mode III would introduce considerable complexity to
the analysis.

Because of the damage shape complexity, there are many potential crack initiation
locations. Consequently, multiple cracks could develop simultaneously, which could lead
to the growth of the correlated cracks [34]. Such considerations are outside the scope of the
present work.

Another aspect deserving attention is the consequences of the corrosion on the crack
propagation. To get the impression of the corrosion influence, additional analysis is
performed. The nominal stress range caused by fluctuating wave loads is increased by
10% because of the thickness diminution caused by the corrosion. This is a conservative
assumption, as the section modulus for ship in service is normally reduced by less than 10%.
Namely, the International Association of Classification Societies (IACS) requires keeping
the longitudinal strength of an aging ship at the level higher than 90% of the initial state of
the new building [35]. Other parameters in this study are taken as for the “base case” given
in Table 5. Results of the analysis performed for each SS and for an initial crack size of 35
mm are shown in Figure 9 and Table 9. Significant increase of crack propagation because of
corrosion can be noticed for higher sea states. Thus, the Δa (1%) is increased for SS 6 and
SS 7 by 43% and 126%, respectively.
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Figure 9. Comparison of crack propagation rate with probability of exceedance of 1%, (Δa (1%)) for
each Sea state and 4 days towing period, as-built and corroded condition.

Table 9. Increase rate of probability of exceedance Δa (1%) due to corrosion.

Sea State
as-Built Corrosion

Increase
Δa (1%)

[m]
Δa (1%)

[m]

3 3.77·10−5 5.01·10−5 33%
4 4.29·10−4 5.74·10−4 33.8%
5 2.30·10−3 3.11·10−3 35.2%
6 1.04·10−2 1.49·10−2 43.6%
7 8.21·10−2 1.86·10−1 126.6%

During rescue operations, sea conditions are not constant, especially for longer dura-
tion salvage instances. In such cases, it would be necessary to split total rescue duration
in intervals with constant sea state properties. Crack propagation analysis could then be
performed in principally same way as described herein. It should be mentioned that order
of appearance of sea states is important, as the crack propagation is basically a non-linear
process.

5. Conclusions

A method is proposed for the improvement of the emergency response prediction in
case of a ship damaged in a collision, considering crack propagation caused by fluctuating
wave loads during the salvage period. The shape and size of the damage are modelled
using historical data of ship accidents. The crack propagation is based on the Paris law,
while the stress intensity factor (SIF) is calculated both numerically and based on published
experimental results on stiffened panels. Many Monte Carlo simulations are performed to
cover different time-histories of the fatigue loading during salvage. Results of the analysis
are presented as a histogram of the crack increase, where the influence of the variability
of loading history is not found as very important. Parametric analysis is performed to
investigate the effect of the sea state severity, initial crack size, and towing duration.
Obtained results indicate that crack propagation can be significant for the Sea state 7,
according to the Douglas scale (Hs = 9 m), and that crack may even become unstable for
large initial crack size and long towing period. In case of damage of an aged ship, the crack
could propagate faster because of the corrosion.
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The proposed procedure is intended as a starting point for the improvement of a
software tool for emergency response action during the salvage of damaged ships. Ideally,
2D sectional model of the ship hull could be used within such procedure. The influence of
crack propagation on the residual ultimate strength of a damaged ship can be assessed using
the progressive collapse analysis method, while the unstable fracture and collapse due
to plastification could be investigated using the failure assessment diagram. However, it
should be mentioned that further theoretical and experimental developments are necessary
to model more realistically collision damage and post-accidental behavior of damaged
structure regarding crack initiation and propagation.
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6. Gledić, I.; Parunov, J.; Prebeg, P.; Ćorak, M. Low-cycle fatigue of ship hull damaged in collision. Eng. Fail. Anal. 2019, 96, 436–454.

[CrossRef]
7. Kwon, S.; Vassalos, D.; Mermiris, G. Adopting a risk-based design methodology for flooding survivability and structural integrity

in collision/grounding accidents. In Proceedings of the 11th International Ship Stability Workshop, Wageningen, The Netherlands,
21–23 June 2010; pp. 1–8.

8. Sasa, K.; Incecik, A. New Evaluation on ship strength from the view point of stranded casualties in coastal areas under rough
water. In Proceedings of the 28th International Conference on Ocean, Offshore and Arctic Engineering (OMAE), Honolulu, HI,
USA, 31 May–5 June 2009; pp. 43–50.

9. Bardetsky, A. Fracture mechanics approach to assess the progressive structural failure of a damaged ship. In Collision and
Grounding of Ships and Offshore Structures; Amdahl, J., Ehlers, S., Leira, B.J., Eds.; Taylor & Francis Group: London, UK, 2013; pp.
77–84.

10. Fricke, W.; Petershagen, H. Fatigue crack propagation in plate panels with welded stiffeners. In Proceedings of the Annual
Assembly of International Institute of Welding, Hobart, Australia, July 1988; Volume: IIW-Doc. XIII-1272-88.

11. Bureau Veritas. Guidelines for Fatigue Assessment of Steel Ships and Offshore Units; Guidance Note NI 611 DT R00 E; Bureau Veritas:
Neuilly sur Seine Cedex, France, 2016.

12. Broek, D. The Practical Use of Fracture Mechanics; Kluwer Academic Publishers: Dordrecht, The Netherlands, 1989; pp. 1–20.

259



J. Mar. Sci. Eng. 2021, 9, 737

13. British Standard. Guide to Methods for Assessing the Acceptability of Flaws in Metallic Structures BS 7910; British Standards Institution:
London, UK, 2005.

14. Lützen, M. Ship Collision Damage. Ph.D. Thesis, Department of Mechanical Engineering, Technical University of Denmark, Kgs.
Lyngby, Denmark, 2001.

15. Ringsberg, J.; Amdahl, J.; Chen, B.; Cho, S.; Ehlers, S.; Hu, Z.; Kubiczek, J.M.; Kõrgesaar, M.; Liu, B.; Marinatos, J.N.; et al.
MARSTRUCT benchmark study on nonlinear FE simulation of an experiment of an indenter impact with a ship side-shell
structure. Mar. Struct. 2018, 59, 142–157. [CrossRef]

16. Guinea, V.G.; Planas, J.; Elices, M. KI evaluation by the displacement extrapolation technique. Eng. Fract. Mech. 2000, 66, 243–255.
[CrossRef]

17. Carroll, L.B.; Tiku, S.; Dinovitzer, A.S. Rapid Stress Intensity Factor Solution Estimation for Ship Structure Applications (SSC-429); Ship
Structure Committee: Washington, DC, USA, 2003.

18. De Morais, A. Calculation of stress intensity factors by the force method. Eng. Fract. Mech. 2007, 74, 739–750. [CrossRef]
19. Han, Q.; Wang, Y.; Yin, Y.; Wang, D. Determination of stress intensity factor for mode I fatigue crack based on finite element

analysis. Eng. Fract. Mech. 2015, 138, 118–126. [CrossRef]
20. Laird II, G.; Epstein, S.J. Fracture mechanics and finite element analysis. Mech. Eng. 1992, 114, 69–73.
21. Dexter, R.J.; Pilarski, P.J. Crack Propagation in Welded Stiffened Panels. J. Constr. Steel Res. 2002, 58, 1081–1102. [CrossRef]
22. Dexter, R.J.; Mahmoud, H.N.; Pilarski, P. Propagation of Long Cracks in Stiffened Box-sections under Bending and Stiffened

Single Panels under Axial Tension. Int. J. Steel Struct. 2005, 5, 181–188.
23. Rooke, D.P.; Baratta, F.I.; Cartwright, D.J. Simple methods of determining stress intensity factors. Eng. Fract. Mech. 1981, 14,

397–426. [CrossRef]
24. Jensen, J.J.; Mansour, A.E. Estimation of Ship Long-Term Wave-Induced Bending Moment Using Closed-Form Expressions. R.

Inst. Nav. Archit. 2002, W291, 41–55.
25. Lee, Y.; Chan, H.S.; Pu, Y.; Incecik, A.; Dow, R.S. Global wave loads on damaged ship. Ships Offshore Struct. 2012, 7, 237–268.

[CrossRef]
26. Sun, F.; Pu, Y.; Chan, H.S.; Dow, R.S.; Shahid, M.; Das, P.K. Reliability-Based Performance Assessment of Damaged Ships; Ship Structure

Committee Report No. 459; Ship Structure Committee: Washington DC, USA, 2011.
27. Chen, N.Z. A stop-hole method for marine and offshore structures. Int. J. Fatigue 2016, 88, 49–57. [CrossRef]
28. MathWorks (Matlab Documentation). Available online: http:/www.mathworks.com/help/index.html (accessed on 8 June 2021).
29. MARS. User’s Manual; Bureau Veritas: Paris, France, 2020.
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Abstract: This paper presents an approach for the model estimating the probabilistic percent corrosion
depth for inner bottom plates of fuel oil tanks located in the double bottom of aging bulk carriers.
Assuming that corrosion begins after four years of exploitation, a statistical approach to investigations
on the ratio of the corrosion rate and the average initial inner bottom plate’s thickness of considered
bulk carriers is given. We consider this ratio to be a random variable since it is included in the usual
linear corrosion model. By applying adequate statistical tests to the available empirical dataset,
three best fitted three-parameter distributions for estimating the cumulative density function and
the probability density function of the random variable were obtained. These three distributions
were further used to estimate the studied percentage of corrosion depth. Lastly, we present the
corresponding numerical and graphical results concerning the obtained statistical and empirical
results and give concluding remarks.

Keywords: bulk carrier; fuel oil tanks; inner bottom plates; corrosion rate; percentage of corrosion
depth; probabilistic method; three-parameter distribution

1. Introduction

Corrosion is one of the most frequent degradation mechanisms that affects ship hulls as they
age. Although there are numerous types of corrosion, such as galvanic corrosion, fretting corrosion,
bio-corrosion, and pitting corrosion, the most widespread type that damages ship hull structures
is general corrosion. The long periods of exploitation include operations with cargo. Additionally,
the influential factors of the environment and maintenance all affect the corrosion rate over time. A high
intensity of corrosion causes a faster wear of structural parts and requires a significant investment in
maintenance. The maintenance and repairs delay the usage of ships, increase the expenses, and shorten
the life expectancy of ships.

Previous studies have mainly focused on tankers, bulk carriers, and ships considered to be the
most susceptible to the rapid decay caused by corrosion. Moreover, previously conducted research has
been based on the analysis of corrosion mechanisms [1–3], influential factors of the environment [2,4–6],
and the decay of particular structural parts of bulk carriers [4,7–14].

The findings reported so far have multiple benefits for shipbuilders, ship repair yards, ship
owners, ship management companies, insurance companies, and classification societies. The quality
standards and allowable wear limits are important for all stakeholders since each of the them has a
specific role in the process of shipbuilding and exploitation.

J. Mar. Sci. Eng. 2020, 8, 442; doi:10.3390/jmse8060442 www.mdpi.com/journal/jmse
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Ship designers aim to create optimal ships with a flawless performance, and shipbuilders attempt to
ensure a high quality of built-in materials, devices, and the services of suppliers and other stakeholders.
The research conducted so far has investigated corrosion mechanisms over time in order to predict
the corrosion margin that should be considered during the construction of steel plates. Furthermore,
ship owners want to use their ships for a long period of time and postpone potential repairs and
replacements of corroded surfaces. This can be achieved by choosing an appropriate maintenance
method, which can significantly contribute to slowing down the corrosion process and reducing the
number of repairs. Moreover, higher quality steels and adequate painting surface protection delay
initial corrosion, which significantly extends the life cycle of steel ship structures. In this sense, the rules
of classification societies regarding further exploitation and the usage of corroded surfaces represent a
limiting factor. The rules clearly define the types of wastage of structural parts or entire structural areas.

This paper is organized in the following way. Section 2 explains the motivation for this study and
relies on a survey investigating the analytic and probabilistic corrosion rate estimation models in relation
to ship hull structures. The primary focus is the investigation of corrosion wastage of the inner bottom
plates of bulk carriers. Additionally, the same section presents the data collection methods, a brief
description of the input data set, and the probabilistic method developed in this study. The purposefully
developed probabilistic model is a modified version of a frequently used linear probabilistic model
that has been employed in previous studies and in our recent works [14–16]. In relation to this model,
Section 3 describes the application of the statistical tests that introduced three best fitted three-parameter
continuous distributions for the random variable c1

d0
into the considered class consisting of numerous

three-parameter continuous distributions. Section 4 presents concluding remarks.

2. Materials and Methods

Currently, all stakeholders in the maritime industry are primarily concerned about the sustainability
of ships in exploitation and the protection of the environment. However, the attitudes regarding
ship sustainability vary among stakeholders. For example, ship owners and managers require the
maximum exploitation of ships, while classification societies and flag states require compliance with
the defined standards aimed at protecting people, material goods, and the environment. Likewise,
in order to assess the need for repair and partial or complete replacement of the parts that are damaged
by corrosion, classification societies analyze the allowed wear expressed as a percentage in relation
to the original thickness of steel plates. A less significant wear percentage indicates minor corrosion
and a longer period of exploitation, while excessive wear indicates notable corrosion and requires the
replacement of a greater number of corroded surfaces. Classification societies prescribe allowable
wear limits that ensure optimal security and protection of the environment, while ship owners want
to maximally exploit their ships, up to the limits defined, with an intention to reduce the cost of
maintenance and repairs.

Previous studies have examined the different types of corrosion such as general, pitting, cavitation,
and galvanic corrosion. General corrosion was researched in relation to a reduction in the thickness
of steel plates and expressed as the millimeters of wear [4,6,7,14,16]. Additionally, the thickness
reduction caused by the pitting corrosion of steel plates has been analyzed in terms of the thickness
wear percentage. Most authors have employed an analytic and probabilistic method to determine
the millimeters of wear [12–17]. However, this paper established a corresponding methodology that
suggested the best distributions for assessing the wear percentage of steel plates from a probabilistic
and statistical perspective.

Monitoring the condition of ships in exploitation detected the beginning of corrosion. Based on
previous research and the observation of an extensive database, it was assumed that the corrosion
of susceptible areas starts after several years of exploitation [6,14,16] while, in less sensitive areas,
the beginning of corrosion is postponed. For instance, some authors have assumed that corrosion
starts after more than five years after construction (see References [10,11] where deck plates and ballast
tanks are considered).
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Previous research [12–14,16] has confirmed that inner bottom plates are significantly influenced
by various factors that affect the rapid decay of plates. Regarding this, one side of the inner bottom
plates was exposed to ballast water, dry space, and fuel oil tanks, while the other side was affected
by cargo. More precisely, inner bottom plates were in constant contact with cargo in cargo holds and
under the influence of handling equipment and maintenance processes such as cleaning before and
after cargo operations. Therefore, this paper focuses on the plates constituting the parts of fuel oil
tanks. Since fuel oil tanks become warm over time, the emergence of corrosion is naturally faster and
requires early maintenance and repairs. This motivated research on corrosion rates expressed as the
percentage of metal thickness reduction in relation to the original thickness.

In this regard, assuming that corrosion starts after four years of ship exploitation, this paper
proposed a probabilistic method for estimating the corrosion depth percentage. The point at which the
total wear reached 10% of the entire structural area of the fuel oil tank sheets was determined based
on the estimations made and corresponded to the regulations. According to the estimations made,
the structural area examined cannot be used throughout the 25 years of the projected life expectancy
of ships.

2.1. Data Collecting Methodology

This research examined bulk carriers whose age varied between five and twenty-five years.
Since previous research has proven that inner bottom plates and the bottom of cargo holds are the
most susceptible to decay caused by corrosion, this study focused on the steel plates of fuel oil tanks.
The steel plates are the sheets of fuel oil tanks and subsidiary cargo holds. Consequently, steel plates
are exposed to different influences—ower sides are affected by warm fuel, while upper sides are under
the influence of the atmosphere (if cargo holds are empty) or cargo (if cargo holds are full).

This research encompasses both sides of fuel oil tanks—the portside (P) and starboard (S) side.
The data were collected by means of special surveys and regular measurements of each bulk carrier.
The data obtained indicated the general corrosive decay expressed as the percentage of the reduction
in the original steel thickness. The database does not include the damage caused by damages, cracks,
or stress.

Since the fuel is located in the oil tanks (which are below inner bottom plates) in all bulk carriers,
examined corrosion emerges from cargo holds, i.e., affects the top of sheets. The measuring of the
thickness reduction was performed for cargo holds, but not for oil tanks.

Measuring ship hull structures required compliance with special procedures and standards with
the aim of estimating a real condition of all structural parts. Although each special survey required
the measuring of all structural elements of bulk carrier construction that are in contact with the sea,
atmosphere, and cargo, this paper focused on the measured data regarding the wear of the sheets of
fuel oil tanks located in double bottom areas. These steel plates are the inner bottom plates of cargo
holds. Since the amount of measured data is precisely defined by classification societies, we selected
the data in accordance with a predetermined order. Measuring the examined area only represents part
of the extensive measuring of ships in exploitation. The selection included the data that objectively
presented the condition of the structural area. In this sense, with a view toward ensuring a proper data
analysis, this paper examined each sheet of fuel oil tanks as a separately measured surface. Each surface
was transversally and longitudinally intersected by tin extending along the entire sheets of the double
bottom of cargo holds.

The length of each fuel oil tank corresponded to the length of a cargo hold, except in three cases,
when the lengths of fuel oil tanks equaled double the length of cargo holds. For that reason, only three
tanks were in the way of two cargo holds and had 10 cross sections considered in this research. Each fuel
oil tank in the way of a cargo hold was divided into five sections: two sections for after and before
ends, and three sections at equal mutual distances in the middle, between the ends of tanks (Figure 1).
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Figure 1. Collecting data scheme for inner bottom plates in the way of fuel oil tanks.

Each cross section included one measured point on each tin transversal on the fuel oil tanks
that were included in the section, and is represented by an average value of the section. In this way,
the average value of the section wear percentage represents several measured points. This established
a database containing a total of 570 sections, which indicated the wear percentage of each section,
i.e., the wear of inner bottom plates in relation to the original thickness of fuel oil tanks on the bulk
carriers examined.

Considering that corrosion begins after four years of exploitation and in accordance with the
statistical, graphical, and obtained numerical results, it can be assumed that three three-parameter
continuous distributions are suitable for a probabilistic model for estimating the corrosion depth
percentage of inner bottom plates of bulk carriers. The estimation concerned the percentage of thickness
reduction of built-in structure plates of fuel oil tanks. Statistical tests confirmed this assumption with a
high precision.

2.2. A Brief Description of the Input Data Set

As previously indicated, this paper only analyzed bulk carriers whose decay is, over time, caused
by general corrosion and expressed as the percentage of the wear of steel plates. Based on previous
research conducted by the authors of this paper [14,16,17], the examined database included 25 bulk
carriers in exploitation whose age varied between five and twenty-five years. The measured data were
gathered between 2005 and 2017, where certain bulk carriers were measured three times and others only
once in special surveys. The analysis focused on four ships whose age was between five and ten years,
seven ships that were 15 years old, 13 ships that were 20 years old, and 10 ships that were 25 years old.
The measurements were conducted through 38 different special surveys, which established an input
database for further analysis. Table 1 exhibits the database analyzed, including the number of ships in
relation to their age, and the number of special surveys, fuel oil tanks, measured points, and sections
examined. The last column of Table 1 presents the average values of wear, depending on the age
intervals of the ships. A total of 110 fuel oil tanks were examined through 2810 measured points and
570 sections.

2.3. The Proposed Problem and Related Methodology

For a good survey of investigations of the analytic and probabilistic corrosion rate estimation
model for different hull structural elements of bulk carriers, see the survey paper by Qin and Cui [18].
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It is known that the corrosion wastage, d(t) (at moment t), may be generally expressed as a power
function of time (usually expressed in years) after the corrosion starts [18,19], i.e.,

d(t) = c1(t− Tcl)
c2 . (1)

where d(t) is the corrosion wastage, t is the elapsed time after the plate is used, Tcl is the life of
the coating, and c1 and c2 are positive real coefficients. As noticed in Reference [18], in most of the
related studies on the time-dependent reliability of ship structures [20–24], the effect of corrosion was
represented by an uncertain but constant corrosion rate, which resulted in a linear decrease of plate
thickness with time. Accordingly, for the subject of research of this paper, we use expression (1) with
c2 = 1 proposed by Paik, Kim, and Lee [4], and a related linear corrosion model is defined as

d(t) = c1(t− Tcl), (2)

where c1 is the corrosion rate, usually expressed in mm/year.

Table 1. A database of the percentage of thickness reduction of inner bottom plates.

The Age of
Ships (Years)

The Number
of Ship
Surveys

The Number
of Tanks

The Number
of Measured

Points

The Number
of Sections

The Average Values of
Plate Thickness

Reduction Caused by
Corrosion (%)

0–5 4 9 230 45 0.5

5–10 4 10 266 55 2.8

10–15 7 19 500 100 9.8

15–20 13 43 998 220 11.7

20–25 10 29 816 150 17.7

SUM: 38 110 2810 570

In the case of the investigation of the corrosion wastage of an arbitrary structural area of a group
of bulk carriers, it can be of interest to estimate a percentage, p(t) of corrosion wastage with respect to
the average initial bulk carriers’ structural area thickness. More precisely, if we denote the average
initial structural area of the considered group of bulk carriers by d0, then it is natural to define a related
value of p(t) as:

p(t) =
d(t)

d0
(with t > Tcl). (3)

Dividing Equation (2) by d0, we can obtain the following.

p(t) =
d(t)

d0
=

c1

d0
(t− Tcl ) (with t > Tcl). (4)

Since the effect of corrosion is generally of an uncertain nature, the coefficient c1 can be considered
as a continuous random variable. Since d0 is a real constant, this is also true for the ratio c1

d0
.

Hence, the determination of the values p(t) is closely related to the probabilistic estimation of a
continuous random variable c1

d0
for determining the best fitted three-parameter continuous distributions

for the probability density function (PDF) and the cumulative density function (CDF) for c1

d0
. To the best

of our knowledge, three-parameter continuous distributions have very rarely been considered in related
literature. Very recently, in Reference [25], the suggested theoretical distribution for a related initial
distribution approach is the three-parameter-Weibull distribution. Applying a Kolmogorov-Smirnov
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test, the probabilistic estimation model for the random variable c1

d0
and related applications are given

in the next section.

3. Results

Assuming that corrosion starts after four years of exploitation and, based on the application of
Equation (2) from Section 2.3, this section proposes a probabilistic method for estimating the random
variable c1

d0
that was defined in Section 2.3 for the inner bottom plates of the investigated fuel oil

tanks on 38 aging bulk carriers. Namely, the section suggests a statistical approach to approximating
the CDF of the variable c1

d0
. The relevant estimations were only detected among three-parameter

continuous distributions, which defined the three best-fitted distributions for the random variable c1

d0
.

Expression (4) where Tcl = 4, i.e.,
c1

d0
=

d(t)

(t− 4)d0
(5)

was used for these purposes.
Figure 2 presents a total of 570 measurements of plate thickness expressed as the percentage of

the reduction of the original thickness due to corrosion on the inner bottom plates of 38 ships surveyed.
The data set includes all measured points from each plate in corresponding transversal sections.
The following text presents different multi-parameter functions that were validated by corresponding
tests. Based on the tests considered, the paper analyzes the average values of the obtained parameters
in order to determine the linear dependence of the values examined and the point at which the average
values exceeded the allowable limits defined by classification societies.

 
Figure 2. The data of 570 thickness measurements of inner bottom plates obtained through
38 ship surveys.

3.1. Appropriate Statistical Analysis Related to Measurements of Inner Bottom Plates

Table 2 presents the numerical characteristics of 465 empirical data that are expressed as the
percentage of corrosion wastage and examined in this paper. Table 2 contains the standard statistical
parameters that describe the empirical data (first and third quartiles are denoted as Q1 and Q3
respectively). These parameters describe the shape of the data as well as some of the related percentiles.
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Table 2. The descriptive statistics of the empirical data for Tcl = 4 years.

Statistic Value Percentile Value

Sample Size 465 Min 0.00129

Range 0.02041 5% 0.00197

Mean 0.00788 10% 0.00284

Variance 1.5617 × 10-5 25% (Q1) 0.00448

Standard Deviation 0.00395 50% (Median) 0.00746

Coefficient of Variation 0.5017 75% (Q3) 0.01111

Standard Error 1.8326 × 10-4 90% 0.01336

Skewness 0.22245 95% 0.01424

Excess Kurtosis −0.83477 Max 0.0217

As previously indicated, a total of 570 measurements of corrosion wear were performed in the
structural area of inner bottom plates (IBP) of bulk carriers and all obtained values are expressed
as millimeters. The papers by Ivošević et al. [14] and Ivošević et al. [16] examined the same dataset
consisting of 570 measured data on plate thickness reduction due to the corrosion of IBP (i.e., related
values d(t) on the depth of corrosion, expressed as millimeters), which were measurements carried out
on 38 bulk carriers. It is known that, for practical reasons, a difference between the measured steal
thickness and initial thickness of less than 0.3 mm can be considered negligibly small (no corrosion due
to steel under the paint), and, hence, those measurements were eliminated from our further statistical
analysis. In this sense, the database relevant for the paper consists of 465 measurements on the corrosive
wear of the IBP area. This section statistically analyzes the corrosion wear of steel plates expressed
as the wear percentage in relation to the average values of the original thickness of inner bottom
plates. Therefore, the 465 sets of data expressed as millimeters were first converted into equivalent
percentages. Since the initially measured steel wear caused by corrosion was measured in millimeters,

the examined data set had to be expressed as a percentage, i.e., as the ratio ( d(t)
d0

) of corrosion wear at a

particular moment t (d(t)) to the original thickness of inner bottom plates (d0) (see Section 2.3). The IBP
area was constructed of steel plates whose thickness varied. For the purposes of further analysis, the
steel plates were grouped into the following categories, depending on the original thickness: [16,17],
[17,18], [18,19], [19,20], [20,21], [21,22], [22,23] (where all values are expressed as mm). The ordinal
numbers of intervals are denoted by i, where i ∈ {1, 2, . . . , 7}, and the average value of an interval is
denoted by di, where di ∈ {16.5, 17.5, 18.5, 19.5, 20.5, 21.5, 22.5}. Since the original thickness of the steel
examined was considered when measuring, the entire data set (i.e., all measured points) can be related
to one of the previously formed intervals. In this way, it is possible to determine the total number of
points that belong to the formed interval i (i ∈ {1, 2, . . . , 7}). The average value of the original thickness
of inner bottom plates (d0) was calculated in accordance with the grouped data in the following way.

d0 =
1
N

7∑
i=1

din(di) (6)

where n(di) denotes the frequency of di (i ∈ {1, 2, . . . , 7}).
Since N is the total number of samples (measured points) based on the dataset used for the

statistical analysis, the calculated value of the original average thickness is d0 = 18.43455 mm. Taking
into account the average value obtained for the original thickness of inner bottom plates (d0), the data
expressed as mm were easily converted into a percentage. A probabilistic model that can describe
the wear percentage caused by corrosion of the steel plates of the IBP was developed based on the
percentage data listed in Table 2. An initial assumption in the development of this model was that
Tcl = 4 years and that the ratio c1

d0
is a continuous random variable (see Section 2.3).
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The fitting of theoretical distributions based on a set of empirical data includes three basic phases.

1. The choice of an adequate model, i.e., the choice of optimal theoretical distributions,
2. The determination of the optimal values for the parameters that characterize

theoretical distributions,
3. The determination of the significance level and the quality of the distributions fitted.

Each theoretical distribution depends on the set of initial parameters that describe its characteristics.
The most frequent parameters of theoretical distributions are the location, scale, shape, and threshold
parameters. The location parameter describes the position of the graph of the theoretical distribution in
relation to the horizontal axis (x-axis). The scale parameter defines the degree of dispersion. The shape
parameter describes the tendency of a distribution to skew to the left, while the threshold parameter
describes the lowest value that a distribution reaches in relation to the x-axis. A distribution does not
necessarily have all the parameters listed. There are two-parameter and multi-parameter distributions.

This paper focuses on the theoretical distributions that are characterized by three parameters,
i.e., three-parameter distributions. The optimal set of parameters that characterizes relevant
distributions should be determined during the distribution fitting process in order to determine
the best distributions that adequately describe the set of empirical percentage data. For this purpose,
this paper relies on the maximum likelihood estimation method (e.g., see Hays, [26]), which is
one of the most commonly used methods for determining the unknown parameters of theoretical
distributions. This method is based on a procedure that detects the parameters that maximize the
likelihood of the observed data that occur with respect to a theoretical model. In order to determine
the goodness of fit (e.g., see Stephens, [27]), the last phase applies the Kolmogorov–Smirnov test.
This test compares empirical and theoretical models by computing the maximum absolute difference
between empirical and theoretical distribution functions. The first column of Table 3 exhibits an
overview of the most prominent three-parameter distributions that successfully fit into the set of the
465 empirical data previously described. The second column of Table 3 presents the parameters that
describe each theoretical distribution, along with the values obtained by means of the maximum
likelihood estimation method. The theoretical distributions in Table 3 are not sorted in accordance
with the goodness of fit, but in alphabetical order.

Table 3. Fitted three-parameter distributions of c1

d0
for IBP where Tcl = 4 years.

Distribution Parameters

Burr k = 4.2273E + 13 α = 0.93196 β = 3.4010x1012

Dagum k = 0.08817 α = 15.238 β = 0.01399

Erlang m = 7 β = 0.0016 γ = −0.00262

Error k = 4.1549 σ = 0.00395 μ = 0.00788

Fatigue Life α = 0.21019 β = 0.01867 γ = −0.0112

Frechet α = 1.0402E + 8 β = 3.4816x105 γ = −3.4816x105

Gamma α = 6.5552 β = 0.0016 γ = −0.00262

Gen. Extreme Value k = −0.1979 σ = 0.00381 μ = 0.00631

Gen. Gamma k = 0.94793 α = 3.6606 β = 0.00198

Gen. Logistic k = 0.04888 σ = 0.00226 μ = 0.00769

Gen. Pareto k = −0.81361 σ = 0.01158 μ = 0.00149

Inv. Gaussian λ = 0.45761 μ = 0.0195 γ = −0.01163

Log-Logistic α = 7.6305 β = 0.01799 γ = −0.01047

Log-Pearson3 α = 6.1211 β = −0.2504 γ = −3.4722

Lognormal σ = 0.18192 μ = −3.8403 γ = −0.01397

Pearson 5 α = 57.607 β = 1.6874 γ = −0.02194

Pearson 6 α 1 = 3.4686 α 2 = 6330.4 β = 14.369

Pert m = 0.00571 a = 7.0282x10−4 b = 0.0232

Power Function α = 0.57172 a = 0.00129 b = 0.0217

Triangular m = 0.00129 a = 0.00128 b = 0.02175

Weibull α = 1.9729 β = 0.00845 γ = 3.8091x10−4
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All three-parameter distributions were rated based on the Kolmogorov–Smirnov test, which
identified the three best fitted three-parameter distributions, i.e., the three distributions that best
described the empirical data of the percentage of corrosion wear. Based on the distribution of the
random variable c1

d0
for IBP where Tcl = 4 years, the Kolmogorov–Smirnov test indicated that the

three best fitted three-parameter distributions were Generalized Pareto, Error, and Log-Pearson 3.
These three distributions and corresponding fitted parameters are presented in Table 4.

Table 4. The three best fitted three-parameter distributions of c1

d0
for IBP with Tcl = 4 years.

Distribution Parameters

Gen. Pareto k = −0.8 σ = 0.01 μ = 0.00149

Error k = 7.0 σ = 0.08 μ = 0.16

Log-Pearson 3 α = 5.7 β = −0.26 γ = −0.54

The second column of Table 4 shows the parameters and corresponding values that characterize
the best fitted three-parameter distributions. These parameters are defined as follows.

(1) For the Generalized Pareto distribution:
k—continuous shape parameter (−∞ < σ < +∞);
σ—continuous scale parameter (0 < σ < +∞);
μ—continuous location parameter (−∞ < μ < +∞).
The PDF, fGP(x), of the Generalized Pareto distribution with its domain −∞ < x ≤ μwhen k ≥ μ

and μ ≤ x ≤ μ− ρ/k when k < 0 is defined as:

fGP(x) =
1
σ

(
1 +

k(x− μ)
ρ

)−( 1
ξ−1)

(7)

The CDF of the Generalized Pareto distribution, FGP(x), is defined as:

FGP(x) =

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
1−

(
1 + k (x−μ)

σ

)−1/k
k � 0

1− exp
(
− (x−μ)

σ

)
k = 0

(8)

(2) For the Error distribution:
k—continuous shape parameter,
σ—continuous scale parameter (σ > 0),
μ—continuous location parameter.
The PDF, fE(x), of the Error Distribution for its domain −∞ < x < +∞ is defined as:

fE(z) =
c1

σ
exp(−|c0z|k) (9)

where c0 =
(

Γ( 3
k )

Γ( 1
k )

)1/2
, c1 = kc0

2Γ( 1
k )

, and z =
x−μ
σ .

The CDF, FE(x), of the Error Distribution for its domain −∞ < x < +∞ is defined as:

FE(x) = 0.5

⎛⎜⎜⎜⎜⎝1 +
Γ|c0xk |(1/k)

Γ(1/k)

⎞⎟⎟⎟⎟⎠when x ≥ μ, and (10)

FE(x) = 0.5

⎛⎜⎜⎜⎜⎝1− Γ|c0xk |(1/k)

Γ(1/k)

⎞⎟⎟⎟⎟⎠when x < μ. (11)

(3) For the Log-Pearson 3 Distribution:
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α—continuous shape parameter (0 < α < +∞),
β—continuous scale parameter (β � 0),
γ—continuous location parameter.
The PDF, fLP(x), of the Log-Pearson 3 Distribution for its domain e ≤ x < +∞ when β < 0 and

e ≤ x < +∞when β ≥ 0, is defined as:

fLP(x) =
1(

x
∣∣∣β∣∣∣Γ(α))( lnx−γ

β

)α−1
e−(

lnx−γ
β ) (12)

The CDF, FLP(x), of the Log-Pearson 3 Distribution is defined as:

FLP(x) =
Γ(ln (x)−γ)/β(α)

Γ(α)
(13)

The data from Table 4, together with the expressions (1)–(4), imply the following statistical results,
given in Tables 5 and 6. In these tables, fGP(x), fE(x), and fLP(x), (FGP(x), FE(x), and FLP(x)) denote
the probability density functions of the best fitted Generalized Pareto, Error, and Log-Pearson 3
distributions (the cumulative distribution functions) for c1

d0
, respectively.

Table 5. The empirical values and the values of PDF for the three best fitted three-parameter distributions
for c1

d0
with respect to IBP.

IBP with Tcl = 4 Years

Lower Bound Upper Bound Empirical PDF of
c1

d0

fGP(x) fE(x) fLP(x)

0 0.00227 0.073 0.06681 0.08237 0.05704

0.00227 0.00454 0.187 0.18958 0.15123 0.18019

0.00454 0.00681 0.191 0.18092 0.18039 0.21897

0.00681 0.009079 0.155 0.17050 0.18290 0.19497

0.009079 0.011349 0.157 0.15752 0.17981 0.14648

0.011349 0.013619 0.161 0.13914 0.14778 0.09680

0.013619 0.015889 0.067 0.09552 0.06668 0.05684

0.015889 0.018159 0.006 0.00001 0.00870 0.02941

0.018159 0.020429 0.000 0 0.00014 0.01306

0.020429 0.022699 0.002 0 0 0.00474

Table 6. The empirical values and the values of cumulative density functions (CDF) for the three best
fitted distributions for c1

d0
with respect to IBP.

IBP Tcl = 4 Years

Lower Bound Upper Bound Empirical CDF of
c1

d0

FGP(x) FE(x) FLP(x)

0 0.00227 0.073 0.06681 0.08237 0.05704

0.00227 0.00454 0.260 0.25639 0.23360 0.23723

0.00454 0.00681 0.451 0.43731 0.41399 0.45620

0.00681 0.009079 0.606 0.60781 0.59689 0.65117

0.009079 0.011349 0.763 0.76533 0.77670 0.79765

0.011349 0.013619 0.924 0.90447 0.92448 0.89445

0.013619 0.015889 0.991 0.99999 0.99116 0.95129

0.015889 0.018159 0.997 1 0.99986 0.98070

0.018159 0.020429 0.999 1 1 0.99376

0.020429 0.022699 0.999 1 1 0.99850
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Figures 3 and 4 present the graphs of PDF and CDF of the three best fitted three-parameter
distributions of c1

d0
for IBP where Tcl = 4 years, as given in Table 4. Figure 5 shows the probability

difference graph of the three best fitted three-parameter distributions for c1

d0
for IBP where Tcl = 4 years.

The probability difference graph was formed in order to show the quality of the fitted distributions
by means of a comparison of the corresponding theoretical CDF and empirical CDF (see Figure 5).
Additionally, the probability difference graph enables a comparison of the goodness- of-fit of the three
best fitted distributions presented in Table 4. The graph in Figure 5 represents the difference between
the empirical CDF and theoretical CDF and illustrates the quality of the fitted distributions, bearing in
mind that the difference does not exceed the interval (−0.06,0.06).

Figure 3. The empirical PDF and the PDF of the three best fitted three-parameter distributions of c1

d0
for

IBP with Tcl = 4 years.

Figure 4. The empirical CDF and the CDF of the three best fitted three-parameter distributions of c1

d0
for IBP with Tcl = 4 years.
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Figure 5. The probability difference graph of the three best fitted three-parameter distributions of c1

d0
for IBP with Tcl = 4 years.

Furthermore, Figure 6 presents probability-probability (P-P) plots of the three best fitted
three-parameter distributions of c1

d0
for IBP where Tcl = 4 years given in Table 4. According to

Figure 6, it is evident that the Generalized Pareto, Error, and Log-Pearson 3 distributions properly
describe the tendencies of the empirical data since the deviations from the line shown in the graph
are negligible. On the basis of the linearity observed in Figure 6, it can be concluded that the three
theoretical distributions adequately shape all aspects of the empirical data including the location
and scope.

Figure 6. Probability-probability (P-P) plots of the three best fitted three-parameter distributions of c1

d0
for IBP with Tcl = 4 years.

Table 7 shows the statistical values and corresponding p-values in the case of the three best fitted
three-parameter distributions that were previously presented in Table 4. Since the three calculated
p-values are below the value chosen for the significance level (α), it is evident that the three theoretical
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distributions properly follow the empirical data. The same conclusion is still relevant for a lower
significance level (e.g., 0.02 or 0.01).

Table 7. Test statistical values for the best fitted three-parameter distributions.

Distribution Statistic p-Value

Gen. Pareto 0.03075 0.75958

Error 0.05153 0.16339

Log-Pearson 3 0.05805 0.08375

The second column of Table 8 shows the average values of the wear percentage of steel, which
were obtained on the basis of empirical data on the structural area of the IBP on the examined bulk

carriers that were 5, 10, 15, 20, and 25 years old. The equation d(t)
d0

= 0.00793523 (t− 4) was obtained

upon fitting a line based on these data. More precisely, the solution of the equation d(t)
d0

= 0.10 is

t = 16.602 years, while the solution of the equation d(t)
d0

= 0.15 is t = 22.903 years. These facts are

presented in Figure 7.

Table 8. Average values of d(t)
d0

for IBP.

Years d(t)

d0

5 0.0216986

10 0.0399617

15 0.104289

20 0.116896

25 0.166935

 

Figure 7. Estimates of d(t)
d0

for IBP as a function of t.

The key parameter of the estimation of the further exploitation of the structural area of bulk carriers
(bottom and side shell plating, deck plating, and inner bottom plating) is based on the percentage
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of the allowable wear of the entire structural area. Although particular cases of allowable wear of
inner bottom plates vary between 15% and 30% (depending on the ship size and classification society),
classification societies usually allow the wear of 10% for the entire structural area. In that regard,
the data presented in Figure 7 are in accordance with the values of wear percentage obtained for the
entire inner bottom area.

We conducted an additional analysis in order to verify whether (in statistical terms) it can be
confirmed that the proposed methodology follows the empirical data. It is well-known that the
expected value of the Generalized Pareto distribution is equal to (see Reference [28]):

E(GP) = μ+
σ

1− k
(14)

Bearing in mind the results presented in Table 4 and the previous formula, it can be concluded
that the mean of the best fitted three-parameter distribution of variable c1

d0
for IBP with Tcl = 4 years is

equal to E(GP) = 0.00704556.
In order to estimate the percentage values of corrosion p(t) (with t > 4 years) given by Equation (4),

we applied the usual statistical assumption that the mean value of c1

d0
is equal to its expected

value, i.e., for the General Pareto distribution of c1

d0
, its expected value is E(GP) = 0.00704556/year

Substituting this “probability approximation” into Equation (5), we found that:

p(t) =
d(t)

d0
=

c1

d0
(t− 4) ≈ E(GP)(t− 4) = 0.00704556(t− 4) (15)

and it follows that:

p(t) =
d(t)

d0
=

c1

d0
(t− 4) ≈ E(GP)(t− 4) = 0.00704556(t− 4) = 0.7046(t− 4)%. (16)

The numerical results given in Table 9 present the estimated values of p(t). These estimations
were obtained by applying Equation (16) and varying variable Tcl from 5 to 24 years.

Table 9. Estimated values of p(t) =
d(t)
d0

for IBP with Tcl > 4 years (expressed as a percentage) in

accordance with Equation (16).

Tcl p(t) Tcl p(t) Tcl p(t) Tcl p(t)

5 0.704556 10 4.22734 15 7.75012 20 11.2729

6 1.40911 11 4.93189 16 8.45467 21 11.9775

7 2.11367 12 5.63645 17 9.15923 22 12.682

8 2.81822 13 6.341 18 9.86378 23 13.3866

9 3.52278 14 7.04556 19 10.5683 24 14.0911

From Table 9, it can be seen that the calculated numerical values are very close to the related
empirical data presented in Figure 7. The correctness of the proposed methodology is confirmed by
this analysis and the fact that the numerical values follow the empirical data set well.

As can be seen from Figure 7, a linear curve intersects the value of 10% of the wear of the
structural area after 16.602 years while the value of 15% of the total wear is achieved after 22.903 years.
This proves that the corrosion processes on the inner bottom plates of fuel oil tanks are so intensive that
the entire structural area should be replaced after 16.602 years. Considering the fact that a projected life
expectancy of ships is between 20 and 25 years, the structural area examined in this paper and presented
in Figure 7 cannot withstand the projected life expectancy due to excessive corrosive processes.
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4. Conclusions

This paper is an extension of the authors’ investigations on the probabilistic corrosion rate
estimation model for inner bottom plates of bulk carriers. It has presented a probabilistic method
for estimating the percentage of corrosion depth on the inner bottom plates of a considered group of
aging bulk carriers. By applying the usual linear corrosion model, we have focused our attention on
a statistical approach toward estimating the ratio of the corrosion rate and the average initial inner
bottom plates thickness of considered bulk carriers. Motivated by several earlier investigations and the
fact that many factors influence the corrosion wastage of ship hull structures and are of an uncertain
nature, the previously defined ratio was considered as a continuous random variable.

Applying the Kolmogorov-Smirnov test at a significance level of 0.05, it was confirmed that,
of the three-parameter continuous distributions, the Generalized Pareto distribution, Error distribution,
and Log-Pearson 3 distribution were the best fitted distributions for the defined ratio. We have also
given related statistical, numerical, and graphical results. These numerical and graphical results show
that, in a statistical sense, the three best-fitted distributions for the defined ratio closely match the
corresponding empirical data and follow all of their important characteristics well. In particular,
the numerical results related to the Generalized Pareto distribution confirm the fact that the values
calculated for estimating the studied percentage of corrosion depth are very close to the corresponding
empirical data.

The proposed methodology clearly shows the dependence of the corrosion depth as a function of
time. This methodology based on statistical analysis allows us to determine the final limits of utilizing
the inner bottom plating of fuel oil tanks and to compare them with those defined by the rules of
classification societies.

The proposed statistical methodology could be applied for related investigations involving other
ship hull structure members of bulk carriers. Clearly, related statistical analysis can be performed for a
large class of two-parameter continuous distributions.
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11. Jurišić, P.; Parunov, J.; Garbatov, Y. Comparative analysis based on two nonlinear corrosion models commonly
used for prediction of structural degradation of oil tankers. Trans. FAMENA 2014, 38, 21–30.

12. Paik, J.K.; Lee, J.M.; Park, Y.I.; Hwang, J.S.; Kim, C.W. Time–variant ultimate longitudinal strength of corroded
bulk carriers. Mar. Struct. 2003, 16, 567–600. [CrossRef]

13. Paik, J.K.; Thayamballi, A.K.; Park, Y.I.; Hwang, J.S. A time-dependent corrosion wastage model for bulk
carrier structures. Int. J. Marit. Eng. 2003, 145 Pt A2, 61–87.
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Abstract: Extreme environments, such as marine environments, have negative impacts on welded
steel structures, causing corrosion, reduced structural integrity and, consequently, failures. That
is why it is necessary to perform an experimental research sea exposure effect on such structures
and materials. Research presented in this paper deals with the mechanical behavior of butt-welded
specimens made of AH36 shipbuilding steel when they are exposed to a natural marine environment
(water, seawater, sea splash) for prolonged periods (3, 6, 12, 24, and 36 months). The usual approach
to such research is to perform accelerated tests in a simulated laboratory environment. Here, relative
mass change due to corrosion over time is given along with calculated corrosion rates. Corroded
surfaces of specimens were inspected using optical and scanning electron microscopy and comparison,
based on the numbers and dimensions of the corrosion pits (diameter and depth) in the observed area.
As a result, it can be concluded that exposure between 3 and 6 months shows significant influence
on mass loss of specimens. Further, sea splash generally has the most negative impact on corrosion
rate due to the combined chemical and mechanical degradation of material. Pit density is the highest
at the base metal area of the specimen. The diameters of the corrosion pits grow over the time of
exposure as the pits coalesce and join. Pit depths are generally greatest in the heat affected zone area
of the specimen.

Keywords: marine environment effect; corrosion; pitting; AH 36 steel

1. Introduction

Structural integrity of marine steel structures can be greatly reduced by corrosive
environments in which they are set. Corrosion can be caused by outer (e.g., water, seawater,
sea atmosphere, tides) or inner factors (e.g., ballast water, fuel oil, aggressive cargo) [1,2].
Consequently, loss of structural integrity can lead to failure of steel structures. Marine
propulsion systems are generally susceptible to corrosion, leading to a series of possible
mechanical failures [3], which is why it is important to gain insight into their fracture be-
haviors, even if it is the case of marine shaft steels or marine exhaust steels with improved
corrosion resistance [4,5]. Damage of masts on the training vessel was caused by deficient
welds at the foundation of the masts [6] that accumulated water, enabled corrosion, and
reduced the integrity of the structure. A cargo ship [7] sunk due to corrosive influence
of the cargo where leaking acid accelerated corrosion of the floor panels, leading to fail-
ure. A numerical study showed that corrosion defects in pipelines significantly reduce
failure pressure, leading to pipe bursts [8]. Finite element analysis revealed that a barge
midship section can decrease for more than a third compared to its initial measure, due
to corrosion [9].
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Pitting corrosion can be considered one of the most damaging forms of corrosion.
Small holes, or pits, are caused by corrosive medium that attacks limited areas on the surface
of metal. Stochastic nature of pit distribution poses a threat to the integrity of corroded
steel structures. Thus, characterization and quantification of size and distribution of pits is
necessary to estimate the structural integrity loss. Different techniques, such as 3D profile
measurement [10], X-ray tomography [11], scanning electron microscopy [12] or white
light interferometry [13] can be used for such task. As for the effects of pitting corrosion
on the marine structures, a recent experimental study revealed that surface machining
considerable affects corrosion resistance of steel in seawater environments, even provoking
stress-corrosion cracking that has origins in corrosion pits [14]. Further, a study on pitting
corrosion resistance of the austenitic stainless steel welded joint revealed that the weld zone
is the most critical for pit initiation [15]. Moreover, localized pitting occurs in marine steel-
reinforced concrete structures at air-voids in concrete-steel interfaces, provoking further
corrosion [16]. In regards to corrosion of steel reinforcement in concrete, a comprehensive
model referencing field and laboratory observations, built into the bi-modal solution,
was developed [17]. Moreover, a comprehensive study with the aim of developing an
advanced technique to predict time-dependent damage caused by the corrosion of marine
structures was developed with a corrosion depth formulating as a function of time [18],
and a technique applied to determine damage of the ship ballast tank [19].

When dealing with steel welded joints exposed to a corrosive environment, the
problem of hydrogen embrittlement should be considered. It was found that cathodic
protection can lead to hydrogen embrittlement and that the welds are especially endan-
gered [20]. Moreover, there is a challenge in overcoming indirect environmental effects
on the quality of welded joints, in regards to the influence of the storage environment on
welding consumables [21].

Additionally, when trying to resolve a problem of corrosion propagation over time,
several authors proposed different models of time-variant or time-dependent corrosion
wastage models. Just by chronologically selecting the efforts made in the last two decades,
a mathematical model that provides statistical characteristics of corrosion wastage as a
function of time [22] can be emphasized. Further, a corrosion wastage model was proposed
based on a standard non-linear time dependent corrosion model modified by the effects
of the different environmental factors contained in the crude oil tank atmosphere [23] or
marine atmosphere [24]. As the statistical scatter of corrosion wastage is usually wide,
and the reliability of the model relies on it, a model with a formulated Weibull function
was developed to account that matter [25]. A similar approach was used to propose a
time-dependent pit depth corrosion model for sub-sea gas pipelines [26]. Application of a
time-dependent corrosion analysis was used to assess the corrosion impact on automotive
structures [27] as they are also prone to corrosion damage and failures [28]. As for the
corrosion wastage models for steel bars in concrete, effort was made to develop a model
that considers the effects of longitudinal cracking on the chloride and oxygen diffusion [29]
or integrate chemo–physical–mechanical, and electrochemical, modeling techniques in an
integrated framework [30].

Regarding previously performed studies of the marine environment’s effect on ship-
building steel corrosion, most of the research was performed in laboratory settings sim-
ulating real environments [31] in an accelerated manner [10]. Obviously, there is a lack
of long-term experiments in the natural environment [32] focused on the steel corrosion
effects. The results of usual laboratory experiments that are performed under controlled
conditions and in an accelerated manner prove useful, but they may not relate adequately
to the natural environment when investigating corrosion mechanisms [33].

Questions from previous findings served as motivation for the research presented
here. The goal of this research was to investigate the prolonged influences of different
types of marine environments on butt-welded AH36 steel. Results can be subsequently
used in the material selection stage of the structural design process.
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2. Materials and Methods

AH36 steel butt-welded specimens were exposed to a real marine environment (water,
seawater, sea splash) for prolonged periods (3, 6, 12, 24, and 36 months) in order to
determine the influence of these factors on corrosive behavior of such materials. Once
extracted, relative mass change of specimens due to corrosion over time was measured.
Results are presented in correlation to period of exposure and the type of environment.
Moreover, corrosion rates were calculated. Specimen surfaces were inspected using optical
and scanning electron microscopy and profilometry. Comparison, based on the numbers
and dimensions of corrosion pits in the observed area, is given for specimens exposed to
different environments and for different locations on specimens (base metal, heat affected
zone, weld metal).

2.1. Material

The presented research was performed on AH36 shipbuilding steel. It is a low-
alloy high-strength steel under ASTM A131 standard and a common choice for building
large commercial ships, bulk carriers, ferries, and marine and offshore structures, such as
pipelines, power plants, port facilities, and oil platforms in general [34]. Minimum yield
strength of AH36 should be 355 MPa, while ultimate tensile strength should be in the
490–620 MPa range at room temperature. The most conventional welding methods can be
used on AH36 as it has excellent weldability [35].

Chemical composition of tested steel is given in Table 1, along with equivalent carbon
content (CE) calculated according to [36]:

CEq = C +
Si
25

+
Mn + Cu

16
+

Ni
40

+
Cr
10

+
Mo
15

+
V
10

(1)

Table 1. Chemical composition of AH36 steel (wt %).

C Si Mn P S Cr Cu Al Ti V Mo Ni CEq

0.157 0.392 1.501 0.014 0.003 0.03 0.015 0.042 0.003 0.003 0.08 0.01 0.2763

2.2. Specimen Preparation and Marine Environment Exposure

In order to prepare specimens for the experiment, AH36 plates of 12 mm thickness
were first machined into 320 × 110 mm rectangular weld blanks, with one side prepared for
a single V-groove welded joint. Two blanks were welded with complete joint penetration
using the metal active gas (MAG) 136 welding technique. Other details regarding the
welding process were: 1.2 mm diameter of welding wire AWS 5.20: E71T-1C; C1 (100%
CO2) shielding gas; 15–18 L/min flow rate; Lincoln DC 400, LF 37 welding machine;
vertical up welding position; 4 passes; 140–150 A, 21–22 V root parameters, 190–200 A,
24–25 V finish parameters. Butt-welded specimens were cut out parallel to the rolling
direction of the plates using water jet technology, Figure 1.

Specimens were exposed to three different types of the environment, Figure 2:

• Tap water in laboratory;
• Seawater, 10 m below sea surface, location: the northern Adriatic, in front of the city

of Rijeka in Croatia;
• Sea splash, same geographical location, but with specimens at the sea surface exposed

to daily change of tides and splashing of waves.

Specimens were divided into 12 groups, each group containing five specimens, giving
a total of 60 specimens. A control group of specimens was kept at room atmosphere. Groups
of specimens were exposed to a corrosive environment for 3, 6, 12, 24, and 36 months.

Tap water at room temperature was changed daily to ensure that specimens were in
contact with fresh water. Specimens exposed in the sea were affected by changes of sea
temperature, salinity, and pH value. At the location of the experiment, sea temperature
varied between 10 ◦C and 14 ◦C annually, salinity changed between 37.8 and 38.3‰,
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while the pH value was between 8.22 and 8.29 [37]. After being exposed for 3, 6, 12, 24,
and 36 months, the specimens were retrieved from the corrosive environment. Corrosion
products were removed from the surface mechanically with a soft brush in running water;
specimens were washed with distilled water and dried at room temperature. The procedure
was chosen in order to not remove the base material, just corrosion products, but several
other procedures can also be applied [38].

 
Figure 1. Welded blanks with cut out specimens.

   
(a) (b) (c) 

Figure 2. Exposure of specimens to corrosive environment: (a) water, (b) seawater, (c) sea splash.
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2.3. Testing Procedures

Identical digital balance Ohaus 3000 was used before and after the exposure to weigh
the specimens in order to determine mass loss.

An 11 MP resolution Sony digital camera was used to obtain digital macro images
to investigate localized corrosion on the surface. An area of 200 mm2 (10 mm × 20 mm)
was selected on the images to measure the number of corrosion points with ImageJ digital
image processing software.

Changes in surface morphology caused by localized corrosion were detected by
Olympus SZX10 stereo optical microscope. Moreover, the diameter of corrosion pits was
measured this way. Pit depth was measured by analogue Somet pit gauge with 0.01 mm
precision. Morphology of the corroded was studied using scanning electron microscope
(SEM) FEI Quanta 250.

3. Results

3.1. Mass Loss

Based on measured values before and after the exposure, the average percentage of
mass loss for a group of specimens exposed to different environments was calculated and
put in relation to exposure time; Figure 3. Along with measured data, dependency of
the average mass loss percentage on the exposure time is represented by approximation
curves connecting the experimental values. Additionally, coefficient of determination R2

is displayed.

Figure 3. Average percentage of mass loss (ML) for AH36 steel specimens exposed over time (t) to
air, water, seawater, and sea splash for 3, 6, 12, 24, and 36 months.

Average corrosion rate CR is calculated according to Equation (2) [39] and given in
Figure 4:

CR =
KW
ATD

[
mg

dm2day

]
, (2)

where constant K = 2.4 × 106·D, material density D = 7.8 kg/cm3, W = measured mass loss
[g], A = specimen area [cm2], T = time of exposure [h]. Corrosion rate describes the material
wastage caused by corrosion and it can help in assessing the remaining operational life of
material under the influence of the corrosive environment.

281



J. Mar. Sci. Eng. 2021, 9, 491

Figure 4. Average corrosion rate (CR) for AH36 steel specimens exposed over time (t) to air, water,
seawater, and sea splash for 3, 6, 12, 24, and 36 months.

3.2. Pit Density and Dimensions

Optical microscope was used to assess the corroded surface at three different areas of
specimens: base metal (BM), heat affected zone (HAZ), and weld metal (WM), Figure 5.
Visual tests were performed prior to cleaning the specimens, but due to heavily corroded
surfaces, priority was given to microscope observations that are presented here. Typical
images obtained by optical microscope are presented in Figure 6.

Figure 5. Areas of specimens observed by microscope: base metal—BM, heat affected zone—HAZ
and weld metal—WM.

In Table 2, the pit density obtained by processing digital images of corroded surfaces
is presented.

Values of mean pit diameters (d) obtained by optical microscopy along with mean pit
depths (h) obtained by measuring actual pit depths with pit depth gauge are presented in
Figure 7. Since every group of examined specimens consisted of five items, there was a
dissipation of results. Thus, error bars representing standard deviation are also given.

3.3. Corroded Surface Morphology

Scanning electron microscope (SEM) was used to assess the corroded surface at three
different areas of specimen: base metal (BM), heat affected zone (HAZ), and weld metal
(WM); Figure 5. Besides this technique, alternates were used by other authors, such as
roughness meters [40]. Typical images obtained by SEM are presented in Figure 8.
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(a) (b) (c) 

   

(d) (e) (f) 

Figure 6. Optical microscope images of specimens exposed to seawater at magnification of 32× for:
(a) BM, 6 months exposure; (b) HAZ, 6 mt.; (c) WM, 6 mt.; (d) BM, 12 mt.; (e) HAZ, 12 mt.; (f) WM, 12 mt.

Table 2. Pit density.

Environment: Water

Location: BM HAZ WM

Exposure Time
(months): 3 6 12 24 36 3 6 12 24 36 3 6 12 24 36

Pit density (10 mm−2): 3 ± 1 4 ± 1 5 ± 1 4 ± 1 5 ± 1 2 ± 1 3 ± 1 5 ± 2 4 ± 1 5 ± 1 2 ± 1 2 ± 1 3 ± 1 3 ± 1 4 ± 1

Environment: Seawater

Location: BM HAZ WM

Exposure Time
(months): 3 6 12 24 36 3 6 12 24 36 3 6 12 24 36

Pit Density (10 mm−2): 6 ± 1 9 ± 3 6 ± 2 5 ± 2 5 ± 1 2 ± 1 3 ± 1 3 ± 1 2 ± 1 2 ± 2 4 ± 1 7 ± 2 6 ± 2 6 ± 1 5 ± 1

Environment: Sea splash

Location: BM HAZ WM

Exposure Time
(months): 3 6 12 24 36 3 6 12 24 36 3 6 12 24 36

Pit Density (10 mm−2): 4 ± 1 6 ± 2 6 ± 2 5 ± 1 5 ± 1 3 ± 2 5 ± 2 5 ± 2 4 ± 1 5 ± 1 2 ± 1 4 ± 1 3 ± 1 3 ± 1 2 ± 1

(a) 

Figure 7. Cont.
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(b) 

(c) 

Figure 7. Values of average pit depth (h) and pit diameter (d) of specimens over exposed time (t).
(a) water, (b) sea water, (c) sea tide.

 
(a) 

 
(b) 

Figure 8. SEM images at magnification of 200×, 400×, and 800× for BM specimen area exposed for
6 months to: (a) sea water, (b) sea splash.
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4. Discussion

Percentage of mass loss for specimens exposed to different corrosive environments,
Figure 3, shows that the significant mass loss occurs after the three-month exposure period.
Up to three months, mass loss is negligible. After a six-month exposure period, there is
a gain in mass loss, but the rate at which it occurs is somewhat alleviated. This can be
contributed to the formation of a protective rust layer on the surface of the metal [41].
However, taking into account the whole 36-month period, one can observe significant
mass loss, reaching more than 15% of initial mass. The greatest effect on mass loss was the
exposure to sea splash, contributing to combined influence of the corrosive environment
(sea) and mechanical loads (splash) [2]. Equations on approximation curves, Figure 3, can
help in assessing the mass loss for steel AH36 over the exposure time.

Consistent with previous data, the highest impact on corrosion rate can be observed
between the third and sixth month of exposure; Figure 4. Moreover, sea splash generally
has the most negative impact on the corrosion rate.

When comparing images of corroded surfaces obtained by optical microscope at three
different areas of the specimen exposed to seawater, Figure 6a–c, it can be noted that the
number of corrosion pits is highest at the BM area and lowest at the HAZ area. These
findings are consistent with pit density values presented in Table 2 and in correlation with
previous findings of pit density in austenitic stainless steel welded joints [42].

When comparing images of specimens exposed to the same corrosive environment
for two periods (6 and 12 months), Figure 6a–c with Figure 6d–f, it can be noted that pits
tend to be larger at specimens exposed for longer periods. On the other hand, pit density
tends to be lower for longer periods; Table 2. This is due to fact that pits grow in time and
coalesce, making them larger in size, but smaller in number [43].

When assessing a localized corrosion attack, measured pit depth tends to be a better
indicator than mass loss. Mean pit depths obtained experimentally, Figure 7, show that
the most severe pitting occurs during the first six months of exposure to a corrosive
environment. After that, the rate of pit depth growth slows. Moreover, the greatest values
of pit depths are measured in the heat-affected zone of the specimens, followed by base
material and weld metal. When comparing influence of different corrosive environments,
the most negative impact on the surface of the metal has a combined influence of sea and
waves (sea splash).

SEM images at three different magnifications (200×, 400×, 800×) for BM of specimens
exposed for 6 months to seawater and sea splash, Figure 8, show differences in the shape of
the pits at the corroded surfaces. Pits for the metal exposed to the sea have clear and sharp
edges, while ones at the metal exposed to the continuous influence of waves have round
and smooth edges. These types of smoothed pits present a lower risk of evolving into
cracks that could cause failure of a structure [44]. However, generally, greater dimensions
of pits at specimens exposed to sea splash than seawater, Figure 8, annulated this fact and
bought significant risk of structural integrity loss to the steel structure exposed to the tides.

As for the future direction of the research, it would be useful to study the change
of mechanical properties of steel exposed to different types of marine environments for
prolonged periods, and to compare them to properties determined at room temperature.
Research was conducted on similar steel, various temperatures, and types of environ-
ments [45–47], but further investigations that are carried out for prolonged periods of
exposure, real marine environments, and welded joints could shed additional light on this
interesting topic. An educated guess would be that a marine environment could adversely
impact the mechanical properties of the steel. Moreover, insight into the change of me-
chanical properties, due to the change of ambient temperature, would be helpful. Further,
the types of experimental data presented in this paper could prove useful in building a
numerical model of steel specimen [48] with stochastically distributed corrosion pits over
it, performing numerical design optimization [49]. Although there were studies on that
matter [10], they did not consider material dissimilarities over BM, HAZ, and WM.
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5. Conclusions

To avoid failures, and to help in the preparation of inspection procedures [50], the
study of surface conditions of butt-welded specimens made of AH36 shipbuilding steel,
exposed to a corrosive marine environment, is presented here. Studying previous similar
investigations by other authors, this research has several specific characteristics that need
to be emphasized:

• Material was exposed to a natural corrosive environment, which was not the
case for most of the previous research studies based in laboratory experiments
in simulated environments.

• Exposure to a corrosive environment was performed for prolonged periods, contrary
to usual accelerated laboratory tests.

• Findings can be summarized as:
• Exposure between three and six months shows significant influence on mass loss

of specimens.
• Sea splash generally has the most negative impact on the corrosion rate due to com-

bined chemical and mechanical degradation of material.
• Pit density is the highest at the BM area of the specimen and lowest at the HAZ area

of the specimen.
• The diameter of corrosion pits grows over the time of exposure as the pits coalesce

and join.
• Sea splash impacts the shape of the pits, making them rounder and smoother com-

pared to specimens exposed to the sea.
• Pit depths grow fastest during the first six months of exposure to a corrosive environ-

ment; after that, the rate of growth tends to slow down.
• Pit depths are generally greatest in the HAZ area of the specimen, followed by BM

and WM.
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